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PREFACE 


The  Army  Symposium  on  Solid  Mechanics,  1980  was  the  seventh  in  a 
series  of  biennial  meetings  sponsored  by  the  Army  Materials  and  Mechanics 
Research  Center  (AMMRC)  in  Watertown,  Massachusetts.  A  Work- In- Progress 
Session(s)  has  been  incorporated  into  these  conferences  since  1974 
(called  Ongoing  Case  Studies  Session  at  the  1978  meeting) .  These  sessions 
are  comprised  of  a  series  of  brief  presentations  and  discussions  of 
current,  but  not  necessarily  complete,  research  relating  to  the  theme  of 
the  meeting.  Abstracts  of  these  presentations  are  published  in  a 
companion  document  to  the  regular  proceedings;  those  presented  at  this 
1980  symposium  are  published  in  AMMRC  MS  80-5,  dated  September  1980. 
Addresses  presented  during  the  opening  session  of  this  symposium  are 
published  in  another  companion  document:  AMMRC  MS  80-6  dated  September 
1980.  The  transactions  of  earlier  symposia  are  listed  on  page  ii  of 
this  document. 

Participation  in  these  symposia  has  broadened  with  time.  Starting 
with  the  1972  meeting,  papers  have  been  solicited  from  in-house  and  con¬ 
tract  researchers  and  designers  for  the  Navy,  Air  Force  and  other  govern¬ 
ment  agencios,  in  addition  to  those  for  the  Army.  The  symposium  committee 
has  been  expanded  several  times;  its  current  membership  is  as  shown  on 
page  iii.  These  expansions  were  made  in  recognition  of  the  fact  that  many 
mechanics  research  and/or  design  problems  are  not  unique  to  a  single  ser¬ 
vice  or  government  agency. 

Essentially,  these  symposia  ure  a  vohiclo  for  enhancing  the  respon¬ 
siveness  of  mechanics  research  efforts  for  the  design  of  advanced  military 
systems.  They  also  facilitate  communications  and  coordination  between  and 
among  researchers  and  designers  having  common  military  theme  interests, 
whether  they  work  for  a  government  service  or  agency,  industry,  or  at  some 
university  or  research  institute. 

No  endeavor  of  the  magnitude  of  this  1980  symposium  could  have  been 
successfully  conducted  without  the  enthusiastic  cooperation  and  support  of 
many  individuals  and  organisations.  We  greutfully  acknowledge: 

The  many  authors,  participants  and  session  chairmen  who  made  this 
conference  such  a  success. 

The  manuscript  reviewers  from  universities,  industry  and  government 
organ! cat ions,  for  their  diligence  in  carrying  out  a  thankless  task. 

Max  Williams,  Dean  of  Engineering,  University  of  Pittsburgh,  who 
delivered  a  very  interesting  and  relevant  keynote  address  on  "Coping  With 
Extremes  for  Structural  Performance." 

And  finally,  the  clerical  staff  of  the  Mechanics  and  Engineering 
Laboratory  and  the  Technical  Reports  Office  of  ANMRC  for  their  unflagging 
efforts  in  the  preparation  and  printing  of  numerous  symposium  materials. 
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THE  F-16  AND  DAMAGE  TOLERANCE 


Larz  M.  Smith,  Manager 
Structures  Technology 

General  Dynamics  Corp. 

Fort  Worth  Division 
Fort  Worth,  Texas 

ABSTRACT 

The  General  Dynamics/USAF  F-16  multirole  fighter  plane  is  one  of  the 
first  military  aircraft  designed  from  its  inception  to  the  new  damage 
tolerance  specifications.  The  selection  of  materials  and  stress  levels  were 
affected  by  these  requirements  and  are  described.  The  selection  of 
specific  alloys  of  aluminum  was  predicated  on  a  series  of  tests  which  are 
discussed.  The  importance  of  realistic  cyclic  loadings  in  crack  growth 
testing  along  with  environmental  exposure  is  explained.  This  program 
demonstrated  that  fracture  approach  to  design  is  not  only  feasible  but 
practical  and  resulted  in  a  durable,  safe  airframe. 

INTRODUCTION 

The  General  Dynamics/USAF  F-16  multirole  fighter  is  the  newest  atui 
most  maneuverable  of  the  new  generation  warplanes.  It  is  also  one  of  the 
first  to  be  designed  to  damage  tolerance  requirements  from  its  inception 
and  to  be  certified  by  successful  structural  testing. 

Hie  extreme  maneuver  factor  coupled  with  a  severe  usage  and  prolonged 
service  life  requirement  provided  a  challenging  design  task.  This  task  was 
additionally  complicated  by  weight  and  performance  requirements  as  well  as 
cost  considerations. 

Essentially,  the  F-16  is  an  aluminum  alloy  airplane.  This  material  was 
selected  for  both  its  efficiency  and  its  relatively  low  cost  in  comparison  to 
other  high  strength  materials.  The  particular  alloy  and  temper  of  aluminum 
was  selected  by  part  size,  toughness,  crack  growth  characteristics,  and 
corrosion  resistance.  Aluminum  comprises  about  60S  of  the  airframe  structur¬ 
al  weight  and  is  used  for  all  primary  structure  except  a  few  fittings. 

The  structure  is  conventional  semi-monocoque  design  with  simple  straight¬ 
forward  arrangement.  The  fuselage  has  multiple  bulkheads  and  frames  with  few 
longerons.  The  wing  is  multiple  spar  with  few  ribs  or  stiffeners.  The  arrang 
meat  and  materials  used  are  shown  in  Figure  1. 
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F-16  STRUCTURAL  ARRANGEMENT  AND  MATERIALS 


FUSELAGE  SKINS— 
2024-T62 

{Omitted  for  Clarity) 
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BULKHEADS 
2124-TB51  & 
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EMPENNAGE  SKINS  - 
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m. 


MATERIAL  TYPES  BY  HEIGHT 

ALUMINUM . 78.X 

STEEL . . . 10. 5X 

TITANIUM . 1.6X 

COMPOSITES . 2.7X 

OTHER . E.9X 


-  7175-7736  FORGING 
V.T.  ATTACH  FITTINGS 


/  \  V 

WING-LOWER  SKIN-^-- 

7476-T73S1  ^ 

j  '  nnm\T 


7475-T705I 


WING  ROOT  FITTINGS 
7475-T351  PLATE 


. 6A1-4V  Titanium  (BA) 
H.T.  Pivot  Shalt 


-7175-T73S4 
BHO  FORGING 


FRACTURE 

CONTROLLED  MATERIALS 

L-T  TOUGHNESS 

ALLOYS 

Knl  (In.)'1 

2124-TB51 

24 

7475-T7351 

100  (.800  Pl.) 

7475-T73S1 

38  01.01  PL) 

HY  180 

>1R0 

6AL-4V  (BA) 

80 

The  requirements  were  based  on  MIL- STD-15 30,  MIL-A-83444  and  MIL- A-  -■ 
008866A  and  were  spelled  out  in  detail  in  the  F-16  Aircraft  Structural 
Integrity  Program  Report,  (ASIP  document).  The  durability  and  damage 
tolerance  analyses  were  required  to  be  accomplished  on  a  fracture  or  crack 
growth  basis. 

The  damage  tolerance  requirement  is  to  provide  safety  in  flight.  This 
requires  (1)  the  assumption  that  critical  parts  contain  a  major  initial 
(manufactured)  flaw,  assumed  to  be  undetected*,  (2)  then  be  cycled  (or  flown.) 
for  two  complete  design  lifetimes  with  the  flaw  (crack)  allowed  to  grow;  and 
(3)  after  two  lifetimes  to  withstand  the  maximum  load  ever  expected  in  actual 
service  to  demonstrate  that  the  crack  had  not  reached  critical  length. 


The  durability  (fatigue)  requirement  is  to  provide  long  life  with  mini¬ 
mized  maintenance  or  repair.  It  requires  critical  parts  to  contain  small,  un 
detected  manufacturing  defects  which  arc  permitted  to  grow  but  must  not 
cause  functional  Impairment  within  one  lifetime.  This  effectively  requires 
that  a  crack  shall  not  grow  out  from  under  the  heud  of  a  fastener  or  through 
a  skin,  since  a  fuel  leak  is  defined  as  "functional  impairment." 
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Thus,  it  was  necessary  to  determine  the  type,  size,  orientation, 
location  and  characteristics  of  flaws  in  F-16  structural  parts.  These  were 
influenced  by  our  nondestructive  inspection  methods  and  capabilities,  the 
form  of  construction  and  operating  stress  levels. 

Basically,  the  F-16  flaw  requirements  are  of  two  types;  bolt  hole 
corner  flaws  and  surface  flaws.  The  sizes  are  shown  in  Table  I  and 
requirements  in  Figure  II. 


TABLE  I 


REQUIREMENT 

TYPE  FLAW 

DURABILITY 

DAMAGE  TOLERANCE 

SURFACE 

.01" 

.10"  TO  .25" 

BOLT  HOLE 

.005" 

.05" 

F-16  FATIGUE  AND  FRACTURE  CRITERIA 


•  BASED  ON  MIL-STD-1530,  MIL-A-008866A  AND  MIL-A-83444 

•  NO  FUNCTIONAL  IMPAIRMENT  WITHIN  ONE  (1)  SERVICE  LIFETIME 

•  USEFUL  ECONOMIC  LIFE  MUST  EXCEED  ONE  (1)  SERVICE  LIFETIME 

•  DAMAGE  TOLERANCE  REQUIREMENTS; 


•  "ASSUMED  FLAWS"  WILL  NOT  GROW  TO  CRITICAL  LENGTH  IN  TWO  LIFETIMES 


— i 

•m  . . . t—  0.10"  TO  0.25" 

SURFACE  FLAWS  |  ! 

7  UliriiNUiNli  ON  rl.OVliN 
[  NDI  CAPABILITY 

\ 

1  L— _ _ _ flOMNIift  Ft. Alt 

i  r 

BOLT  HOLE  FLAWS  ^ 

> 

r 

« . ksau : 

l  RESIDUAL  STRENGTH  REQUIREMENT  AFTER  TWO  LIFETIMES  PER  MIL-A-83444 
EXCEPT  LOADS  NEED  NOT  EXCEED  OPERATIONAL  CAPABILITY  OF  AIRPLANE. 

FIGURE  IX 

S 
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One  very  significant  requirement  was  the  design  life  and  type  of  usage. 
The  great  maneuverability  of  the  F-16  resulted  in  a  severe  usage  spectrum  with 
regard  to  both  the  high  "g"  (load  factor)  levels  and  frequency  of  occurrence. 
The  air-to-air  combat  mission  was  increased  to  five  times  as  many  occurrences 
as  required  by  MIL  Spec.  This  was  further  aggravated  by  the  15  year  and 
8,000  flight  hour  life  designated  for  the  F-16.  The  development  of  this 
spectrum  was  significant  for  both  analysis  and  testing.  For  crack  growth 
reasons  it  had  to  be  as  realistic  as  possible  and  was  required  for  both  small 
specimen  testing  as  well  as  the  full-scale  testing.  It  should  be  noted  that 
the  fracture  requirement  dictates  a  randomized  spectrum  for  high  and  low  load 
occurrences.  The  old  style  block  spectrum  is  not  satisfactory  for  crack 
growth  considerations.  Details  are  shown  in  Table  II. 

TABLE  II  REPEATED  LOADS  SPECTRUM  DEVELOPMENT 

LOADS  SPECTRUM  ELEMENTS; 

•  8000  FLIGHT  HOURS  -  15  YEARS 

•  5776  SORTIES 

•  12  MISSION  TYPES 

•  10  MISSION  SEGMENTS 

•  20  MACH-ALTITUDE  COMBINATIONS 

•  7  GROSS  WEIGHTS 

•  10  TYPES  OF  MANEUVERS 

•  1,059,188  FLIGHT  MANEUVERS  PRIOR  TO  FINAL  TRUNCATION  FOR  TESTING 

•  782,096  Positive  Nz  Maneuvers 

•  277,092  Negative  N^  Maneuvers 

•  6592  LANDINGS 

•  MISSION  CATEGORIES 

55.52  Air-Air,  20.02  Air-Ground,  24.52  General 
SPECTRUM  CHARACTERISTICS; 

•  RANDOMIZED  QUANTITIES 

•  Sequence  of  500-Hour-Segraents 

•  Sequence  of  Maneuvers  Within  a  Sortie  Leg 

•  Sequence  of  Sortie  Leg  Maneuver  Spectra  Distributed  to  Each  Sortie 

•  DETERMINISTIC  QUANTITIES 

•  Sequence  of  Flights  Within  a  500-Hour-Scgmont 

•  Sequence  of  Mission  Segments  Within  s  Given  Flight 


} 


132  UNIQUE  SORTIE  LEGS 
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Due  to  the  limited  scope  of  this  discussion  and  the  fact  that  the  F-16  is 
essentially  an  "aluminum"  airplane,  the  remainder  of  this  presentation  will 
deal  with  the  fracture  analysis  and  crack  growth  characteristics  of  the 
aluminum  alloys  used  in  the  airframe  structure. 

The  fracture  requirements  caused  selection  of  materials  having  high 
toughness  or  slow  crack  growth,  or  both.  An  aluminum  alloy  screening 
program  was  established  utilizing  available  data  and  candidate  alloys 
were  further  screened  in  the  General  Dynamics  Laboratory.  The  alloys 
were  grouped  by  types  and  selection  made  for  each  application  such  as; 

(1)  sheet,  (2)  plate,  (3)  thick  plate,  (4)  extrusions,  and  (5)  forgings. 

Each  alloy  within  each  group  was  compared  for  both  strength  and  tough¬ 
ness.  Further,  a  critical  crack  length  was  calculated  for  the  F-16  projected 
thickness  and  stress  level.  See  Figure  III  for  an  example  of  comparisons. 
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FIGURE  III 

COMPARISON  OF  DESIGN  PROPERTIES 
ALUMINUM  ALLOYS  FOR  LOWER  WING  SKINS 
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Further  testing  was  then  conducted  on  one  or  two  leading  candidates  in 
each  group  to  evaluate  the  effects  of  various  exposures.  This  was  accomplish 
ed  by  da/dn  testing  (crack  growth  rate)  using  specimens  as  shown  in  Figure  IV 
for  exposure  to  high  humidity  and  sump  tank  water.  These  two  invironments 
were  selected  after  study  of  data  available  on  aluminum. 


It  was  found  that  one  of  the  most 
aggresive  fluids  experienced  was  the 
water  that  collects  in  the  bottom 
(sump)  of  the  integral  fuel  tanks. 

This  comes  from  condensation  within 
the  tanks  as  well  as  residue  pumped 
from  seagoing  tankers  and  truck 
tankers.  It  is  more  aggressive  be¬ 
cause  of  the  salts  that  collect. 
Chemists  have  characterized  the 
"worst"  of  this  water  that  has  been 
experienced  in  other  aircraft  and 
have  standardized  a  formula  for 
test  purposes  as  shown  in  Table  III. 

The  effects  of  these  exposures 
varied  with  the  different  alloys. 

The  data  used  to  analyze  a  given  part 
depended  on  its  location  and  thus  the 
more  critical  environment  it  experi¬ 
ences.  Many  parts  wove  critical 
for  sump  tank  water  or  high  humidity 
exposures.  Examples  arc  shown  in 
Figures  V  and  VI. 


COMPACT  TENSION 
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CENTER  CRACK 


FIGURE  IV 


TABLE  III 


SUMP  TANK  WATER 
(CHEMICAL  COMPOSITION) 

CaCl„ 

50  PPM 

CrCl3  .  6H,0 

1  PPM 

CdClj 

1000  PPM 

CuClj  .  2H20 

1  PPM 

MgCl2 

50  PPM 

FeCl 

5  PPM 

NuCl 

100  PPM 

MnCH  .  4110 

5  PPM 

ZnCl2 

10  PPM 

NiClj  .  Blip 

1  PPM 

Pbci2 

l  PPM 

Distilled  Water 

Balance 

mtSS  INTIMITY  HANOI,  AK,  bt/KST 

FIGURE  V 


mill  INTINSITY  HANOI,  AJC, 

FIGURE  VI 


Bused  on  the  test  data  and  cost  studies,  the  materials  shown  in  Table  IV 
were  selected.  The  larger  fuselage  bulkheads  were  machined  from  2124  plate 
because  7475  alloy  could  not  be  obtuinod  in  the  thickness  required.  Spectrum 
tests  were  then  conducted  on  parts  and  special  specimens. 

TABLE  IV 


TYPE  PART 

ALLOY /TEMPER 

FORM 

FUSE.  SKIN/FRAMES 

2024-T62 

SHEET 

FUSE.  BULKHEADS  (4"-6"t) 

2124-T851 

PLATE 

k 

WING  LOWER  SKIN  (ORIGINAL) 

7475-T7651 

PLATE 

i'- 

WING  UPPER  SKIN 

2024-T851 

PLATE 

£ 

WING  FITTINGS  (ORIGINAL) 

7175-T736 

FORGING 
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The  first  development  of  this  testing  was  rapid  crack  growth  in  the  7475- 
T7651  aluminum  alloy  plate  exposed  to  sump  tank  water.  This  was  in  spite  of 
our  screening  and  its  excellent  toughness. 

It  was  known  that  the  retardation  effect  under  spectrum  loading  is  often 
predicated  on  a  plastic  zone  at  the  crack  tip  that  results  from  high  load 
applications.  The  larger  the  zone  the  greater  the  ratardation  effect  (time  to 
grow  through  the  zone).  See  Figure  VII. 

This  led  to  the  idea  that  lowering  the  yield  strength  could  increase  the 
time  to  grow  to  critical  crack  length.  This  was  feasible  in  static  strength 
design  since  the  allowable  stress  had  been  held  considerably  below  F^  for 
fatigue  and  fracture  purposes.  The  7475-T7651  material  was  overaged  at  350° 

F  to  bring  it  to  7475-T7351.  (yield  lowered  from  71  KSI  nominal  to  61  KSI 
nominal.)  In  addition  to  the  effect  on  crack  tip  plasticity,  the  overaged 
condition  was  felt  to  have  increased  corrosion  resistance  in  the  agressive 
sump  tank  water  environment.  The  net  effect  of  this  somewhat  unique  "fix"  was 
quite  gratifying  as  shown  in  Figure  VIII.  All  large  plates  in  stock  were 
overaged  and  new  material  ordered  to  this  temper.  This  alloy  and  temper  is 
used  on  all  F-16  lower  wing  skins. 


CRACK  TIP  PLASTICITY  MODEL 


a  •  (0&TM1  KKNDIK  ON  SltfS  MU 

FIGURE  VII 
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7475  COMPARATIVE  TEST 


NUMBER  OF  500-HOUR  SEGMENTS 


FIGURE  VIII 


The  second  development  of  the  spectrum  testing  showed  that  the  use  of 
the  specification  required  initial  flaw  size  of  .25  in.  (surface  flaw) 
length  was  unduly  prohibitive  in  terras  of  lowered  stress  and  the  resulting 
increased  weight.  It  was  established  that  .10  inch  was  an  achievable  size 
to  detect  with  fluorescent  penetrant  inspection.  The  experimental  compari¬ 
son  is  as  shown  in  Figure  IX.  It  resulted  in  a  production  shop  demonstra¬ 
tion  program  to  prove  the  reliability  of  inspecting  material  Cot  u  .10 
inch  flaw  (crack)  with  90%  reliability  at  u  95%  confidence  level.  This 
demonstration  was  not  only  successfully  conducted  in  our  factory  but  in 
two  others  in  Europe. 
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It  should  be  noted  that 
initial  testing  was  on  7475- 
T7651  material.  It  took  both 
the  material  yield  decrease 
effect  and  the  reduced  initial 
flaw  size  to  uach  two  (2) 
lives  of  our  design  spectrum. 
The  result  was  to  bring  the 
.10"  surface  flaw  and  .05" 
bolt  hole  corner  flaw  into  a 
comparable  degree  of 
criticality. 

No  attempt  was  made  to 
reduce  the  bolt  hole  corner 
crack  initial  size  by  non¬ 
destructive  test  means.  We 
felt  that  it  was  too  ex¬ 
pensive  to  inspect  many 
hundreds  of  holes  per 
airplane  with  the  current 
NDI  techniques .  There¬ 
fore  we  accepted  the  specifi¬ 
cation  value  for  design  and 
require  only  visual  inspec¬ 
tion  of  holes. 


SURFACE  FLAW  SIZE  -  FIGURE  IX 


Additional  spectrum  testing  was  conducted  using  both  surface  flawed 
and  bolt  hole  flawed  specimens  (Figures  X  through  XII)  to  study  the  sonsitivity 
of  numerous  variables. 


CENTER  CRACK  SPEC IMEN 
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The  surface  flawed 
specimen  tests  were  con¬ 
ducted  on  various  thick¬ 
ness  and  width  plates 
similar  to  the  design 
shown  in  Figure  X. 

The  bolt  hole 
specimen  test  included 
variables  of  bolt  size, 
stress  level  and  bolt 
load  transfer  in 
addition  to  plate 
thickness.  The 
fixture  shown  in 
Figure  XI  was  unique 
for  this  type  testing 
but  was  extremely 
valuable  in  assur¬ 
ing  correct  bolt 
load  parameters  and 
in  assessing  their 
effects. 


Table  V  summarizes  much  of  the  testing  that  shows  comparison  of  the  2124 
and  7475  alloys.  The  7475  was  preferred  because  of  its  toughness  and  long 
critical  crack  length.  The  2124  alloy  was  used  for  machined  bulkheads  where 
thickness  exceeded  that  obtainable  in  7475.  This  was  acceptable  design  even 
though  the  2124  critical  crack  length  is  considerably  shorter  because  the 
2124  exhibited  quite  slow  crack  growth. 
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Some  of  the  other  comparisons  are  shown  in  Figures  XIII  through  XIX 


Comparison  of  Environmental  Exposures 
on  2124-T851  Aluminum 
Figure  XV 


Comparison  of  Environmental  Exposures 
on  2121-T8S1  Aluminum 
Figure  XVI 


Comparison  of  Rtivirouecntal  E*i>osurt*u 
ort  7475-T7351  AJuminua 
Figure*  SVUI 
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Comparison  of  Spectrum  Effects 
Figure  XIX 


The  final  analysis  of  each  critical  part  required  a  theoretical  analysis 
using  a  crack  growth  model  since  tests  could  not  be  conducted  typical  of  every 
part.  Also,  design  changes  occasionally  occurred  after  testing  and  the  final 
part  thickness  and  stress  level  changed. 

The  spectrum  crack  growth  analysis  was  conducted  on  a  cycle-by-cycle 
basis.  Damage  integration  calculations  were  performed  using  a  General 


=  Crack  Size  After  N  Cycles  of  Spectrum  Loading 
=  Assumed  Initial  Crack  Size 
Aa±  “  Growth  Increment 

du/dn  »  Crack  Growth  Per  Load  Cycle,  n,  Expressed  as  a  Function 
of  Z1  k,  (Crack  Growt.i  Rate) 

“  Stress  Intensity  Range  Defined  for  Each  Load  Half  Cycle 
(Minimum  to  Maximum)  in  The  Spectrum 

Thu  basic  da/dn  rate  is  generally  modified  for  spectrum  retardation 
effects  using  The  Wheeler  Retardation  Model.  Retardation  exponents  must  be 
established  empirically  through  correlation  of  crack  growth  tests.  The 
stress  intensity  Factor  (K)  relates  crack  geometry,  structural  geometry, 
and  applied  loading  to  local  crack  tip  stresses. 

The  stress  intensity  factor  was  selected  in  accordance  with  the  type 
of  flaw  geometry.  The  da/dn  rate  was  selected  for  the  most  severe  assumed 
environmental  exposure  experienced  by  the  particular  part.  An  example  of 
the  correlation  is  shown  in  Figure  XX.  It  should  be  noted  that  the  main 
variable  used  in  curve  fitting  was  The  Wheeler  Model  retardation 
exponent  m.  Thu  final  curve  uded  for  design  was  always  kept  to  the  left  or 
conservative  side  as  shown  in  Figure  XX, 
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The  F-16  damage  tolerance  analysis  and  test  program  showed  that  this 
approach  is  not  only  feasible  but  practical.  It  has  resulted  in  a  durable, 
rugged  structure  that  is  safe  and  economical  to  maintain.  The  impact  on 
weight  and  cost  was  kept  minimal  by  being  selective  of  parts  designated  "frac¬ 
ture  critical."  They  were  required  to  be  safety-of-f light  structural  parts 
designed  by  fracture  allowables.  In  the  F-16  design  these  were  held  to  82  parts 
per  airplane. 

In  designing  to  these  specifications  we  learned  that  the  single  most 
important  item  is  to  select  fracture  resistant  materials.  Secondly,  we  found 
it  necessary  to  test  with  realistic  spectrum  loadings  and  environments  on 
production  material  with  typical  processing  and  finish.  Lastly,  it  is  still 
necessary  to  use  good  design  practice  with  reasonable  stress  levels.  The  cost 
differential  for  fracture  requirements  is  not  known  precisely  but  is  felt  to  be 
small.  The  weight  penalty  was  less  than  1%  of  the  basic  flight  design  gross 
weight  which  is  used  in  establishing  performance. 

In  summary,  the  fracture  approach  yields  rugged,  safe  designs  but  requires 
engineering  Judgment  and  a  good  data  base  of  material  properties. 
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ABSTRACT 

This  paper  suimiarizes  recent  and  ongoing  Army  Armament  Research  and 
Development  Command  (ARRADCOM)  tests  for  the  development  of  design  criteria 
for  acceptor  structures  subjected  to  low-to-intermediate  range  external  blast 
pressures.  Test  procedures  and  results,  and  design  criteria  are  presented 
for  pre-engineered  buildings  (low  pressure  range)  and  for  structural  steel 
buildings  subjected  to  blast  loads  up  to  6-8  psi.  The  data  presented  in  this 
paper,  together  with  two  of  the  referenced  reports,  should  be  implemented  in 
the  blast-resistant  design  of  steel  structures  within  facilities  for 
manufacture  and  storage  of  explosive  materials. 
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INTRODUCTION 


Modern  day  Army  Ammunition  Plants  require  protection  for  facilities  and 
personnel  from  the  effects  of  an  accidental  explosion.  Most  previous  work  in 
this  field  has  concentrated  on  the  so-called  “close-in"  effects  where 
protection  was  provided  for  facilities  in  the  immediate  proximity  of  a 
potential  explosion.  However,  the  majority  of  the  affected  personnel  are 
located  in  adjacent  process  or  office  buildings  separated  at  either  intraline 
or  inhabited  building  distances.  Previous  designs  provided  little  or  no 
protection  for  these  personnel  from  the  results  of  damage  to  their  structure 
caused  by  an  explosion  in  an  adjacent  building. 

Therefore,  in  order  to  provide  protection  for  personnel  in  "neighboring" 
buildings,  ARRADCOM  has  untertaken  a  test  program  to  develop  criteria  for 
structural  steel  buildings  which  will  resist  the  effects  of  external  blast 
loads.  This  program  was  performed  in  two  phases.  The  first  phase  consisted 
of  tests  of  pre-engineered  structures  to  be  used  at  low  overpressure  levels 
corresponding  to  inhabited  building  distances  (ref.  1).  Phase  Two  consisted 
of  tests  of  strengthened  structural  steel  buildings  to  be  used  in  intraline 
distances.  Both  buildings  were  extensively  instrumented  to  record  applied 
blast  loads  as  well  as  structural  response  to  these  loads. 

This  paper  describes  the  series  of  blast  tests  performed  on  the 
pre-engineered  and  strengthened  steel  buildings  at  the  U.S.  Army  Dugway 
Proving  Ground,  Utah,  between  February  1977  and  June  1979.  The  behavior  of 
each  structure  is  described  and  the  recorded  damages  are  evaluated  and 
compared  with  those  predicted  by  the  methods  and  criteria  listed  in 
References  2  and  3. 


PRE-ENGINEERED  AND  STRENGTHENED  STEEL  BUILDINGS 


GENERAL 

In  the  design  of  steel  buildings  to  withstand  the  effects  of  High 
Explosive  (HE)  and  other  types  of  explosions,  standard  structural  members  can 
be  utilized  for  structures  located  in  pressure  ranges  of  10  psi  or  less. 
Standard  pre-engineered  buildings  which  are  normally  designed  to  resist  dead, 
wind,  seismic  and  other  conventional  loads  can,  with  some  modifications 
(particularly  when  ultimate  dynamic  strength  is  considered  and  inelastic 
deformations  are  permitted),  resist  relatively  large  blast  overpresssures. 

Significant  factors  in  the  evaluation  of  the  blast  capacity  of 
conventionally  designed  structures  include  the  difference  in  the  relative 
proportions  of  lateral  and  vertical  design  loads  for  conventional  structures, 
and  the  differences  in  the  dynamic  response  of  secondary  members  relative  to 
that  of  the  frames.  Quite  often,  it  has  been  found  that  for  blast-resistant 
designs,  the  capacity  of  the  frame  members  (in  the  case  of  the  pre-engineered 
structure  selected  for  conventional  loads)  greatly  surpasses  those  of  the 
supporting  members  (girts,  purlins)  and,  therefore,  modifications  will  be 
necessary. 

Hence,  in  order  to  verify  those  modifications  which  will  produce 
increased  capacity  in  both  structures  and  to  identify  unknown  shortcomings  of 
pre-engineered  and  strengthened  steel  buildings,  a  series  of  tests  were 
performed  at  Dugway  Proving  Ground.  Enough  tests  were  performed  on  both 
structures  such  that  a  qualitative  evaluation  of  the  buildings'  responses  to 
blast  loading  could  be  made. 

TEST  DESCRIPTION 

A  total  of  thirteen  tests,  each  utilizing  approximately  2,000  pounds  of 
nitro-carbo-nitrate,  were  performed  on  the  structures  -  six  tests  on  the 
pre-engineered  building  and  seven  on  the  specially  designed  steel  building. 
The  location  of  the  charge  during  each  test  depended  on  the  desired 
overpressure  at  the  building.  It  was  observed  during  the  first  few  tests 
that  the  actual  incident  overpressure  at  the  building  was  10  percent  lower 
than  the  anticipated  value  and,  consequently,  the  distance  was  appropriately 
reduced. 

Both  the  pre-engineered  building  (a  modified  version  of  the  STR4  Series 
produced  by  the  Star  Corporation)  and  the  strengthened  steel  building  had  the 
same  overall  dimensions;  namely,  80  ft  (24.4  m)  long  by  20  ft  (6.1  m)  wide  by 
12  ft  (3.7  in)  high.  The  pre-engineered  building  was  oriented  such  that  the 
long  side  of  the  structure  faced  the  explosion.  Its  walls  and  roof  consisted 
of  24-gage  cold-formed  metal  panels  having  a  static  yield  strength  of 
approximately  80,000  psi  (551,000  kPa).  Certain  modifications  were  made  to 
the  pre-engineered  structure.  These  included  increasing  the  number  of 
Z-shaped  girts  to  two  per  side.  The  sizes  of  both  the  panels  and  the  girts 
were  increased' from  26-  to  24-gage  and  from  8  in  (0,20  m)  by  3  in  (0.08  m)  by 
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0 . 0642  in  (1.63  mm)  to  9.75  in  (0.25  m)  by  4  in  (0.10  m)  by  0.13452  in  (3.42 
mm),  respectively.  The  sizes  of  the  purlins  were  also  increased  from  8  in 
(0.20  m)  by  3  in  (0.08  m)  by  0.0642  in  (1.63  mm)  to  8  in  (0.20  m)  by  3  in 
(0.08m)  by  0.0842  in  (2.13  mm).  Modifications  were  also  made  to  the 
foundation  (made  heavier  and  column  footings  tied  together  by  floor  slab)  to 
insure  that  any  resulting  structural  damage  would  occur  within  the  structural 
steel  portion. 

The  specially  designed  and  fabricated  columns,  girts,  beams,  girders  and 
purlins  of  the  strengthened  steel  building  were  wide  flanges  with  a  minimum 
static  yield  stress  of  36,000  psi  (248,000  kPa).  The  walls  and  roof  panels 
consisted  of  18-  and  20-gage  cold-formed  steel  panels  with  a  minimum  static 
yield  stress  of  approximately  33,000  psi  (227,500  kPa). 

Both  structures  were  subdivided  into  four  bays  in  the  longitudinal 
direction,  each  of  which  was  approximately  20  feet  (6.1  m)  wide.  The  primary 
structural  framework  in  the  transverse  direction  consisted  of  five  rigid 
frames,  except  in  the  pre-engineered  building  where  one  of  the  end-frames  was 
a  "post  and  beam"  setup.  This  type  of  frame  obtains  its  strength  to  resist 
sidesway  loads  by  its  interaction  with  the  wall  panels,  thereby  producing 
diaphragm  action. 

The  structures  were  extensively  instrumented  with  accelerometers, 
deflection,  pressure  and  strain  gages,  to  record  applied  blast  loads  as  well 
as .  structural  response  to  the  loads.  Figures  1  and  2  show  the  location  of 
the  charges  and  instrumentation  around  the  structures. 

TEST  RESULTS 

(A)  PRE-ENGINEERED  BUILDINGS 

Table  I  summarizes  the  pre-engineered  building  test  results,  including 
free-field  pressures;  frame,  girt  and  panel  displacements;  and  a  brief 
description  of  typical  damage  for  each  test. 

A  minimal  amount  of  damage  was  incurred  in  Test  1  (0.27  psi)  which 
consisted  primarily  of  the  enlargement  of  the  sidewall  panel  screw  holes 
along  the  panel  seams.  This  damage  was  attributed  primarily  to  the 
interaction  between  sidewall  frames  and  the  panels  which  served  as  diaphragms 
in  stiffening  the  frames  against  horizontal  motion,  thus  reducing  the 
sidesway  motion.  The  repeated  opening  and  closing  of  the  panel  seams  during 
the  test  (as  observed  through  motion  pictures  taken  from  the  structure's 
interior)  were  the  major  source  of  the  pressure  buildup  within  the  structure, 
as  recorded  by  Gages  P15  through  17. 

Similar  damage  was  incurred  in  Test  2  (0.56  psi).  In  addition  to  the 
roof,  small  permanent  yaps  were  formed  at  the  panel  seams  of  the  rear  wall. 
Screw  hole  enlargements  formed  in  the  first  test  were  further  enlarged. 
Although  the  locked  door  (resistance  to  opening  provided  solely  by  the  hinges 
and  striker)  opened  during  Test  2,  the  pressure  buildup  in  this  test  was  not 
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TABU  I.  SUMMARY  OK  PKE-EI 


BUILDINU  TEST  RESULTS 


DISPLACEMENT 


0.6  (lb. 2)  (1)  Enlargement  of  sidewall  panel 

screw  holes. 

(2)_ Small  gaps  between  screws  of  roof 
_ panel  seams. _ 

b  b  (1)  Further  enlargement  of  side  wall 

panel  screw  holes. 

(2)  Small  gaps  between  screws  of  backwall 
panel  seams. 

_ (3)  Door  opened  outward. _ _ 

1.1  (27. 9)  (1)  Bent  anchor  bolt. 

(2)  Front  wall  panel  kinked  along  lower 
girt  and  pulled  out  at  base  of  a  few 
points. 

(3)  Screw  head  pulled  through  front  wall 
panel  at  columns. 

(4)  Some  twisting  and  tearing  of  girt 
clip  angles. 

_ (6)  Door  opened  outward. _ 

2.4  (61. U)  (1)  Further  twisting  and  tearing  of  girt 

clip  angles. 

(2)  Shearing  of  some  girt  connection 
oolts  without  collapse. 

(3)  Twisting  of  girts. 

(4)  Front  wall  panel  anchorage  pulleJ 
out. 

(6)  Further  kinking  of  front  wall  panel. 
_ _ _ (b)  Plastic  deformations  of  girts. _ _ 

3.li  (yo.6)  (l)  Further  twisting  of  girts. 

(2)  Kinking  of  front  wall  panel  at  each 
girt  ami  between  girts. 

(3)  Front  wall  panel  anchorage  completely 
pul  led  out. 

(4)  Panel  screw  holos  pulled  through  at 
girts. 

(b)  Plastic  deformations  of  frame,  girts 
_ _ _  and  front  wal  I  paneU  _ 

70.3  (ldb.4)  (1)  Damage  to  front  wall  panel  and  girts 

similar  to  Test  b. 


(2)  Buckling  of  root  purlin  webs. 

(3)  Some  buckling  of  frame  girder  flange. 

(4)  Plastic  deformations  of  frame,  girts 
and  t ront  wall  panel . 


significantly  greater  than  that  of  Test  1.  The  door  did  not  open  in  the 
first  test.  This  is  a  further  indication  that  the  primary  source  of  pressure 
leakage  into  the  building  was  through  the  gaps  formed  at  the  seams. 

The  structural  damage  in  Test  3  (0.74  psi )  was  more  extensive.  The 
front  panel  buckled  at  points  where  it  was  supported  on  girts.  In  some 
places,  the  panel  was  slightly  disengaged  where  it  was  fastened,  to  the 
foundation.  This  damage  was  attributed  to  the  inadequacy  of  the  detail  used 
for  attaching  the  wall  panels  to  the  foundation  slab.  An  improved  detail 
using  steel  angles  attached  to  the  concrete  by  anchor  straps  is  required  for 
blast-resistant  design. 

The  major  structural  damage  which  occurred  in  Test  3  consisted  of  the 
bending  of  one  of  the  column  anchor  bolts  and  the  twisting  of  several  of  the 
girt  angle  connections  to  the  columnns.  The  twisting  is  attributed  to  the 
panel  attachment  to  the  Z-shaped  girts  which  produced  eccentric  loads  on 
them. 


The  damage  that  occurred  in  Test  4  (1.04  psi)  was  similar  to  that  of  the 
previous  test  but  somewhat  more?, •.  severe.  The  increased  loading  produced 
tearing  of  several  of  the  girt  angle  connections  to  the  columns  as  well  as 
failure  of  several  of  the  girt  connection  bolts.  Damage  to  the  blastwall 
panels  was  more  severe,  especially  in  those  areas  damaged  in  the  previous 
test. 


The  resulting  damage  in  Test  5  was  somewhat  similar  to  that  in  the 
previous  tests.  Further  twisting  of  the  girts  occurred.  Some  enlargement 
of  bolt  holes  at  several  girt /column  connection  occurred  where  high-strength 
bolts  had  been  used.  Permanent  def.ormations  of  the  main  frames,  girts  and 
paneling  were  observed.  j 

The  damage  incurred  In  Test  6  was  essentially  the  same  as  that  which 
occurred  in  Test  5.  However,  the  major  damage  occurred  to  the  rear  side  of 
the  building  which,  in  this  test,  was  the  blastward  side.  Permanent  frame 
deflections  produced  in  prior  tests  were  reduced  in  this  test. 

(B)  STRENGTHENED  STEEL  BUILDING 

Table  II  sunmarizes  the  strengthened  steel  building  test  results, 
including  the  free-field  pressures;  center,  end,  longitudinal  frames,  girt 
and  panel  displacements;  and  a  brief  description  of  typical  damage  for  each 
test. 


Tests  Nos.  1  and  2  were  left  out  of  Table  II  because  of  failure  of  th^ 
measuring  instruments  during  both  tests.  However,  the  only  damage  observed 
during  Test  2  was  a  crack  that  appeared  at  the  concrete  base  around  Column 
A3. 


A  minimal  amount  of  damage  was  incurred  in  Test  3  (3.2  psi).  The 
overlapping  panel  joints  were  opened  approximately  3/8  inch  half  way  between 
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TABlt  II.  SuMmARY  Of  STRLKGTlithtl)  STECL  iiUILblhu  TtST  KLSUL15 


PEAK  HORIZONTAL  DISPLACEMENT 


FKEE-FIELI 

!  PKtSSUKE 

ar 

V— 

<-> 

FRAME 

GIRT* 

PANliL 

Test 

NO* 

PSi 

(kPa) 

in 

(inn) 

in 

(nm) 

in 

(inn) 

DAMAGE 

3 

3.30 

(22.06) 

1.29 

(32.0) 

2.01 

(51.1) 

1.65 

(41.9) 

(1) 

Overlapping  panel  joints  on  blastward 
wall  wore  opened  3/d  in  (0.96  cm) 
halfway  between  Frames  2  and  3. 

1.66 

(41.9) 

(2) 

Three  foundation  mounting  screws  at 
the  panel  joints  at  Frames  3  and  4 
were  pulled  out. 

(3) 

Slight  web  crippling  at  the  center 
girt  near  center  frame. 

4 

3.b 

(24.13) 

1.67 

(39.9) 

0.79 

(20.1) 

2.96 

(76.2) 

U) 

Panels  were  torn  loose  from 

2.55 

(2) 

foundation  on  blastward  wall. 

Roof  panels  buckled  between  twu 

(64. b) 

(3) 

purl i ns . 

The  concrete  at  the  4-inch  anyle  iron 

foundation  connection  showed  movement 
at  the  angle. 

t> 

b. 31 

(36.01) 

0.97 

(24.0) 

2.34 

(69.4) 

6.60 

(107.6) 

(1) 

Web  crippling  in  wall  panels  on 

Wall  6  by  lower  girt. 

2.32 

(6b. 9) 

(2) 

Panels  on  Wall  A  opened  at  seams. 

JiL 

duckling  of  roof  panels. 

b 

b./9 

(4b. bZ) 

1.13 

(2b. 7) 

2.6b 

(64, b) 

7.5b 

(192.6) 

U) 

Web  crippling  in  wall  5  at  foundation 
joint,  and  the  ower  and  middle  girts. 

2.41 

(61.2) 

(*) 

Minor  web  crippling  at  the  girt 
connecting  bat  sections. 

Column  2A  showed  three  broken 

(2) 

foundation  bolts,  examination 
proved  that  two  of  tnose  were 
improperly  installed. 

7 

4.31 

(29.03) 

1.29 

(32. b) 

2.06 

(92.1) 

l.ai 

(46.0) 

(1) 

Wall  U  was  ripped  loose  from 
foundation, 

3.69 

(93.7) 

81 

web  erippl iny  in  wal  i  I). 

Roof  flashing  removed  between 

Frames  2  and  4. 

‘Absoluts  displacements  of  girts  are  listed  bore.  Rotative  displacements  are  obtained  by  subtracting  displacement  of 
girt  at  column  from  displacement. 
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Frames  2  and  3.  In  some  places,  the  panel  was  slightly  disengaged  where  it 
was  fastened  to  the  foundation  and  girts.  Gage  D13  recorded  a  displacement 
of  1.78  inches  which  corresponded  to  a  rotation  of  the  supports  of 
approximately  4  degrees.  This  value  is  greater  than  the  reusable  criteria  of 
0.9  degree  for  a  cold-formed  member.  The  damage  is  attributed  to  the 

connection  detail  at  the  foundation  and  its  effect  is  to  relieve  the  loading 
on  the  panel,  thereby  reducing  its  deflection.  Slight  web  crippling  was  also 
observed  at  the  center  girt  near  the  column. 

More  extensive  damage  was  apparent  in  Test  4  (3.5  psi).  The  blastward 
panels  were  torn  loose  from  points  where  they  were  supported  at  the 

foundation  and  girts.  The  roof  panels  buckled  under  the  increased  loading  at 
points  between  purlins  near  the  blastward  wall  (Wall  A). 

The  resulting  damage  in  Test  5  (5.31  psi)  was  similar  to  that  in  the 
previous  test.  However,  damage  was  now  incurred  in  one  of  the  sidewalls 
(Wall  5).  Some  web  crippling  was  also  apparent  in  the  wall  panels  in  Wall  5 
near  the  lower  girt  and  the  buckling  in  the  roof  panels  between  the  first  two 
purlins  (observed  in  Test  4)  increased. 

Repairs,  as  in  other  tests,  were  done  to  the  structure  before  Test  6 
(6.79  psi).  Damage  to  Wall  5  was  more  severe  than  the  previous  test;  this 
included  web  crippling  at  the  foundation  joint,  and  the  lower  and  middle  girt 

for  the  full  width.  Some  web  crippling  was  also  observed  in  the  upper  girt 

in  Wall  A. 

The  major  structural  damage  which  occurred  in  Test  6  consisted  of 
failure  of  some  of  the  foundation  bolts.  Examination  of  the  connections 
showed  that  two  bolts  were  properly  installed,  but  two  others  on  the  easterly 
side  were  <mproperly  installed  (cut-off  was  essentially  at  the  floor  wall) 
and  one  of  these  failed. 

The  foundation  bolts  that  failed  during  the  previous  test  were  repaired 
before  Test  7  (4.21  psi).  Almost  all  the  panels  in  Wall  B  between  Frames  2 
and  5  were  ripped  loose  from  the  lower  girt  and  foundation,  and  some  of  the 
panel  seams  opened  (Wall  B  was  the  blastward  wall  in  this  test).  Web 
crippling  was  apparent  on  all  girts  and  some  of  the  purlins  buckled  under  the 
blast  load.  Slight  damage  was  observed  in  the  wall  and  roof  panels;  this 
Included  missing  foundation  screws  at  the  panel  joints  in  Walls  1,  5  and  A. 

EVALUATION  OF  TEST  RESULTS 

This  section  discusses  the  test  results  on  both  structures  in  terms  of 
the  measured  deflection  responses  and  observed  damage  levels  of  the  main 
frames,  blastwall  girts  and  panels.  The  evaluation  of  these  results  on  the 
basis  of  dynamic  analyses  is  also  presented. 

Several  factors  affected  the  frames'  responses.  The  most  significant  of 
these  factors  was  found  to  be  the  negative  phase  of  the  pressure  loadings. 
Figures  3  and  4  present  plots  of  the  front  wall  pressure,  backwall  pressure 
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and  sidesway  displacement  versus  time  for  Test  3  (0.74  psi)  of  the 
pre-engineered  building  and  for  Test  3  (3.2  psi)  of  the  strengthened  steel 
structure.  It  is  seen  that  the  peak  reflected  pressure  on  the  front  walls  of 
both  structures  is  about  twice  the  incident  value,  as  expected.  However,  the 
peak  backwall  pressures  range  between  30  to  80  percent  of  the  incident 
pressures,  far  less  than  expected. 

The  displacement  curves  for  these  tests  show  the  sidesway  buildup  due  to 
the  loading,  followed  by  a  significant  negative  (rebound)  displacement,  and 
the  peak  positive  displacement  occurring  in  the  second  cycle  after  all  the 
blast  loading  was  off  the  structure.  This  behavior  can  be  explained  by  the 
phasing  of  the  blast  loading  as  follows:  the  first  peak  is  a  result  of  the 
net  positive  loading  on  the  building  walls  (front  wall  minus  rear  wall 
pressure).  As  the  frame  starts  to  rebound,  the  negative  pressure  on  the 
front  wall  and  the  positive  pressure  on  the  rear  are  both  acting  in  the  same 
direction  and  in  phase  with  the  rebound.  This  combination  of  events  produced 
a  peak  negative  displacement  which  is  greater  than  the  positive  displacement. 
A  second  positive  displacement,  which  is  greater  than  the  first  positive 
displacement,  is  produced  by  the  rebound  of  the  structure  from  the  negative 
displacement  combined  with  the  negative  phase  of  the  loading  on  the  rear 
walls.  At  higher  pressures,  the  negative  displacements  were  nearly  equal  to 
the  positive  displacement.  This  is  due  to  the  plastic  deformation  in  the 
frame. 

Other  factors  which  affected  the  frame  responses  of  both  structures 

were: 

.  the  buildup  of  internal  pressure,  resulting  primarily  from  leakage 
through  the  seams  of  the  panels,  and 

.  the  responses  of  the  secondary  members  (purlins,  girts,  wall  and 
roof  panels)  relative  to  those  of  the  frames. 

Through  a  series  of  dynamic  analyses  performed  on  the  frames,  using  the 
computer  program  titled  "Dynamic  Non-Linear  Frame  Analysis"  referred  to  as 
UYNFA  (ref.  4),  it  was  concluded  that  these  factors  had  some  Impact  on  the 
frame  responses  in  the  plastic  response  range.  In  the  case  of  the 
pre-engineered  building,  the  interior  pressures  had  a  greater  effect  on  the 
plastic  deformations  of  the  frame  members  than  on  the  overall  sidesway 
responses  of  the  frames.  This  appears  reasonable  when  one  considers  that  the 
plastic  deformations  in  the  frame  occur  in  local  bending  modes  of  the 
individual  members.  Since  these  modes  have  small  periods  of  vibration,  they 
are  extremely  sensitive  to  the  peak  pressure.  On  the  other  hand,  the 
sidesway  response  of  the  frame  is  low  frequency  in  nature  and,  therefore,  is 
more  dependent  on  the  total  impulse  of  the  loading  rather  than  on  the  peak 
pressure. 

The  pressure  gages,  located  in  the  interior  of  the  strengthened  steel 
building,  recorded  insignificant  pressure  levels  which  were,  on  the  average, 
only  16  percent  of  the  incident  pressures,  .compared  to  40  percent  for  the 


pre-engineered  structure.  Consequently,  no  analyses  were  done  to  determine 
the  extent  to  which  the  responses  of  the  frames  of  the  strengthened  steel 
building  were  affected. 

The  interaction  between  the  secondary  members  and  the  main  frames  was 
considered  in  the  dynamic  analyses  for  Tests  3  and  4  of  the  pre-engineered 
and  strengthened  steel  buildings,  respectively.  The  results  of  these 
analyses  are  given  in  Figures  5  and  6  in  terms  of  horizontal  sidesway  versus 
time  curves  for  the  center  frames.  The  curves  show  that  the  responses  of  the 
secondary  members  did  not  significantly  alter  the  first  half-cycle  of  the 
sidesway  response  of  the  center  frames.  However,  the  rebound  of  both  frames 
was  significantly  altered. 

In  the  case  of  the  pre-engineered  structure,  the  rebound  of  the  frame 
was  significantly  diminished  and  it  was  concluded  that  this  occurred  because 
of  the  large  amount  of  energy  absorbed  by  the  plastic  deformations  of  the 
girts.  The  remaining  energy  was  transferred  to  the  frame,  thereby  resulting 
in  elastic  rebound  of  the  frame.  However,  the  rebound  of  the  frame  of  the 
strengthened  steel  building  was  increased  due  to  the  fact  that  a  greater 
amount  of  energy  was  transferred  to  the  main  frame  than  was  absorbed  by  the 
secondary  members  during  deformations.  The  models  used  in  the  computer 
analyses  are  shown  in  Figures  7  and  8. 

The  ductility  ratios  and  rotations  associated  with  the  girt 
displacements  listed  in  Tables  I  and  II  have  been  compared  to  the  design 
criteria  presented  in  Reference  2  as  follows: 

1.  The  2.8  in  (0,0b4  m)  of  the  upper  girt  of  the  strengthened  steel 
building  in  Test  4  (3.8  in)  corresponds  to  a  roation  of  1.19 
degrees,  which  is  between  the  reusable  criteria  of  1  degree  arid 
non-reusable  criteria  of  3  degrees.  The  corresponding  ductility 
ratio  is  1.2b  based  on  an  elastic  deflection  of  2  In  (0.051  m). 

2.  The  4.8-in  (0.122-m)  deflection  for  Test  5  (1.2-psi  incident 
pressure)  of  the  pre-engineered  building  corresponds  to  a  ductility 
ratio  of  1.4  which  is  between  the  reusable  (1.25)  and  non-reusable 
(1.75)  criteria  values.  Here,  extensive  twisting  of  the  girts 
occurred,  which  would  render  the  member  non-reusable,  which  is 
consistent  with  sthe  actual  rotation  of  2.3  degrees  compared  to  the 
criteria  value  of  1.8  degrees. 

To  further  evaluate  the  girt  responses,  single  degree-of -freedom 
analyses  were  performed  for  the  actual  pressures  on  the  blastward  wall  that 
were  measured  for  Tests  3  and  4  of  the  pre-engineered  and  strengthened  steel 
buildings.  Comparisons  of  the  analytical  and  measured  girt  responses  for 
these  tests  are  given  in  Figures  9  and  10.  In  the  first  case  involving  the 
pre-enginecred  building,  the  computed  displacement  was  greater  than  the 
measured  value i  whereas  for  the  strengthened  steel  building,  the  reverse  was 
true.  The  discrepancies  between  the  measured  and  computed  girt  responses 
result  from: 
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Figure  5  Strenghtened  Steel  Building's  Genteo-. 

frame  side-sway  displacement  -  Test  and 
Analytical  results  for  Test  4 
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Figure  6  Pre-Engineered  Building  Center  frame 
sldesway  displacement  -  Test  and 
Analytical  results  for  Test  3 
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Figure  7  Basic  Frame  Model 
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Figure  8  Basic  Frame  Model  Including  Purlins 
and  Girts 
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Figure  9  Upper  Girt  Displacement 
Analytical  Results  for 
Engineered  Building) 


1.  The  pressure  buildup  inside  the  pre-engineered  building. 

2.  The  interaction  between  the  girt  and  frame  responses  and 

3.  The  effect  of  the  actual  yield  stress  of  the  material  used  to 
fabricate  the  girts.  The  actual  yield  stress  of  the  material  used 
for  the  girts  of  the  pre-engineered  structure  was  not  determined  by 
tensile  testing  and,  therefore,  the  analyses  were  based  on  the 
minimum  specified  yield  stresses  for  the  material  used  to  fabricate 
these  components  of  the  building.  In  the  case  of  the  strengthened 
steel  building,  the  actual  yield  stress  of  the  material  used  to 
fabricate  the  girt  was  used  in  the  single  degree-of-freedom 
analyses. 

The  peak  panel  displacements  of  the  pre-engineered  building  given  in 
Table  I  were  measured  relative  to  the  girts.  The  measurements  are  for  a 
section  of  panel  spanning  between  girts,  which  is  assumed  to  behave  more  or 
less  as  a  fixed-supported  beam.  On  the  basis  of  the  measured  response 
records  for  the  panel  and  post -shot  dynamic  analyses,  it  was  concluded  that 
the  panel  measurements  recorded  was  not  accurate.  This  was  attributed  to  the 
manner  in  which  the  panel  displacements  were  measured  (i.e.,  subtraction  of 
absolute  measurements  of  girt  and  panel  deflections),  the  high  frequency 
nature  of  the  panel  response  and  the  excessive  damage  to  the  panels  which 
made  correlation  between  measurements  and  analysis  possible. 

For  the  strengthened  steel  structure,  the  recorded  panel  displacements 
already  account  for  the  displacements  of  the  girts.  Based  upon  past 
experience  with  the  pre-engineered  building,  the  deflection  gages  were 
mounted  to  frames  which  were  attached  to  the  members  (purli/is  and  girts) 
supporting  the  panel.  Thus,  a  direct  measurement  of  panel  displacements  were 
obtained.  For  Trial  6,  the  4-foot  long  panel  (distance  between  girts)  showed 
a  7.6-inch  displacement  during  rebound.  This  corresponds  to  a  rotation  of  IB 
degrees,  which  is  far  greater  than  the  reusable  criteria  of  0.9  degree.  The 
opening  of  the  panel  seams  and  the  pull-out  of  several  screws  connecting  the 
panels  to  the  foundation  are  consistent  with  the  criteria.  The  effect  of 
this  was  to  relieve  the  load  of  the  panels.  Test  results  also  showed  the 
inadequacy  of  the  roof  panels.  Buckling  of  the  panels  was  evident  after  all 
the  tests.  A  displacement  of  1.87  inches  during  Test  7  (which  corresponds  to 
a  rotation  of  3.6  degrees)  and  the  raising  of  the  panels  at  their  seams  are 
consistent  with  the  reusable  criteria  of  0.9-degree  rotation. 
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COMPARISON  OF  THE  PRE-ENGINEERED  AND  STRENGTHENED  STEEL  BUILDINGS 


The  first  section  of  this  paper  dealt  with  the  test  performed  on  the  two 
steel  buildings.  The  tests  were  described  and  evaluated  for  each  structure, 
and  the  results  were  compared  to  the  design  criteria  presented  in  References 
2  and  3. 

To  further  understand  the  behavior  of  the  pre-engineered  and 
strengthened  steel  buildings,  and  to  pinpoint  the  similarities  and 
differences  in  their  responses  to  dynamic  (blast)  loads,  the  two  structures 
are  compared  in  this  section. 

The  overall  dimensions  of  the  structures  were  identical;  namely,  80  feet 
long  by  20  feet  wide  by  12  feet  high.  Both  structures  were  subjected  to 
several  tests  involving  the  detonation  of  2,000  pounds  of  nitro-carbo- 
nitrate  of  different  locations  around  the  buildings.  The  measuring  gages 
were  located  at  the  same  positions  on  the  structures  (except  for  the  interior 
pressure  gages  and  those  gages  monitoring  the  behavior  of  the  longitudinal 
frames),  thus  allowing  for  a  comparison  of  the  responses  of  the  two 
structures  to  blast  loads. 

MAIN  FRAMES 


A  typical  interior  rigid  frame  of  the  pre-engineered  building  comprised 
of  two  columns  and  a  girder  which  were  fabricated  of  place  stock  having  a 
minimum  static  yield  stress  of  50,000  psi.  The  center  (typical)  frame  of  the 
strengthened  steel  building  consisted  of  hot-rolled  W-shaped  members  with  a 
minimum  static  yield  stress  of  36,000  psi. 

The  responses  of  both  structures  to  normal  blast  waves  were  very 
similar;  namely,  a  positive  peak  displacement  followed  by  a  negative 
displacement,  as  the  wave  front  travelled  from  one  end  of  the  frame  to  the 
other.  Both  structures  showed  a  significant  (maximum)  sidesway  displacement 
after  all  the  loading  was  off  the  structures.  However,  at  higher  pressure 
levels  (peak  side-on  overpressures  of  approximately  1.3  psi),  some  plastic 
deformations  were  observed  In  the  columns,  girts  and  panels  of  the 
pre-engineered  building.  No  plastic  deformations  were  observed  in  the 
strengthened  steel  building,  although  buckling  of  the  wall  panels  occurred  in 
the  latter  tests. 

The  longitudinal  frames  could  not  be  compared  because  no  pressure  gages 
were  positioned  to  monitor  the  behavior  of  the  longitudinal  frame  of  the 
pre-engineered  building. 

SECONDARY  MEMBERS 


The  blastward  girts  of  the  pre-engineered  building  consisted  of  2-shaped 
members,  20  feet  long  and  an  ultimate  flexural  resistance  of  16.6  kips.  The 
outer  flanges  of  these  girts  were  securely  fastened  to  the  wall  panels, 
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whereas  the  inner  flanges  were  unbalanced.  This  resulted  in  greater 
deflections  of  the  girts  during  rebound  and,  consequently,  for  peak  side-on 
overpressures  as  low  as  0.74  psi,  the  clip  angles  connecting  the  girts  to  the 
columns  were  twisted.  As  the  peak  side-on  overpressure  increased,  the  girt 
connection  bolts  failed,  and  in  those  members  whose  connections  survived  the 
blast  loads,  plastic  deformation  was  apparent.  The  only  damage  to  the  girts 
of  the  strengthened  steel  building  was  slight  web  crippling  observed  after 
all  the  tests  (Pso  =  3.2  through  Pso  =  6.79). 

Test  results  showed  that  the  panels  in  both  structures  failed  at  higher 
pressure  levels.  Due  to  the  inadequate  connection  details  at  the  panel 
seams,  the  interior  pressure  levels  were  relatively  higher  in  the 
pre-engineered  building  than  in  the  steel  building.  Thus,  the  effects  of 
these  pressures  (interior)  were  more  significant  in  the  analyses  of  the  pre¬ 
engineered  building. 

In  the  evaluation  of  the  effects  of  the  secondary  member  displacements 
on  the  responses  of  the  frames,  it  was  observed  that  an  excellent  correlation 
of  the  first  half  cycle  of  the  sidesway  responses  of  both  structures  was 
obtained  between  analysis  using  the  basic  frame  model  and  that  using  the 
refined  model.  However,  during  the  rebound  phase,  analyses  showed  that  the 
center  frame  sidesway  displacement  (in  the  pre-engineered  building)  was  lower 
than  shown  in  the  test  results.  The  opposite  occurred  in  the  case  of  the 
strengthened  steel  building.  This  is  believed  to  have  occurred  because  a 
larger  amount  of  energy  was  absorbed  during  the  plastic  deformations  of  the 
girts  in  the  pre-engineered  building,  thus  reducing  the  effect  on  the  rebound 
of  the  frame. 

Since  no  gages  were  furnished  to  measure  the  responses  of  the  purlins  in 
the  pre-engineered  building,  no  comparison  could  be  made  for  these  secondary 
elements. 

The  ductility  ratio  for  the  columns  and  girders  of  the  pre-engineered 
building  approached  the  non-reusable  design  criteria  of  6  for  an  Incident 
pressure  of  1.0  psi  and  exceeded  it  as  the  pressure  increased  to  1.25  psi. 
The  girders  of  the  strengthened  steel  building  also  approached  the  criteria 
at  3.5-psi  side  on  overpressure  and  exceeded  the  limit  as  the  pressure 
increased  to  4.15  psi. 


CONCLUSIONS  AND  RLC0MMLNDAT10NS 


Based  upon  the  test  evaluations  presented  in  the  preceding  sections,  the 
following  comments  are  offered: 

1.  Use  of  pre-engineered  and  strengthened  steel  buildings  to  provide 
protection  at  overpressures  ranging  from  2.0  psi  to  about  6.79  psi 
are  practical. 
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2.  In  the  case  cf  the  pre-engineered  building,  some  modifications  will 
be  needed  to  insure  that  the  blast-resistant  capacity  of  the 
individual  structural  components  are  consistent. 

3.  Other  building  revisions  that  may  be  required  of  both  structures  to 
fully  develop  the  full  capacity  of  the  structure  include: 

a.  Provide  bigger  washers  or  provide  other  means  to  prevent  the 
heads  of  screws  from  pulling  through  the  metal. 

b.  Strengthen  the  connection  of  wall  panels  at  the  foundation. 

c.  Use  high-strength  bolts  and  increase  capacity  of  anchor  bolts 
to  be  consistent  with  the  blast  capacities  of  the  structures. 

d.  Increase  the  resistance  of  the  wall  panels  by  increasing  the 
size  of  the  cold-formed  panels. 

4.  Dynamic  analyses  to  evaluate  the  blast  resistance  of  the  main 
frames  and  secondary  members  (purlins  and  girts)  should  include  the 
following  effects: 

a.  The  negative  phase  of  the  blast  pressure. 

b.  The  interaction  between  the  responses  of  the  secondary  members 
and  the  frame  responses. 

5.  The  interaction  between  the  sheet  metal  panels  (siding  and  roofing) 
and  their  supporting  members  (girts  and  purlins)  should  be 
considered  in  evaluating  the  blast  resistance  of  panels  used  on 
pre-engineered  buildings. 
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ABSTRACT 


Preliminary  designs  of  two  new  Command,  Control,  and  Communications 
(C^)  shelters  for  the  tactical  battlefield  have  been  formulated.  The 
hostile  threats  accounted  for  in  the  designs  include  tactical  nuclear 
weapons,  fragmenting  conventional  munitions,  and  attacks  by  electronic 
warfare  equipment  and  by  chemical/biological  agents.  Inasmuch  as  the 
sequence  in  which  these  threats  may  be  employed  is  unknown,  various 
scenarios  were  considered.  The  conventional  design  requirements  stemming 
from  operational  and  ambient  environmental  conditions  (e.g.,  deployment, 
temperature  extremes,  etc.)  were  also  imposed.  The  designs  were  severely 
limited  in  weight  and  physical  dimensions  because  of  such  requirements 
as  transportability  on  standard  DOD  vehicles  and  efficient  usability  of 
inner  space  for  crew  and  a  variety  of  standardized  equipment.  This 
paper  discusses  the  various  expected  environments  and  loadings  and  the 
predicted  structural  behavior .  An  extensive  program  of  analysis  and 
testing  has  been  initiated  to  simulate  loadings  and  responses.  The 
planned  validations  include  specimen  tests,  and  model  and  full-scale 
simulated  tests  in  shock  tubes  and  in  the  field.  Currently  available 
results  from  this  program  and  results  from  earlier  efforts  which  form 
the  basis  of  the  preliminary  designs  are  presented.  Design  trade-offs 
affecting  weight  and  cost  are  briefly  discussed.  Present  indicati  ns  are 
that  the  novel  wall  design  concepts  provide  a  viable  means  for  hardening 
shelters  but  at  the  expense  of  appreciable  weight  and  cost  penalties, 

INTRODUCTION 

Current  DOD  plans  call  for  HArdened  Tactical  Shelters  (HATS)  to 
complement  the  currently  operational  and  unhardened  S-280  and  S-250 
versions  (see  Figures  1  and  2).  These  command,  control,  and  communications 
shelters  must  survive  under  the  "most  severe  situations"  that  can  be 
associated  with  a  number  of  hostile  threats  including  nuclear  weapons, 
fragmenting  conventional  munitions  (hereafter  referred  to  as  conventional 
weapons),  and  attacks  by  chemiccl/biological  <CB)  agents  and  radiation 
from  electronic  warfare  equipment.  Thus,  the  new  designs  must  strive 
towards  a  degree  of  hardening  compatible  with  the  military  specifications 
reflecting  the  anticipated  threat  levels  from  various  types  of  attack. 
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Three  important  further  stipulations  need  be  stated  to  point  out 
some  major  design  implications.  First,  the  most  severe  conditions 
should  be  considered  in  design.  Two  examples  illustrating  this  point 
are:  (i)  the  fragments  impinge  normally  into  the  shelter  walls,  and 
(ii)  the  shock  wave  propagation  is  such  that  it  results  in  the  largest 
and  most  damaging  loads.  Thus,  several  shock  directions  need  be  considered, 
since  different  directions  may  be  critical  for  different  shelter  structural 
components.  Secondly,  it  should  be  assumed  that  the  nuclear,  conventional 
warfare,  and  CB  threats  can  occur  in  all  possible  combinations  and 
sequences,  e.g. ,  a  CB  attack  preceding  or  following  a  nuclear  attack, 
a  conventional  warfare  prior  to  a  nuclear  attack,  etc.  (In  these  com¬ 
binations,  a  single  nuclear  encounter  may  be  assumed.)  Two  example 
implications  raised  by  this  point  are:  (i)  the  shelter  skins  may  be 
allowed  to  yield  but  they  shall  not  tear  following  a  nuclear  blast 
encounter,  to  preclude  entry  of  contaminants  from  a  subsequent  CB  attack, 
and  (ii)  the  fragments  from  conventional  warfare  (of  specified  size 
and  velocity)  shall  not  pierce  the  conducting  inner  shield,  to  preclude 
severe  degradation  in  shielding  provided  for  protection  against  electro¬ 
magnetic  pulse  (EMP),  electromagnetic  radiation  (EMR)  and  electromagnetic 
interference  (EMI).  Thirdly,  the  requirement  that  the  shelter  shall 
survive  to  allow  mission  completion  should  be  interpreted  as  follows: 

(i)  the  shelter  structure  shall  have  sufficient  strength  to  protect 
the  equipments  inside  so  that  they  would  remain  fully  operational  after 
attack(s),  and  (ii)  the  shelter  structure  shall  have  sufficient  rigidity 
to  limit  the  maximum  deflections  at  the  centers  of  the  wall  panels  to 
less  than  prespecified  levels  so  as  to  avoid  wall  impacts  with  equipment 
racks  placed  nearby.  Also,  the  permanent  deformations,  should  they 
result,  shall  not  impair  the  operation  of  equipment,  doors,  etc, 

With  the  threat  levels  given  in  quantitative  terms  later,  and  in 
view  of  the  brief  discussion  above,  it  should  be  apparent  that  the  design 
conditions  will  be  most  severe.  They  will  include  large  thermal  inputs 
coupled  with  high  dynamic  stresses  in  the  shelter  structure  (and  the 
Total  Environmental  Control  System  (TECS)  and  Modular  Collective 
Protection  Equipment  (MCFE)  mounted  on  the  shelter  to  provide  CB 
protection),  and  penetration  of  fragments  to  cause  structural  damage, 
and  component  damage  to  TECS  and  MCPE.  In  addition,  the  protection 
against  CB  agents  will  require  ducting,  ducHng  valves,  and  special 
finishes;  and  the  electrical  loads  induced  by  the  EMP  and  EMR  will  bu 
"large".  As  a  result  of  these  loadings  one  should  expect  the  shelter 
structure  and  the  TECS  and  MCPE  to  be  deformed  and  partially  penetrated, 
the  shelter-truck  combination  to  be  rotated  so  as  to  require  tie-downs 
to  prevent  overturning,  and  the  EMP/EMR/EMI  shield  to  be  highly  stressod. 

Some  of  the  needed  preliminary  work  has  been  completed  providing 
Initial  guidelines  for  the  hardened  designs.  During  the  past  several 
years,  the  U.S.  Army  Ballistic  Research  Laboratory  has  conducted 
analytical  and  experimental  investigations  to  assess  the  survivability 
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of  Electrical  Equipment  Shelters  under  simulated  tactical  combat  conditions. 
They  have  utilized  shelters  such  as  the  S-280  and  S-250  with  and  without 
certain  modifications.  Unmodified,  these  shelters  have  walls  of  sandwich 
construction  configured  with  aluminum  skins  and  interior  stiffeners,  and 
with  foam  cores.  The  unhardened  shelters  have  also  been  provided  with 
protection  from  EMI  by  insuring  electrical  continuity  in  the  aluminum 
skins,  conductive  sealants  where  needed,  conductive  gasketing  around 
doors,  and  conductive  honeycomb  barriers  on  apertures. 

In  the  analytical  investigations  referred  to  above,  the  shelter 
structural  elements  were  modeled  as  beams,  panels,  and  complete  shelters 
when  using  a  number  of  response  codes  such  as  NASTRAN,  ADINA,  DEPROP 
[1,2]  and  DEPROB  [1,2].  In  addition,  the  truck-shelter  combination  was 
modeled  by  the  TRUCK  code  [3]  to  determine  the  overturning  response  and 
tie-down  parameters.  The  complimentary  test  programs  involved  struc¬ 
tural  elements  and  shelter-truck  combinations  in  testing  machines,  shock 
tubes,  and  in  large  scale  high  explosive  (HE)  field  tests. 

The  full-scale  field  tests  were  conducted  during  the  DIAL  PACK 
[4,5,6],  MIXED  COMPANY  [7],  DICE  THROW  [8,9],  and  MISERS  BLUFF  [10] 
events.  In  all  cases,  the  shelter  was  placed  so  as  to  receive  the  shock 
head-on  to  either  its  roadside  or  curbside  wall.  In  DIAL  PACK,  some 
eight  shelters  were  set  on  the  ground,  anchored,  and  subjected  to  different 
overpressure  levels.  Some  of  the  shelters  were  empty,  while  the  others 
had  actual  racks  with  weights  simulating  various  equipment.  In  MIXED 
COMPANY,  twelve  empty  S-280  shelters  were  placed  on  the  ground  and 
anchored.  They  were  located  at  five  different  overpressure  levels. 

Various  types  and  degrees  of  hardening  were  tested,  with  some  shelters 
having  added  inside  and/or  outside  aluminum  skins,  and  other  with  I-beams 
placed  inside  and  backing  the  walls  hit  head-on  by  the  shock.  In  the 
DICE  THROW  event,  ten  S-280  and  S-250  shelters  with  operational  equip¬ 
ment  were  mounted  on  trucks;  and  again  they  were  exposed  at  different 
overpressure  levels.  Two  of  the  S-280  shelters  were  retrofitted  with 
Kevlar*  skin/aluminum  honeycomb  on  both  the  inner  and  outer  skins.  A 
different,  hardened  shelter  built  by  Brunswick  was  also  tested,  at 
around  the  6  psi  (41.4  kPa)  overpressure  level.  The  wall  panel  of  the 
latter  was  an  aluminum  skin/paper  honeycomb  sandwich  with  two  internal 
vertical  stiffeners.  In  the  MISERS  BLUFF  event,  four  additional  S-280’ s, 
fully  equipped  and  mounted  on  trucks,  were  tested  at  higher  but  different 
overpressure  levels.  Of  these,  one  standard  shelter  was  first  subjected 
to  a  thermal  pulse  (thus  simulating  for  the  first  time  the  thermal  pulse 
from  a  nuclear  burst,  a  simulation  lacking  in  other  HE  tests)  followed 
by  the  blast  wave  from  the  HE  burst.  With  another  one  of  these  shelters, 
a  Kevlar  layer  was  bonded  to  the  outer  skin;  but  this  shelter  was  exposed 
to  tlwi  blast  only.  One  drawback  in  all  the  field  tests  was  that  the 
positive  phase  durations  (and  thus  the  total  impulses)  were  loss  than  one 
would  get  in  nuclear  blast  encounters,  resulting  in  less  severe  over- 


*Kevlar  Is  a  registered  trademark  for  an  uramid  fiber  produced  by 
E.I.  DuPont  do  Nemours  and  Co.  (Inc.). 
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turning  conditions.  Nevertheless,  these  tests  have  verified  the  computed 
responses  from  the  TRUCK  code,  and  thus  provide  some  confidence  for 
future  analytical  predictions. 

Utilizing  this  background  and  results  from  tests  conducted  since 
(some  of  which  will  be  commented  on  later) ,  the  preliminary  designs  of 
the  hardened  C^-shelters  were  effected.  In  what  follows,  the  important 
design  aspects  are  covered.  Following  a  short  section  summarizing 
quantitatively  the  hardness-related  design  requirements,  one  of  the  two 
configurations  is  presented  along  with  discussions  related  to  the 
analytical  methods  and  test  results  used,  the  choice  of  materials,  the 
sizing,  etc.  The  configuration  covered  here  is  the  hardened  version  of 
the  S-280  shelter.  It  will  henceforth  be  designated  as  the  A-Shelter. 

The  design  of  the  S-250  shelter  (B-Shelter)  is  similar  and  the  differences 
will  be  discussed  briefly. 

HARDENED  SHELTER  DESIGNS 


Hardening-Related  Design  Requirements 

The  degree  of  hardening  to  be  provided  in  the  designs  must  be 
compatible  with  the  anticipated  threat  levels  which  may  be  specified 
quantitatively  as  follows: 

1.  Nuclear  Threat.  The  burst  is  of  moderate  yield  and  at  low 

altitude.  The  shelter  is  located  at  sea  level  and  at  a  range 
such  that: 

(i)  The  encounter  is  with  the  Mach  stem  of  the  reflected  (and 
traveling)  shock  wave,  with  the  shock  plane  perpendicular 
to  the  ground.  Thus,  the  material  (gust)  velocities 
behind  the  shock  are  horizontal.  Otherwise,  the  shock 
orientation  is  arbitrary,  requiring  consideration  in 
design  of  all  critical  azimuthal  directions, 

(ii)  At  the  location  of  the  shelter  the  peak  free-field  over¬ 
pressure  (just  behind  the  Mach  stem)  is  7.3  psi  (50.3  kPa) 
and  the  pressure  positive  phase  duration  is  1.0  second. 

(iii)  The  thermal  pulse  has  a  fluence  of  1.66  BTU/in^  (65  cal/cm^) 
and  is  deposited  in  the  2  seconds  before  shock  arrival. 

(iv)  The  associated  EMP  is  intensive  with  a  broad  frequency 
band  requiring  at  least  a  60  dB  attenuation  over  the  range 
0.15  MHz  to  18GHz,  and  even  an  80  dB  attenuation  in  the 
sub  range  0.20  MHz  to  1  MHz.  These  attenuation  figures 
reflect  the  combination  of  EMP,  EMR  (electromagnetic 
radiation,  see  requirement  under  electronic  warfare 
threat  below),  and  the  usual  EMI  shielding  (specified 
also  for  unhardened  shelters)  requirements. 


2.  Conventional  Warfare  Threat.  A  fragment  from  a  conventional 
weapon  weighing  60  grains  (3.9  g)  and  striking  normally  any 
shelter  wall  at  a  speed  of  1640  ft/s  (500  m/s)  shall  not 
perforate  the  wall,  i.e.,  there  shall  be  no  puncture  of  the 
electromagnetic  shield. 

3.  Electronic  Warfare  Threat.  The  shelter  shall  be  shielded  from 
the  electromagnetic  radiation  from  this  type  of  attack.  This 
requirement  has  been  combined  with  that  under  item  (iv)  of 
"Nuclear  Threat"  above. 

4.  Chemical/Biological  Threat.  Hardened  air  conditioning  and 
filter  units,  and  decontamination  vestibules  (i.e.,  hardened 
TECS  and  MCPE  units)  are  assumed  to  be  available.  Thus,  the 
main  shelter  design  tasks  associated  with  this  threat  are  to 
provide 

(i)  Proper  mountings  of  all  the  equipment, 

(ii)  Suitable  ducting  and  valves  for  proper  operation  of  air 
filtration  and  of  environmental  control  systems,  even 
during  the  positive  and  negative  phases  of  the  nuclear 
blast  field, 

.  (iii)  Sufficient  air  tightness  to  allow  positive  pressure 
method  of  collective  protection  for  CB  defense,  and 

(tv)  Exterior  surface  finishes  which  can  be  easily  decon- 
tamined  following  a  CB  attack. 

Other  Design  Requirements 

In  addition  to  the  hardening-related  requirements,  the  shelter 
designs  must  meet  appropriate  environmental  and  operational  requirements 
which  are  always  specified  in  the  MIL  SPECS  for  Electrical  Equipment 
Shelters  (and,  whenever  possible,  including  those  requirements  agreed 
upon  by  the  Joint  Committee  on  Tactical  Shelters,  JOCOTAS) .  Among  them 
are  those  dealing  with  transportability,  drop  and  railroad  humping 
tests,  operations  in  extreme  climates,  etc.  Two  specific  items  worthy 
of  note  here  arc  (i)  the  solar  load  in  a  hot  desert  operation  which 
results  in  outer  skin  temperatures  of  200°F  (93°C),  and  (ii)  the  require¬ 
ment  that  the  overall  shelter  heat  transfer  coefficient  be  kept  below 
0.35  BTU/hr  ft2°F  (0.171  eal/hr  cm2°C)  to  minimize  the  needed  air 
conditioning  capacities. 
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Limitations 


Because  of  air  and  truck  transportability  requirements,  it  is 
necessary  to  limit  the  exterior  dimensions  of  the  shelter;  and  in  order 
to  accommodate  existing  standard  equipments  and  the  crew,  the  inner 
dimensions  have  to  be  kept  at  specified  values  within  close  tolerances. 
Table  X  shows  the  dimension  specifications  for  the  A-Shelter.  With 
these  dimensions,  it  turns  out  that  the  maximum  allowable  wall  panel 
thickness  is  2.5  in  (6.35  cm). 

Table  I  -  A-Shelter  Dimension  Specifications 


Interior 

Exterior 

in  (cm) 

Maximum  in  (cm) 

Length 

138.0  +  1/8  (350.5  +  0.3) 

147.0  (373.4) 

Width 

81.5  +  1/8  (207.0  +  0.3) 

87.0  (221.0) 

Height 

77.0  +  1/8  (195.6  +  0.3) 

86.75  (220.3) 

Meeting  the  hardening-related  requirements  imposed  weight  and  cost 
penalties.  Every  effort  was  made  to  reduce  the  total  shelter  weight. 

The  specified  goal  was  to  maintain  it  to  within  2100  lbs  (953  kg),  i.e., 
some  700  lbs  (318  kg)  above  that  for  the  unhardened  S-280  C.  However, 
design  and  cost  factors  dictated  acceptance  of  weight  overruns  which, 
according  to  the  latest  weight  ledger,  may  amount  to  as  much  as  8  percent. 

Wall  Cross-Sectional  Design 


The  wall  cross-section  shown  in  Figure  3  is  the  one  eventually 
selected  among  several  candidate  configurations.  It  is  of  sandwich 
construction,  with  fairly  thick  inner  and  outer  skins  made  of  Kevlar 
laminates  and  spaced  by  a  honeycomb  core  and  Kevlar-based,  box-like 
pultrusion  stiffeners.  The  inner  Kevlar  skin  is  also  faced  with  a  thin 
aluminum  sheet  to  provide  the  enclosure  shielding  for  electromagnetic 
radiation  protection.  Besides  providing  thermal  shielding  and  to  some 
degree  insulation,  the  Kevlar  skins  arc  the  main  contributors  of  strength 
and  rigidity  for  carrying  the  blast-induced  bending  loads.  Much  lesser 
contributions  in  bending  strength  and  rigidity  are  expected  from  the 
aluminum  skin  and  the  stiffeners.  The  combination  of  the  honeycomb  core 
and  the  periodically-spaced  stiffeners  (at  the  same  longitudinal  locations 
as  in  S-280)  has  the  role  of  carrying  the  high  shear  loads  predicted 
for  the  blust  encounter  period.  Conservatively,  one  may  assume  that 
the  total  shear  is  carried  by  the  core  and  the  webs  of  the  box-shaped 
stiffeners.  (The  B-Sheltcr  has  similar  construction  except  that  the 
wall  and  core  thicknesses  are  1.75  in  (4.45  cm)  and  1.41  in  (3.58  cm), 
respectively . ) 


Kevlar  Laminate  Aluminum  Skin  Kraft  Paper  Honeycomb  Core 

0.16  in  (0.41  cm)  Thick  0.032  in  (0.081  cm)  Thick  2.16  in  (5.49  cm)  Deep 


Figure  3.  Wall  Section  at  Box  Stiffener  Location  for  A-Shelter 


The  Kevlar  cloth  plies  of  the  laminates  are  chosen  for  several 
reasons.  First,  they  afford  excellent  protection  against  fragmentations. 
Secondly,  they  have  higher  strength  to  weight  ratios  and  much  lower 
thermal  conductivity  than  aluminum.  And  finally,  through  charring  of 
a  small  fraction  of  the  outer  skin  thickness,  they  provide  shielding 
against  the  high  thermal  pulse  from  the  nuclear  burst.  Although  Kevlar 
type  29  plies  with  low  content  vinylester  or  similar  resins  would  have 
been  preferrable  from  the  viewpoint  of  fragmentation  protection,  the 
choice  in  this  design  is  to  use  Kevlar  type  49,  with  moderate  content 
(say  25-30  percent  by  weight)  epoxy  resin  in  order  to  achieve  the  strengths 
required  by  the  high  level  blast  loadings. 

As  to  the  core  material,  several  alternatives  were  considered, 
including  foams,  polycarbonate  forms  such  as  Norcore  and  Quadricorc,  and 
aluminum  and  non-metallic  honeycombs.  Because  of  the  high  shear  strengths 
needed,  the  expected  maximum  temperatures,  und  the  heat  conduction 
considerations,  the  only  type  of  core  deemed  acceptable  is  the  non- 
metallic  honeycomb.  With  regards  to  the  stiffeners,  the  Kevlar  pultrusions 
aru  preferred  (despite  their  high  costs)  over  aluminum  sections  because 
of  their  low  thermal  conductivity  (thus  avoiding  “hot  spots"  which  occur 
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with  aluminum  stiffeners  faced  with  thin  wood  thermal  barriers)  and 
their  close  matches  in  moduli  and  thermal  expansions  with  the  Kevlar 
skins.  On  the  negative  side,  it  is  recognized  that  the  shear  strengths 
of  the  pultrusions  (which  is  a  critical  factor  in  design)  are  only  about 
one  third  of  those  of  aluminum  requiring  thicker  webs  and  thus  weight 
penalties.  As  to  the  aluminum  electromagnetic  shield,  a  type  with 
moderate  to  high  strength  and  with  at  least  5  percent  ultimate  elongation 
is  deemed  adequate. 

Each  wall  (including  roof  and  floor)  is  made  of  a  single  panel,  i.e., 
no  seams  are  allowed.  The  six  walls  are  assembled  using  edge  and  three-way 
corner  treatments.  At  cross  sections  with  no  stiffeners,  the  arrangement 
is  as  shown  in  Figure  4.  At  locations  with  stiffeners,  the  "C"  and 
mushroom-shaped  edge  pultrusions  are  interrupted  to  allow  connection 
of  stiffeners  from  adjacent  panels  using  L-shaped  aluminum  inserts. 

The  stiffeners  thus  connected  form  frame-like  closed  rings.  The  three- 
way  corner  fittings  are  special  hefty  aluminum  castings  which  also  serve 
as  the  mounting  plates  for  the  lifting  and  towing  eye  assemblies. 

The  wall  cross-section  design  procedure  involved  essentially  the 
following  sequences  of  steps: 

(i)  Determination  of  the  required  Kevlar  skin  thicknesses,  based 
on  fragmentation  protection  considerations, 

(ii)  Determination  of  the  type  and  density  of  the  honeycomb  core 
and  the  sizing  of  the  stiffeners,  based  on  considerations  of 
required  shear  strengths. 

(lii)  Determination  of  the  required  aluminum  skin  thickness,  based 
on  EMP/EMR/EMI  protection  considerations. 

(iv)  Having  thus  established  the  sizings  of  the  various  components, 
checks  for  the  strength  and  rigidity  levels  of  the  wall  panels 
to  insure  structural  integrity  when  subjected  to  tho  blast- 
induced  bending  loads. 

(v)  Evaluation  of  the  thermal  characteristics  of  the  cross-section, 
especially  with  regards  to  thermal  conductivity  to  insure 
compliance  with  previously  noted  specifications. 

In  these  assessments,  the  roadside  (or  the  identical  curbside)  wall  was 
isolated  and  treated  as  a  single  panel  (or  a  segment  of  it  as  a  beam) 
with  clamped  or  simply-supported  boundaries  (with  no  translations  at 
the  boundaries) .  It  was  necessary  of  course  to  iterate  these  design 
steps  in  order  to  impose  certain  design  trade-offs  concerning  weight, 
cost,  strength,  etc.  In  what  follows,  these  design  steps  are  discussed 
individually  with  more  details,  along  with  relevant  "handbook  data"  and 
supporting  analysis  and  test  results. 
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50  in  (6.35  cm) 
Ref. 


Conductive 
Sealant  at.^ 
Mechanically-Fastened 
Seams 


Figure  4.  Wall  Panel  Edge  Assembly  for  A-Shelter 


Fragmentation  Protection.  Based  on  the  simple  method  suggested  by 
Reches  [11],  a  set  of  curves  was  prepared  which  defines  the  critical 
(normal)  impingement  velocity  versus  fragment  size  for  several  values 
of  the  Kevlar  skin  areal  density.  These  curves  are  according  to  the 
Johnson  equation  for  cylindrical  steel  fragments  with  L/D-l,  and  use 
certain  empirically  derived  constants  for  Kevlar  protection  which  are 
tabulated  by  Reches.  Assuming  a  skin  density  of  0.05  lbs/in3  (1.38  g/em3), 
these  curves  indicate  that  a  0.32  in  (0.81  cm)  total  Kevlar  thickness 
should  prove  sufficient  in  providing  the  protection  from  the  specified 
fragmentation  threat  (e.g.,  60  grain  (3.9  g)  impinging  normally  at 
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1640  ft/s  (500  m/s)).  Unfortunately,  it  turned  out  that  the  Reches 
results  apply  only  to  low  resin  content,  easily  delaminated,  low  density 
(0.037  lbs/in^  (1.02  g/cnr))  "flexible"  to  "semi-flexible"  Kevlar  laminates. 
Additional  experimental  data  from  industrial  sources  indicated  that  the 
0.32  in  (0.81  cm)  total  thickness  would  be  marginal  if  one  uses  "moderate" 
resin  content,  higher-density  (0.048  to  0.050  lbs/in3  (1.32  to  1.38  g/cm3j) 
"rigid"  Kevlar  skins  laminated  under  fairly  high  pressures.  (These 
rigid  Kevlar  skins  are  needed  for  reasons  of  strength.)  Some  recent 
tests  on  two  sandwich  specimens  (with  two  0.16  in  (0.41  cm)  Kevlar  skins 
and  a  total  thickness  of  2.5  in  (6.35  cm))  conducted  at  BRL  indicate 
this  to  be  the  case  as  shown  by  the  results  listed  in  Table  II. 


Table  II  -  Shelter  Panel  Fragmentation  Tests 


Test 

No* 

\\ 

5  ) 

6  ( 

7  (  ft 

8  f 


Impingement 
Velocity  (m/s) 

Impingement 

Yaw  Angle  (Deg)x 

Perforated 

Residual 
Velocity  (m/s) 

542 

1 

Yes 

234 

532 

6 

Yes 

240 

531 

2 

Yes 

230 

484 

0 

Yes 

60 

567 

6 

Yes 

226 

473 

3 

No 

- 

498 

18 

Yes 

114 

529 

0 

Yes 

152 

% 

^All  tests  with  60  grain  steel  cylinder,  L/D^l,  0.5  in.  gun  launched. 
.Specimen  1,  with  aluminum  skin  as  in  Figure  3,  with  paper  honeycomb  core, 
""specimen  2,  with  aluminum  skin  at  mid  thickness. 

x  From  a  direction  normal  to  the  panel,  i.e.,  normal  impingement  angle  «  0. 


The  specimens  were  not  built  specifically  for  these  tests.  They  were 
about  4  in  (10.2  cm)  wide  and  10  in  (25.4  cm)  long  and  cut  from  larger 
available  panels.  The  resin  type  and  content  by  weight  are  not  known. 
From  density  measurements,  it  appears  that  the  skins  were  "rigid",  dense 
(0.05  lbs/in  (1.38  g/cm3))  laminates.  The  guess  is  that  the  resin  was 
epoxy  with  the  resin  content  around  25—30  percent.  Because  of  the 
narrowness  of  the  specimens,  the  penetrations  may  have  been  enhanced  by 
edge  effects.  Although  most  of  these  tests  showed  penetration  at  speeds 
near  500  m/s,  those  closer  to  the  500  m/sec  condition  showed  low  resi¬ 
dual  velocity.  It  appears  possible  to  improve  the  situation  by  choosing 
a  superior  type  resin  and  adjusting  the  resin  ontent,  without  signi¬ 
ficant  sacrifices  in  strength.  With  further  tests  to  guide  such  trade¬ 
offs,  it  should  bo  possible  to  meet  the  fragmentation  protection  require¬ 
ment  (i.e.,  no  perforation  by  60  grain  fragments  arriving  ut  500  ra/s) 
with  a  total  Kevlar  skin  thickness  of  0.32  in  (0.81  cm).  A  conservative 
alternative  is  to  increase  the  total  skin  thickness;  but  this  would 
result  in  weight  and  cost  penalties  which  cannot  be  justified  at  this 
time,  pending  further  tests. 
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2.  Blast-Induced  Shear  Loads.  Consider  the  roadside  panel  which  has 
"unsupported"  dimensions  of  roughly  77  in  x  138  in  (195  cm  x  351  cm) . 

To  choose  and  size  the  honeycomb  core  and  the  stiffeners  (which  jointly 
sustain  the  shear  loads) ,  it  is  necessary  to  determine  the  maximum  shear 
load  during  the  specified  blast  encounter.  The  maximum  shear  occurs  at 
the  mid  point  of  the  longer  side  and  next  to  the  edges,  and  may  be 
estimated  in  the  following  manner.  With  a  7.3  psi  (50.3  kPa)  head-on 
shock,  the  peak  reflected  overpressure  is  17.5  psi  (120.7  kPa) .  Assuming 
no  attenuation  and  taking  a  dynamic  magnification  of  2.0,  the  equivalent 
uniform  static  loading  for  the  entire  panel  is  35  psi  (241.3  kPa) .  A 
vertical  strip  22  in  (55.9  cm)  wide  and  77  in  (195  cm)  long  taken  from 
the  center  of  this  panel  is  isolated  and  treated  as  a  beam.  (The  beam 
contains  one  pultrusion  stiffener  centered  as  in  Figure  3;  and  the  22  in 
width  is  chosen  since  it  represents  the  separation  between  stiffeners.) 

On  this  basis,  the  maximum  shear  load  amounts  to  about  29650  lbs  (131.9  kN) 
and  occurs  near  either  end  of  the  beam  regardless  of  the  edge  fixity 
condition.  For  the  cross-sectional  dimensions  indicated  in  Figure  3, 
and  with  due  account  to  the  difference  in  the  moduli  of  the  core  and  the 
stiffener,  it  is  estimated  through  an  approximate  analysis  that  about 
62  percent  of  this  load  is  carried  by  the  honeycomb  and  the  remainder  by 
the  stiffener.  Assuming  uniform  stresses  over  each  of  the  two  components, 
the  required  shear  strengths  turn  out  to  be  431  psi  (2.97  MPa)  and 
8670  psi  (59.8  MPa)  for  the  honeycomb  and  stiffener,  respectively.  The 
actual  maximum  shear  stress  values  are  expected  to  be  lower  than  the 
above  values  for  two  reasons:  (i)  The  Kevlar  skins  and  the  flanges  of 
the  stiffeners  carry  some  of  the  shear  loads,  and  they  have  been  neglected 
in  the  analysis;  (ii)  By  isolating  the  section  as  a  beam,  the  load 
carrying  capacity  of  the  plate  in  a  direction  transverse  to  the  beam  is 
also  neglected.  Based  on  some  charts  obtained  from  classical  theory  of 
isotropic  plates,  it  is  estimated  that  the  total  shear  load  of  29650  lbs 
should  be  reduced  by  a  factor  of  0.85.  (See  Hexcel  Design  Handbook  for 
Honeycomb  Sandwich  Structures  [12].)  If  this  0.85  factor  is  applied  to 
the  above  required  shear  strengths,  the  corresponding  revised  values 
would  become  364  psi  (2.52  MPa)  and  7370  psi  (50.8  MPa).  Consider  the 
use  of  a  Kraftpaper  honeycomb  (Hexcel  WRII)  as  the  core  material.  With 
a  proper  resin,  cell  size,  and  poper  thickness,  it  is  possible  to  obtain 
the  required  shear  strength  with  core  densities  of  6.8  lbs/ft^  (108.9  kg/ro-*) 
or  more.  From  extrapolation  of  available  data  from  Hexcel,  it  is  estimated 
that  the  plate  shear  strengths  of  a  6.8  lbs/ft^  WRII  honeycomb  core. 

2.16  in  (5.49  cm)  deep  and  at  room  temperature,  are  about  395  psi  (2.72  MPa) 
and  272  psi  (1.88  MPa)  in  the  ribbon  and  "long"  directions,  respectively. 
With  the  core  placed  so  that  the  ribbon  direction  is  parallel  to  the 
stiffener  (i.e.,  in  the  beam  direction),  this  weight  WRII  core  would  be 
adequate  provided  no  significant  deteriorations  in  strength  result  from 
elevated  temperatures.  It  is  known  that  WRII  strengths  deteriorate 
severely  when  subjected  to  temperatures  above  160°F  (82°C)  for  "long" 
periods,  i.e.,  several  minutes  or  longer  soak  times.  TTte  maximum 
temperature  in  the  core  under  the  solar  load  of  a  hot  desert  operation 
is  expected  to  be  in  the  range  of  150-17S°F  (66-79*0)  for  the  roof  but 


lower  for  the  side  walls.  With  no  thermal  pulse  from  a  nuclear  pulse, 
the  WRII  core  should  prove  acceptable.  With  the  thermal  pulse,  the 
maximum  core  temperature  is  expected  to  increase  by  some  10Q°F  (56°C) , 
raising  a  doubt  as  to  whether  the  WRII  would  fail  in  shear,  even  though 
the  soak  period  is  a  few  seconds.  In  the  other  hand,  the  blast-induced 
loads  are  also  of  short  durations;  and  some  recent  data  from  shock  tube 
tests  on  panels  with  WRII  honeycomb  cores  indicate  that  the  dynamic 
shear  strengths  of  these  cores  are  considerably  higher  than  their  static 
counterparts  given  earlier.  Based  on  these  discussions,  and  in  view  of 
its  much  lower  cost  (by  nearly  an  order  of  magnitude)  when  compared  with 
those  for  other  non-metallic  honeycombs,  the  WRII  is  accepted  at  this 
time  but  subject  to  further  extensive  tests. 

As  to  the  requirement  that  the  pultrusion  have  a  transverse  shear 
strength  of  7370  psi  (50.8  MPa),  no  difficulty  is  foreseen  in  achieving 
this  level  if  the  pultrusion  is  reinforced  with  Kevlar  and  uses  a 
suitable  type  and  amount  of  resin,  even  at  temperatures  as  high  as  250°F 
(121°C) .* 

3.  EMP/EMR/EMI  Protection.  The  aluminum  skins  from  all  six  wall 
panels  are  overlapped  (as  shown  in  the  edge  treatments,  Figure  4)  and 
form  an  ’’enclosed  box"  with  no  "gaps"  in  electrical  continuity.  With 
proper  grounding,  this  provides  levels  of  attenuation  (for  electric/uagnetlc 
fields  and  plane  waves)  which  meet  the  specifications  when  tested 
according  to  MIL-STD  285  procedures.  Mote  that  this  shield  is  purposely 
located  as  the  innermost  wall  layer  to  avoid  holes  resulting  from 
fragment  penetrations,  When  properly  bonded  (and  fastened  mechanically 
with  certain  precautions,  as  needed)  to  the  inner  Kevlar  skin,  it  also 
contributes,  although  to  a  much  lesser  degree  than  the  Kevlar  skins,  to 
the  bending  strength  and  stiffness  of  the  wall  section.  Utilizing  the 
analysis  technique  and  the  data  from  Caspi  [13],  it  is  estimated  that  a 
0.032  in  (0.081  cm)  aluminum  skin  will  prove  sufficient  for  obtaining 
the  specified  dB  levels  of  enclosure  shielding  at  all  frequencies  between 
0.15  MHz  and  18  GHz.  Aperture  shielding  such  as  at  exhaust  ducts,  RFI 
gasketing  at  doors,  conductive  sealants  at  mechanically-fastened  seams 
to  minimize  long-term  performance  degradation,  filtering  at  signal  entry 
panels,  etc.  present  other  aspects  of  EMP/EMR/EMI  shielding  which  were 
considered  in  the  design. 

The  use  of  e  single  enclosure  shield  has  been  questioned  end  is 
under  further  study  at  this  time.  The  main  objection  centers  around  the 
dissipation  of  the  high  currents  resulting  from  the  EMP.  It  is  conceivable 
that  these  high  currents  may  result  in  reradiations  into  the  Interior 
of  the  shelter  from  such  areas  as  the  seams  of  signal  entry  panels.  With 
special  procedures  developed  through  extensive  testing,  it  is  very  likely 
that  such  panels  can  be  mounted  so  as  to  eliminate  reradiations.  An 
alternative  is  to  provide  dual  shields  by  adding  &  second  and  electrically 
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Based  on  discussions  with  one  ol  the  major  pultrusion  manufacturers 


Pressure  Loading 


separated  aluminum  enclosure,  as  in  previous  designs.  However,  this 
would  impose  considerable  weight  and  cost  penalties  which  cannot  be 
justified  at  this  time. 

4*  Structural  States  in  Response  to  .the  Blast  Loadings.  Having  thus 
established  the  wall  cross-sectional/design,  the  question  remains  whether 
the  shelter  would  have  sufficient  strength  and  rigidity  to  withstand  the 
blast-induced  bending  loads.  For/  this  purpose,  somewhat  simplified 
dynamic  analyses  were  conducted  /to  predict  the  maximum  stresses  and 
deflections  for  the  largest  papil,  i.e.,  for  the  roadside  or  curbside 
wall.  A.  head-on  encounter  was  assumed  since  this  is  deemed  the  most 
critical  shock  orientation  based  on  past  experience.  The  time  and  spatial 
variations  in  the  loadings  Were  first  calculated  using  the  BLOCK  code  [14] 
(which  is  the  aerodynamic  Subroutine  in  the  updated  TRUCK  code) .  Rather 
than  accounting  for  the  spatial  variations,  it  was  deemed  simpler  and 
acceptable  for  present  purposes  to  assume  a  uniform,  averaged  loading. 

The  time  variation  of  t;his  uniform  loading,  shown  in  Figure  5,  was  then 

/ 

/ 


/ 

kPa  psi  f 


Figure  5.  Time  History  for  Uniform  Pressure  Loading  of  Wall  Panel 
for  7.3  pel  Head-on  Shock  Encounter 
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inputted  in  the  structural  response  codes  DEPROB  and  DEPROP.  Both 
of  these  codes  account  for  geometric  and  physical  nonlinearities,  i.e., 
membrane  stresses,  non-linear  stress-strain  relations,  but  omit  strain 
rate  effects.  Two  structural  models  were  considered.  With  the  much 
simpler  DEPROB,  a  22  in  (56  cm)  wide  segment,  80  in  (203  cm)  long  and 
backed  centrally  by  a  single  pultrusion  stiffener  (see  2  above)  ,  was 
taken  from  the  center  of  the  whole  panel  and  treated  as  an  isolated 
beam.  With  DEPROP,  the  entire  wall  panel  was  modeled  with  some  approxi¬ 
mations  which  were  required  to  include  stiffeners  along  with  the  multi¬ 
layered  skins.  Most  of  the  calculations  for  maximum  stresses  and 
deflections  were  effected  with  DEPROB.  A  few  check  calculations  were 
made  with  DEPROP  which  is  more  accurate  but  which  requires  computation 
times  an  order  of  magnitude  longer  than  those  with  DEPROB.  Whenever 
checked,  the  results  from  the  two  sets  of  calculations  showed  reasonable 
agreement.  Both  simply-supported  and  clamped  edge  conditions  were 
analyzed.  The  ends  were  assumed  fixed,  i.e.,  no  longitudinal  motions 
were  allowed,  and  the  compressive  edge  loads  imposed  by  adjacent  panels 
were  neglected.  Table  III  summarizes  the  results  from  the  beam  (DEPROB) 
analyses  for  the  final  configuration  as  shown  in  Figure  3. 

Table  III  -  Summary  of  Maximum  Structural  Responses  From  the  Beam 
Analysis  for  the  Final  Wall  Configuration 


Clamped 

Simply-Supported 

Edges 

Edges 

Peak  Tensile  Stress  in  Kevlar,  kpsi  (MPa) 

43  (296)* 

42  (290) f 

Peak  Compressive  Stress  in  Kevlar,  kpsi 

itit 

30  (207) 

11  <76)++ 

(mPa) 

Peak  Tensile  Strain  in  Aluminum,  % 

0.46x 

0,95X 

Peak  Compressive  Strain  in  Aluminum,  % 

0  .  70 301 

Negligible 

Peak  Displacement,  in  (cm) 

1.50  (3,81)x 

3.22  (8.18)x 

Time  of  Peak  Displacement,  msec 

5.0 

6.6 

it  irit 

, At  outer  skin,  clamped  edge  . .At  inner  skin,  clamped  edge 

'At  inner  skin,  center  span  T^At  outer  skin,  center  span 

xAt  center  span  xxAt  clamped  edge 

In  these  calculations,  two  linear  segments  approximated  the  elastic- 
plastic  behavior  of  the  aluminum  skin  with  the  maximum  stress  equal  to 
42  kpsi  (290  MPa).  Also,  the  Kevlar  laminates  were  assumed  to  have  a 
density  of  0.05  lbs/in^  (1.38  g/cnr*),  and  moduli  E*4.5  x  10®  psi 
(31000  MPa)  for  the  inner  skin  and  3.5  x  10^  psi  (24000  MPa)  for  the 
outer  skin.  (The  reduced  value  of  E  was  used  for  the  outer  skin  because 
of  the  expected  elevated  temperatures  there.) 
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Regardless  of  the  edge  conditions,  the  aluminum  skin  is  expected  to 
yield  (since  any  strain  beyond  about  0.42%  implies  yielding)  but  not  to 
fail  since  the  ultimate  strain  for  the  chosen  aluminum  is  over  10%,  a  value 
much  higher  than  the  values  indicated  in  the  table.  The  Kevlar  tensile 
stresses  (and  also  the  pultruded  stiffener  tensile  stresses)  are  below 
their  allowables.  The  critical  result  is  the  peak  compressive  stress  in 
the  inner  Kevlar  skin  which  amounts  to  30  kpsi  (207  MPa)  with  clamped 
edges.  Kevlar  laminates  have  much  lower  compressive  strengths  than 
tensile  strengths.  Available  test  data  indicate  that  the  best  one  could 
attain  with  proper  blend  of  Kevlar  cloth  and  resin  may  yield  compressive 
strengths  of  about  23  kpsi  (159  MPa).  Nevertheless,  the  wall  cross- 
sectional  design  is  tentatively  (i.e.,  pending  further  developments) 
accepted  for  the  following  reasons.  First  and  foremost  is  the  fact  that 
the  edges  are  not  ideally  clamped.  An  edge  fixity  factor  of  about  0.8 
was  estimated.  This  depends,  of  course,  on  the  edge  treatments,  and  on 
the  loadings  of  adjacent  panels  which  are  at  lower  levels.  If  this 
factor  is  applied  to  the  30  kpsi  figure,  the  compressive  stress  require¬ 
ment  drops  to  about  24  kpsi  (165  MPa) ,  a  value  much  closer  to  the  avail¬ 
able  strength  of  23  kpsi.  Secondly,  these  maximum  compressive  stresses 
occur  right  at  the  panel  edges,  but  drop  sharply  going  away  from  the 
edges.  At  the  edges,  the  C-shaped  pultrusion  stiffeners  (see  Figure  4) 
should  contribute  in  carrying  the  loads,  a  condition  which  was  omitted 
in  the  analysis  documented  in  Table  III.  A  test  case  accounting  approxi¬ 
mately  for  the  thickness  of  the  C-stiffeners  indicates  a  reduction  of 
some  25%  in  the  Kevlar  peak  compressive  stress.  Thirdly,  it  is  known 
that  beam  type  analyses  applied  to  low  aspect  ratio  plates  tend  to  yield 
somewhat  higher  stresses  than  those  from  more  accurate  plate  type  analyses. 
And  finally,  the  unaccounted  for  strain  rate  effects  may  allow  an  allowable 
compressive  stress  for  the  Kevlar  laminates  higher  than  the  23  kpsi 
value  quoted  above  for  the  static  case.  What  this  increase  amounts  to 
with  the  strain  rates  inferred  from  the  times  of  peak  displacements 
shown  in  Table  III  cannot  be  estimated  without  some  basic  tests  on 
Kevlar  laminates. 

5.  Thermal  Considerations.  Two  specific  specimen  tests  were  conducted 
to  determine  certain  thermal  characteristics  of  the  wall  cross  section. 

The  first  pertains  to  the  thermal  conductivity  of  a  24  in  x  24  in 
(61  cm  x  61  cm)  panel  with  the  same  materials  and  *cross-seetional  geo¬ 
metry  as  in  the  present  design,  except  that  the  panel  had  nb  pultruded 
stiffener.  In  the  second  test,  a  thin  Kevlar  laminate  was  subjected  to 
a  thermal  pulse  simulating  that  from  a  nuclear  weapon  to  assess  the 
thermal  damage  to  the  skin  and  the  increases  in  the  temperatures  at  the 
inner  face  of  the  outer  skin  where  the  honeycomb  core  is  bonded  to  the 
skin. 

live  thermal  conductivity  test  was  done  according  to  ASTM  C518-76 
using  a  heat  flow  meter.  The  heat  was  applied  from  the  bottom  of  the 
horizontally  placed  specimen,  maintaining  a  thermal  difference  across 
the  thickness  of  about  72°F  (40*0).  The  stabilized  heat  transfer 
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coefficient  was  found  to  be  0.28  BTU/hr-ft2-°F  (0.137  cal/hr-cm2-°C) . 

(Had  the  heat  been  applied  from  the  top  or  the  plate  had  been  placed 
vertically,  it  is  expected  that  the  heat  transfer  coefficient  would  have 
been  lower.)  This  result  is  acceptable  for  keeping  the  overall  shelter 
heat  transfer  coefficient  to  below  0.35  BTU/hr-ft2-°F,  although  higher 
than  that  for  earlier  designs  with  foam  cores  which  are  excellent 
insulators.  Also,  in  earlier  designs  the  aluminum  stiffeners,  despite 
being  faced  with  wood  thermal  barriers,  created  hot  spots  raising  the 
overall  heat  transfer.  In  contrast,  the  pultruded  stiffeners  in  the 
present  design  have  much  lower  conductivity  than  aluminum  thus  preventing 
hot  spots;  and  despite  the  presence  of  these  pultruded  stiffeners,  it 
can  be  confidently  stated  that  the  overall  shelter  heat  transfer  coeffi¬ 
cient  can  be  kept  below  the  0.35  figure. 

In  the  other  test,  conducted  by  Quigley  at  BRL  [15],  Kevlar  49- 
epoxy  sheets,  0.091  in  (0.23  cm)  thick,  were  placed  in  a  solar  oven  and 
exposed  to  two  trapezoidal  -  and  one  nuclear-shaped  thermal  pulses.  For 
the  single  data  point  with  the  nuclear  pulse,  the  rise  time  was  0,9  sec, 
the  total  duration  was  8.3  sec,  and  the  fluence  was  1.66  BTU/io2 
(65  cal/cm2)  (the  same  fluence  value  specified  in  this  design).  The 
recorded  data  was  minimal.  Before  the  thermal  pulse,  the  skin  temperature 
was  70°F  (21°C).  A  "few  mils"  (say  the  thickness  of  the  outer  ply)  was 
charred  and  the  inner  face  temperature  reached  somewhere  between  226°F 
and  252°F  (108°C  and  122°C).  This  is  an  increase  of  about  180°F  (100°C) 
above  the  ambient.  Extrapolating  roughly  this  result  to  the  present 
case  of  0.16  in  (0.41  cm)  skin  thickness,  one  would  estimate  a  temperature 
rise  of  about  100°F  (56°C)  for  the  outer  skin  inner  surface  temperature. 

If  the  temperature  at  the  same  location  and  prior  to  the  pulse  is  assumed 
to  be  say  150°F  (66°C)  (which  is  conceivable  in  a  hot  desert  operation 
with  the  shelter  air  conditioned) ,  the  temperature  at  the  core/outer 
skin  bond  could  be  as  high  as  250°F  (121°C)  at  shock  arrival  time.  This 
indicates  that  the  temperature  effects  on  the  physical  properties  of  the 
Kevlar  outer  skin,  core,  pultrusions,  and  the  adhesives  had  to  be  considered 
in  the  design.  Obviously,  further  and  more  controlled  tests  of  this 
nature,  with  an  actual  panel  cross  section  rather  than  with  a  thin 
Kevlar  laminate,  need  be  conducted  for  more  realistic  thermal  assessments. 

CONCLUSIONS 

Preliminary  designs  of  two  new  C^  shelters  have  been  presented. 

They  were  designed  for  the  extreme  environment  of  the  tactical  battle¬ 
field.  Some  details  of  the  threats  uud  the  resultant  loadings  and 
structural  behavior  were  given.  The  designs  are  based  on  an  extensive 
program  of  analyses  and  testing.  Design  trade-offs  between  weight 
and  cost  were  considered. 

A  contract  has  been  let  to  fabricate  four  each  of  these  two  shelters. 

An  Integrated  Test  Plan  includes  specimen,  model  and  full-scale  tests 
to  be  conducted  la  the  laboratory,  shock-tube  aud  field. 
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Although  appreciable  weight  and  cost  penalities  have  been  incurred, 

these  shelter  designs  represent  a  significant  increase  in  the  surviv¬ 
ability  of  the  systems  that  they  will  contain. 
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ABSTRACT 

A  summary  is  given  of  previous  related  tests  and  theoretical  approaches  used  to 
design  tank  floor  armor.  Survivable  dynamic  response  requirements  for  a  sitting  crew 
member  are  identified.  The  methodology  of  scale  testing  is  then  reviewed.  Scale 
tests  using  both  steel  and  steel/polymer  composite^ plates  are  next  described.  Finally 
measurements  of  the  dynamic  response  of  various  composite  plates  are  reported  and 
discussed  in  the  context  of  attenuation  of  dynamic  load  to  the  crew  member.  It  is 
concluded  that  composite  tank  floor  armor  can  attenuate  blast  loading  better  than 
monolithic  steel  armor  plate  of  equal  areal  density. 

INTRODUCTION 


Combat  experience  has  shown  that  tanks  can  readily  be  put  out  of  action  by  blast 
from  land  mines.  The  blast  defeat  mechanisms  are  shock,  deformation,  fracture  and 
overturn.  Armor  design  of  tank  floors  [1]  apparently  is  based  only  on  the  criterion  that 
the  armor  not  fracture  as  a  result  of  a  nominal  'belly"  mine  blast  loading.  It  appears 
that  the  blast  induced  dynamic  response  of  the  floor  upon  crew  members  and  other 
critical  operational  components  has  not  received  as  much  attention  as  perhaps  it 
should.  Without  such  information  it  is  difficult  to  evaluate  how  to  improve  tank  floor 
armor  so  as  to  improve  the  overall  mission  survivability  of  tanks. 

Tank  floor  armor  is  made  of  class  2  rolled  homogeneous  armor  plate  intended  for 
use  where  maximum  resistance  to  structural  failure  under  conditions  of  high  rute  of 
shock  loading  is  required,  and  where  resistance  to  armor  piercing  ammunition  is  of 
secondary  importance  [2].  Unfortunately,  the  history  of  design  related  analyses  and 
tests  has  been  such  that  the  majority  of  design  information  generated  is  based  on  the 
response  of  a  variety  of  steel  plates  tested  with  undamped  edge  support.  Design 
equations  have  been  developed  which  predict  permanent  plate  deformution  and 
fracture  as  a  function  of  thickness  (3, 4, 5, 6J.  Recent  studies  have  shown  that  transient 
plate  rosponsc  can  now  bo  predicted  with  the  aid  of  computer  codes  (7,8). 

In  this  paper  the  question  entertained  is  whether  or  not  composite  tank  floor 
armor  should  be  considered  as  an  alternative  to  monolithic  steel  armor.  The  answer  is 
provided  by  first  generating  a  baseline  by  reviewing  tank  floor  armor  technology. 
Next  the  required  function  of  the  tank  floor  armor  is  identified  in  the  context  of  tank 
mission  survivability  from  the  point  of  view  of  dynumic  response  requirements  for  the 
crew  members  and  other  vital  components.  Model  test  methodology  to  bo  used  as  a 
tool  for  estimating  the  response  of  prototype  armor  plates  is  then  reviewed.  This  is 
followed  by  a  description  of  scale  test  apparatus.  Then  a  family  of  composite  armor 
designs  using  combinations  of  steel,  balsa  wood,  Kevlar  and  high  density  steel 
honcycomb  slabs  is  proposed.  Test  results  from  scale  models  of  these  plate  designs  are 


reported  and  the  answer  to  the  question  as  to  the  feasibility  of  composite  tank  floor 
armor  to  defeat  blast  is  given. 

TANK  FLOOR  ARMOR  TECHNOLOGY 

It  is  beyond  the  scope  of  this  particular  discussion  to  review  in  detail  the 
state-of-the-art  of  technologies  and  information  that  are  identified  in  Figure  1. 
However,  to  understand  why  a  composite  tank  floor  armor  should  be  considered  to 
replace  monolithic  steel  armor  requires  a  brief  synopsis  of  the  genesis  of  tank  floor 
design  technology. 


Figure  1.  Methodologies  used  to  predict  the  response  of  a  tank  floor 
subjected  to  blast  loading. 

Until  the  last  few  years,  little  regard  was  given  to  the  relationship  between  tank 
floor  design  and  tank  mission  effectiveness.  With  the  advent  of 
survivability/vulnerability  methodology  being  imposed  upon  combat  vehicle  designs, 
new  questions  must  now  be  answered  related  to  component  dynamic  interactions 
within  vehicles  subjected  to  extreme  loading  environments. 

In  1972,  liennessy  U)  identified  a  simple  empirical  equation  to  predict  the 
thickness  of  ,  i  armor  plate  required  to  withstand  (i.e.,  not  fracture)  the  blast  of 
anti-tank  mines.  Furthermore  he  identified  the  significance  of  stress  risers 
(attachments  to  plates),  the  inurcasc  of  plate  strength  due  to  cross  rolling,  adverse 
effects  caused  by  low  temperature,  and  the  observation  that  permanent  plate 
deformation  decreased  linearly  with  increasing  material  tiardness.  Hennessey's  work 
brought  together  the  first  systematic  methodology  for  modern  tank  floor  design. 
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Also  in  1972,  Haskell  [4]  suggested  using  Friedlander's  equation  to  predict  the 
reflective  pressure  induced  on  tank  floor  armor  as  a  consequence  of  mine  blast. 
Haskell  pointed  out  that  it  was  necessary  to  consider  a  plate  hold  down  weight  ratio  of 
28:1  and  that  the  earth  in  which  the  mine  was  buried  did  not  effect  the  intensity  of  the 
blast  loading  to  the  plate.  Haskell  used  an  approximate  semi-inverse  energy  analysis 
approach  in  correlating  design  variables.  The  objective  was  to  predict  the  thickness  of 
the  armor  necessary  to  preclude  failure. 

In  1975  Norman  [5]  reiterated  what  was  suspected  for  some  time:  that  the 
dynamic  response  of  tank  armor  plate  was  probably  large  enough  to  incapacitate  the 
crew  members  even  if  the  tank  floor  was  not  fractured.  He  showed  that  armor 
thickness  was  proportional  to  permanent  plate  deformation,  thus  indirectly  suggesting 
that  the  thicker  the  steel  plate,  the  better  its  capability  to  attenuate  shock  loads. 
Norman  estimated  that  the  step  velocity  response  of  the  armor  floor  could  be 
represented  by  a  velocity  step  input  of  340  ft/s  (104  m/s).  It  is  well  known  that  this 
magnitude  of  velocity  step  would  readily  incapacitate  an  unprotected  tank  crew 
member.  Norman  proposed  that  crushable  materials  be  identified  to  attenuate  the 
velocity  step. 

The  only  pertinent  data  on  crushable  materials  was  that  generated  in  1969  by 
Frye  (9).  Frye  tested  12  lb/ft^  (0.19  g/cm3)  aluminum  honeycomb  with  no 
success,  but  data  for  30  lb/ft^  (0.48  g/cm^)  steel  honeycomb  suggested  blast 
armor  feasibility.  It  is  noted  that  Frye  was  only  concerned  with  floor  fracture  and  not 
dynamic  response. 

In  1975  Westine  (61  concluded  an  extensive  study  which  used  dimensional  analysis 
to  predict  the  permanent  deformation  of  a  tank  floor  as  a  function  of  anti-tank  mine 
size  and  location.  Westine  assumed  that  plate  data  obtained  from  an  assortment  of 
tests  had  free  fixity  edge  conditions.  He  also  assumed  that  clamped  fixity  edge 
conditions  could  be  accounted  for  by  introducing  a  multiplication  factor  of  1.5. 
Westine  emphasized  the  importance  of  the  soil  in  which  the  mine  was  laid  and  used 
this  assumption  to  correlate  data. 

.Sedgwick  (?]  showed  in  1974  that  the  computer  code  HKLP  could  be  used  to 
characterize  the  blast  loading  of  an  anti-tank  mine.  Sedgwick  reported  that  it 
appeared  that  dry  soil  was  not  an  imimrtant  variable  in  cliuructerizing  blest  lauding  for 
pancake  charges  similar  in  aspoct  ratio  to  land  mines. 

Finally,  Lottoro  (8]  extended  the  analysis  of  the  tank  floor  response  to  a  land 
mine  by  using  the  computer  codes  DO )U'  and  KUPSIL.  DOKF  characterized  the  blast 
loading  whereas  KliPSIL  predicted  the  tank  floor  response.  The  example  that  I  micro 
used  to  illustrate  computer  applicability  was  based  on  an  experiment  performed  in 
1975. 


In  overview,  current  tank  armor  floor  design  analysis  has  developed  to  the  (mint 
ot  being  able  to  predict  the  transient  phenomena  of  an  anti-tank  mine  blast  and  to 
then  predict  the  consequential  residual  deformation  of  the  tank  floor  armor,  assuming 
a  priori  that  the  armor  wili  not  first  fracture.  Potential  vital  component  kill 
mechanisms,  caused  by  the  violent  deformation  of  steel  tank  floors  due  to  blast,  huve 
not  been  positively  determined.  An  approximate  experimental  data  base  lias  not  yet 
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been  generated.  Interest  in  the  use  of  composite  armor  to  attenuate  the  response  of 
tank  floors  to  mine  blast(s)  has  historically  been  low  key. 

SURVIVABLE  DYNAMIC  RESPONSE  REQUIREMENTS 

There  is  speculation  that  a  tank  crew  member  will  not  survive  the  dynamic 
response  represented  by  a  step  velocity  change  of  15  ft/s  (4.6  m/s)  over  a  duration  of 
one  millisecond.  Since  the  dynamic  response  of  a  tank  floor  subject  to  a  mine  blast  is 
quite  violent,  current  practice  is  to  suspend  the  crew  member  above  the  tank  floor. 
This  solution  to  the  problem  of  crew  member  survivability  is  now  being  re-examined. 

Crew  member  survivability  studies  directly  pertinent  to  tanks  subjected  to  blast 
have  been  made  by  Strother  [10]  and  Wenzel  [11].  Closely  related  studies  are  also 
reported  by  Hirsch  [12,13].  Shock  isolation  requirements  that  the  tank  crew  member 
seat  must  meet  if  injury  is  to  be  avoided  are  given  in  any  of  a  number  of  crash  design 
handbooks  [14].  The  data  reported  in  these  references  has  been  generated  from 
volunteers,  accident  reports,  and  human  simulators  such  as  animals,  anthopomorphic 
dummies,  and  cadavers.  As  might  be  expected,  the  wide  variation  in  the 
physicological  and  psychological  structure  of  humans  precludes  a  simple  prediction  of 
injury  that  will  occur  as  a  function  of  shock  loading.  Further  insight  into  the 
uncertainties  associated  with  predicting/measuring  crew  member  survivability  is  given 
by  King  [15].  The  point  being  made  is  that  suspending  the  crew  member  above  the 
floor  docs  not  ensure  that  he  will  not  be  incapacitated  as  a  consequence  of  a  mine 
blast. 


It  is  proposed  that  survivahlo  dynamic  response  requirements  be  based  on  the 
mission  survivability  of  a  tunk.  In  this  manner  the  survivability  of  the  crew  member  is 
prominent  since  lie  is  the  most  critical  system  component.  Intrinsic  to  this  approach  is 
that  the  survivability  of  a  crew  member  is  dependent  upon  other  critical  components 
functioning  ufter  a  land  mine  blast.  The  degradation  of  tank  mission  effectiveness  can 
range  from  significant  fracture  of  structure  (such  as  optics)  to  the  generoton  of  noise 
in  electronic  circuitry.  Such  degradation  probably  results  in  greater  vulnerability  to 
enemy  attack  and  honcc  lowering  of  crewman  survivability. 

If  it  is  assumed  that  all  critical  components  within  a  tank  arc  of  equal 
inqiortance  for  crew  member  survival  of  a  mine  blast,  then  the  survivnbic  dynamic 
response  design  requirements  are  that  the  tank  floor  armor  absorb  and  redistribute  the 
blast  load  in  a  relatively  mild  manner.  In  principle  this  goal  should  be  achieved  if 
space  is  made  available  to  use  shock  isolation  materials  in  conqiosilc  structural 
configurations.  One  wuy  to  generate  the  data  needed  to  design  such  structure  is  next 
proposed. 


MODE  I.  TEST  METHODOLOGY 


Scaled  model  lest  data  represents  a  significant  portion  of  all  the  data  identified 
in  Figure  1.  Care  must  lie  tuken  whenever  such  data  is  used  to  predict  prototyjH* 
response.  To  begin  with,  it  is  Important  to  recognize  that  scale  testing  is  at  liest  only 
an  approximation  of  prototype  testing.  This  is  because  ail  model  testing  requires  the 
use  of  assumptions  to  simplify  the  complexity  of  the  real  world  problem.  Scaled  tests 
by  definition  assume  that  locations,  limes  and  forces  are  homologous  (10,171  in 


w» 


corresponding  systems.  It  is  because  of  this  assumption  that  the  response  of  a  model 
system  can  rationally  be  used  to  predict  prototype  response. 

Scaled  model  tests  have  been  the  bases  for  tank-floor  studies  because  of  both 
safety  considerations  and  the  complexity  of  blast-structure  interaction  phenomena. 
The  objective  for  tank  floor  armor  scale  testing  is  to  obtain  quantitative  data  for 
prototype  design,  to  identify  significant  design  variables,  to  estimate  the  extreme 
performance  potential  of  an  existing  prototype  system,  and  to  investigate  new 
phenomena  when  there  are  no  other  alternatives. 

In  this  paper  the  results  from  quarter  scale  tests  are  reported,  i.e.,  A  =  1/4.  The 
well  known  scaling  relationships  [16,17]  between  model,  m,  and  prototype,  p,  are  as 
follows: 

length;  xm  =  AXp 

time;  tn)  =  Atp 

velocity ;  xm  =  xp 

acceleration;  xm  =  A_1Xp 

mass  ;  mm  =  A  3mp 

force;  fm  =  X2fp 

strain;  lejj]  m  =  [ejj]p 

stress  (or  pressure) ;  [ojj)m  =  [o  jj]  p 

energy;  Em  =  X3Ep 

Unfortunately,  gravity  effects  do  not  scale.  This  is  because  the  scaling  laws  would 
require  the  acceleration  due  to  gravfty'to  bo  changed  by  the  ratio  X*‘*.  Scaling  of 
model  plastic  deformation  response  can  only  be  representative  of  prototype  plastic 
deformation  response  if  the  real  life  plastic  failure  criteria  is  invariant,  and  such  is 
not  the  case  for  materials  in  general.  Strain  rate  effects  and  related  yield  phenomena 
cannot  be  scaled.  The  general  design  rule  of  thumb  is  that  model  tests  be  interpreted 
in  terms  of  deformation  and  that  prototype  tests  be  used  to  obtain  failure  criteria. 
Therefore,  displacement  is  the  important  measurement  in  a  tank  floor  armor/mine 
blast  test  in  which  a  tank  floor  plate  response  is  characterized  by  a  step  increase  in 
force,  undergoes  a  pulsed  increase  in  acceleration,  resulting  in  a  continuous  time 
history  of  velocity,  and  an  even  smoother  time  displacement. 

A  concluding  note  on  the  scale  testing  of  a  tank  floor  subjected  to  blast  is  that 
most  types  of  transducers  designed  to  sense  velocity  and  displacement  are  not  suitable 
for  use  in  dynamic  models.  This  is  because  these  transducers  require  the  attachment 
of  relatively  large  masses  to  the  model,  therefore  seriously  affecting  the  inertial 
properties  of  the  armor  system  being  tested. 
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Physical  dimensions  used  for  armor  blast  scale  testing  are  given  in  Figure  2  and 
3.  In  essence,  an  explosive  of  disk  geometry  characterized  by  dimensions  d  and  a  is 
placed  a  distance  R  from  the  bottom  of  the  tank  hull.  Upon  detonation  a  time 
dependent  pressure  is  applied  to  the  plate  at  ta,  resulting  in  a  positive  impulse,  I  , 
which  is  bounded  by  t.  Using  the  Hopkinson  blast  wave  scaling  law  [18],  where  k  =  X  = 
1/4,  the  scaled  model  parameters  are  obtained.  The  mass  of  a  22  lb  (10  kg)  prototype 
explosive  is  scaled  to  a  0.34  lb  (154  g)  model  explosive.  Observe  from  Figure  2  that  the 
maximum  pressure  is  the  same  for  both  prototype  and  model  (since  [crij]m 
=  [cij]p)‘  However,  the  time  scale  and  impulse  have  been  altered  and  must  be 
interpreted  in  a  homologous  manner.  Another  uncertainty  consideration  is  that  the  use 
of  the  Hopkinson  blast  law  at  close  standoff  distances  could  lead  to  misleading  results 
since  the  expansion  and  shock  waves  decay  at  different  rates  which  are  not  subject  to 
scaling. 
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Figure  2.  Hopkinson  blast  wave  seal 
ing  of  tank  floor  armor. 


Figure  3.  Dynamic  response  scaling 
of  tank  floor  armor  to 
blast  loading. 


However,  experimental  evidence  exists  [19)  to  show  that  the  law  is  a  reasonable 
approximation.  The  assumed  response  of  the  prototype  and  model  tank  floors  arc 
shown  in  Figure  3.  Note  that  the  maximum  displacement  of  the  inner  surface  of  the 
model  tank  floor  is  sealed  (k  a  \  -  1/4)  from  that  of  the  prototype.  However,  the 
maximum  strains  are  the  same.  Again  the  time  scale  and  the  [date  response  must  be 
interpreted  in  a  homologous  manner.  It  is  noted  that  such  scaling  assumes  that 
viscosity,  strain  rate,  gravity  and  other  nonlinear  thermo-viscoelastic  phenomena  can 
be  neglected. 

SCALE  TOST 

A  review  of  all  the  lest  data  reported  in  the  literature  identified  in  Figure  1 
showed  that  scaled  model  response  data  exhibited  wide  scatter.  One  reason  for 
significant  data  scatter  was  due  to  the  manner  in  which  the  various  sized  model 
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plate  specimens  were  held  along  their  edges.  For  structural  analysis  considerations,  as 
well  as  to  physically  approximate  a  prototype  tank  floor,  the  fixity  of  the  model  test 
plate  should  approach  classical  clamped  edge  conditions.  This  means  that  the 
boundaries  should  be  relatively  fixed  in  space  and  that  both  shear  and  moments  must 
be  readily  reacted  by  the  holding  fixture.  Another  consideration  was  that  the  holding 
fixture  should  be  representative  of  a  scaled  tank  mass  and  mass  distribution.  The 
attempt  made  to  achieve  these  goals  is  illustrated  in  Figure  4. 


Figure  4.  Tank  scaled  test  fixture  Figure  5.  Copper  pin  probe  transducer 
attached  to  tank  floor.  to  measure  tlme-of-arrival, 

average  velocity  and  instan¬ 
taneous  velocity  (hence 
average  acceleration)  of 
tank  floor  surface 

The  total  weight  of  the  test  fixture  is  1620  tbs  (735.5  kg)  scaled  from  a  51  ton 
(46306  kg)  tank.  The  model  test  plate  is  attached  on  four  sides  to  the  framing  fixture 
by  means  of  rows  of  1/4  inch  (0.65  cm)  and  3/4  inch  (1.91  cm)  brass  bolts  equally 
spaced.  The  framing  fixture  is  attached  to  the  test  fixture  on  two  sides  by  means  of 
16-3/4  inch  (1.91  cm)  steel  bolts.  The  hold  down  ratio  of  the  test  fixture  to  framing 
fixture  is  about  26:1.  The  overall  length  of  the  test  fixture  is  6  feet  (183  cm)  and  its 
width  is  31  inches  (76.7  cm).  The  model  tank  floor  plate  is  2  ft  (61  cm)  by  2  ft  (61  cm), 
with  IS  inches  (38  cm)  x  15  inches  (38  cm)  being  exposed  from  the  framing  fixture  and 
available  to  react  against  the  blast  load. 


$ 
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Transient  plate  deformation  data  is  obtained  using  eight  pure  copper  pin  probes 
that  were  housed  in  a  collar  fixture  as  shown  in  Figure  5.  In  this  manner  electrically 
measured  time  of  arrival  of  the  tank  floor  surface  is  obtained.  Since  the  relative 
position  of  the  end  of  each  pin  is  measured,  average  velocity  data  can  be  obtained.  In 
addition,  a  novel  measurement  of  instantaneous  velocity  can  be  obtained  by  measuring 
the  plastic  radial  strain  induced  along  the  end  region  of  the  pin.  By  assuming 
incompressible  flow  for  the  copper  pin,  the  instantaneous  velocity  at  the  time  of  pin  to 
plate  contact  can  be  obtained  by  measuring  the  pin  diameter  after  the  test,  and  using 
the  velocity-longitudinal  strain  relationship  developed  by  White  [20,21].  Knowing  each 
time  of  arrival  enables  the  computation  of  average  acceleration  of  the  tank  floor 
surface. 

The  pin  holding  collar  was  rigidly  attached  to  the  test  fixture  as  shown  in  Figure 
6.  Also  shown  in  Figure  6  is  a  stainless  steel  rod  painted  with  alternating  white  and 
black  markings.  The  rod  is  loosely  placed  in  a  hole  within  the  center  of  the  collar 
holding  the  copper  pins.  The  purpose  of  the  rod  was  to  measure  plate-rod  interaction 
response  so  that  additional  characterization  of  plate  deformation  due  to  blast  could  be 
obtained  [22-31]. 


Figure  6.  Stainless  steel  rod  used  to  measure  plate-component  interaction 
located  in  collar  holding  concentric  copper  pins. 
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CANDIDATE  COMPOSITE  ARMOR  DESIGN 


Composite  armor  materials  appeared  in  World  War  II  as  flak  suits  (nylon-steel) 
which  weighed  about  4.5  lb/ft2  (2.2  g/cm2).  A  summary  of  lightweight  armor 
materials  through  1959  is  given  by  Mascianica  [32).  Although  significant  work  has 
been  performed  since  the  Korean  War  with  lightweight  non-metallic  materials 
(ballistic  nylon,  fiberglass  reinforced  plastic),  little  has  been  done  in  the  realm  of  blast 
protection  [33].  Eichelberger  [34]  has  recently  discussed  tank  armor  evolution  and 
concludes  that  although  composites  offer  much  more  efficient  protection  than  steel 
against  HEAT  warheads,  with  little  or  no  loss  in  efficiency  against  kinetic  energy 
rounds,  the  combination  of  weight  and  thickness  are  still  deemed  unpractical.  He 
further  stated  that  many  of  the  composite  designs  lacked  the  structural  strength  to 
survive  multiple-shot  attacks. 

As  a  consequence  of  a  review  of  the  material  literature,  three  materials  were 
identified  as  candidates  for  use  in  hybrid  composite  armor  designs  which  would  defeat 
land  mine  blast  loading.  These  materials  are  steel  honeycomb,  balsa  wood  and  nylon 
(Kevlar). 

Interest  in  the  use  of  steel  honeycomb  as  a  blast  isolator  was  stimulated  by  the 
test  results  of  Frye  [9].  His  tests  showed  that  steel  plate  sandwiched  steel  honeycomb 
of  density  greater  than  30  lb/ft3  (0.48  g/cm3)  could  survive  mine  blast  without 
structural  fracture.  A  second  stimulus  was  that  David  [35]  reported  that  steel  plate 
sandwiched  stainless  steel  honeycomb,  when  subjected  to  initial  velocity  changes  of 
the  order  of  650  ft/sec,  exhibited  an  increase  in  ability  to  dissipate  energy  by  a  factor 
of  2  to  3  over  that  observed  for  static  loading  crushing  tests  such  as  reported  by 
McFarland  [36]. 

Balsa  wood  was  considered  a  candidate  because  its  specific  energy  absorption 
was  nearly  equivalent  to  that  of  steel  honeycomb  for  static  loading  conditions  13?). 
Furthermore,  the  spring  back  of  Balsa  wood  is  negligible  when  the  grain  is  parallel  to 
the  load.  This  property  could  serve  to  provide  the  space  necessary  for  other  materials 
to  absorb  blast  energy. 

No  study  of  composite  armor  would  be  complete  without  considering  Kevlar. 
The  energy  potential  to  absorb  blast  loading  is  significant  if  a  design  is  chosen  which 
allows  Uic  material  to  stretch  ami  not  fracture. 

As  longitudinal  and  shear  waves  traverse  a  composite  material,  stresses  arc 
transmitted  and  reflected  at  each  material  interface.  For  design  purposes,  an 
estimate  of  attenuation  or  amplification  to  be  expected  from  a  given  composite 
layered  design  is  given  by  Kirvslow  (36).  The  method  is  based  on  assumptions  which 
predict  stress  wave  transmissions  and  reflections  on  the  basis  of  impedance  mismatch 
relations  and  criteria. 

Based  upon  the  above  considerations,  the  baseline  composite  armor  design  that 
was  chosen  is  shown  in  Figure  7.  The  actual  materials  and  layer  thicknesses 
investigated  in  this  study  are  listed  in  Tabic  1.  The  numbers  listed  in  the  table 
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correspond  to  the  layer  numbers  shown  in  Figure  7.  Table  1  lists  the  test  number,  the 
material  layer  and  corresponding  thickness,  the  order  in  which  the  materials  were 
layered,  the  total  composite  plate  thickness  tested,  the  total  weight  of  the  two  foot  by 
two  foot  plate  tested  (excluding  test  frame  and  bolts),  and  the  areal  density  of  each 
composite  plate.  Constraints  placed  on  the  composite  armor  were  that  it  not  exceed  a 
3  inch  (7.6  cm)  prototype  thickness,  that  its  prototype  areal  density  not  exceed  65 
lb/ft^  (320  kg/m 2)  which  is  equivalent  to  about  1.5  inch  thick  steel,  that  the 
prototype  cover  plate  be  steel  armor  and  not  exceed  a  3/4  inch  (1.9  cm)  thickness,  and, 
finally,  that  the  prototype  hull  plate  be  steel  armor  and  not  exceed  a  1/2  inch  (1.27  cm) 
thickness. 


GOALS 

Material 

Thickness 

Inches 

Areal  Density 

1 

0.125 

5.10 

2 

0.125 

0.13 

3 

0.010 

0.41 

4 

0.125 

0.94 

5 

0.010 

0.41 

6 

0.150 

0.55 

7 

0.188 

7.69 

Total 

0  733 

16.01 

Foil  Scale 

2.93 

64 

4130  Rc  30  Steel 
Balsa  wood 
Mild  steel  (oil 

Kevlar/microsphere/elastomer 
Mild  steel  foil 
Hastelloy  honeycomb  filled 
with  60%  microsphere/elastomer 
4130  Rc  30  Steel 


Figure  7.  Candidate  composite  tank  floor  armor. 


The  armor  design  shown  in  Figure  7  was  chosen  on  the  assumption  that  the  steel 
cover  plate  would  transmit  the  reflected  impulse  into  the  tank  in  a  uniform 
homogeneous  manner.  The  functions  of  the  steel  honeycomb  (filled  or  unfilled  with 
crushable  microspheres/elastomer)  was  to  slow  down  the  motion  of  the  cover  plate  and 
to  attenuate  the  transmitted  shock  waves  and  associated  reflected  waves  by  means  of 
crushing,  refraction,  reflection  and  viscoelastic  phenomena.  The  steel  unbonded 
membrane  cushions  the  motion  of  the  honeycomb  against  the  Kevlar  (woven  roving 
weave  impregnated  with  20%  microspheres/elastomer)  via  membrane  action.  The 
crushable,  viscoelastic  behavior  of  the  Kevlar  adhesive  was  expected  to  further 
attenuate  the  transmitted  stress  waves.  Since  the  Kevlar  as  shown  is  not  bonded  at 
either  boundary  to  the  steel  membrane  separators,  the  Kevlar  is  free  to  move  and 
absorb/slow  down  the  stress  waves  and  honeycomb  loading.  The  second  steel 
membrane  encourages  a  uniform  load  to  be  transmitted  to  the  balsa  wood.  The  balsa 
wood  serves  to  allow  the  Kevlar  to  strain  and  to  further  absorb  the  attenuated  residual 
energy  to  the  hull  plate.  The  expectation  was  for  the  steel  hull  plate  to  reaet  to  a 
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nominal  load  of  longer  duration  (as  compared  to  the  initial  impulse  loading  history). 
Furthermore,  it  is  expected  that  much  of  the  blast  loading  will  be  diffused  into  the 
test  fixture  structure  in  a  manner  representative  of  the  prototype. 

TRANS  I  ENT  PLATE  DISPLACEMENT  DATA 

Two  sets  of  transient  plate/rod  displacement  data  were  obtained  for  both  quarter 
scaled  monolithic  steel  and  composite  armor  plates.  Transient  plate  surface 
displacement  data  were  obtained  from  the  electric  shorting  of  copper  pins  shown  in 
Figure  5.  Transient  displacement  of  the  .stainless  steel  rod's  center  of  gravity  was 
obtained  from  film  (Figure  6).  Resulting  velocities  for  both  the  plate  and  rod  were 
graphically  generated  from  the  displacement  data.  The  instantaneous  plate  velocity 
was  obtained  by  measurement  of  the  radial  plastic  strain  for  each  copper  pin  as 
described  above.  Typical  data  from  fifteen  quarter  scale  tests  are  shown  in  Figures 
8-10. 


Data  in  Figure  8  is  from  a  0.25  inch  (0.64  cm)  thick  monolithic  steel  plate  model 
representative  of  a  one-inch  thick  prototype  tank  floor.  Data  in  Figure  9  is  from  a 
0.79  inch  (1.9  cm)  thick  composite  floor  model  (Figure  7)  representative  of  a  3.1  inch 
(7.9  cm)  thick  prototype  tank  floor.  Finally,  data  in  Figure  10  is  from  a  0.375  inch 
(0.95  cm)  thick  monolithic  steel  plate  model  which  is  equivalent  in  areal  density  to 
that  of  the  composite  plate.  Also  shown  in  Figures  8-10  are  the  permanent  rod  plastic 
deformation  (a),  the  estimated  time  of  plate-rod  separation  (b),  the  permanent 
deformation  of  the  plate  (c),  and  the  maximum  elastic  deflection  of  the  rod  (d).  In 
each  figure,  circles  (©)  represent  plate  surface  displacement,  squares  (H)  represent  rod 
center  of  gravity  displacement,  triangles  (&)  represent  plate  lateral  velocity,  stars  (☆) 
represent  rod  center  of  gravity  velocity,  and  diamonds  (0)  represent  instantaneous 
velocity  measurements. 

The  basic  characteristics  of  the  steel  plate  responses  are  similar  to  those 
predicted  by  Lottero  [8]  and  measured  by  Wenzel  [11],  Jones  [23],  Bodner  [26]  and 
Florence  [28].  T'^e  basic  characteristics  of  the  steel  rods  are  identical  to  those 
reported  by  Valentine  [29],  Abrahamson  [30],  and  Wright  [31].  Similarly,  the  plastic 
deformation  and  buckling  of  the  copper  pins  were  identical  to  that  reported  by 
Holloway  [25],  and  White  [21]. 

Close  agreement  is  found  between  theory  based  on  test  data  [6]  and  tests 
performed  in  this  study  if  the  soil  Rayleigh  wave  velocity  is  correctly  assumed. 
Design  equations  proposed  by  Westine  [6]  and  those  measured  in  this  study  for  0.25  in 
(0.64  cm),  0.31  inch  (0.79  cm)  and  0.38  inch  (0.95  cm)  thick  plates  are  compared. 
Westine's  design  equations  predict  (using  a  soil  Rayleigh  wave  velocity  of  846  ft/s) 
maximum  residual  plate  deflections  for  fixed  edge-clamped  steel  plates  of  0.95  inch 
(2.4  cm),  0.72  inch  (1.8  cm)  and  0.56  inch  (1.4  cm),  respectively.  In  this  study,  the 
deflections  measured  were  0.94  inch  (2.4  cm),  0.66  inch  (1.7  cm),  and  0.55  inch  (1.4 
cm),  respectively.  These  agreements  are  excellent.  The  ratios  of  maximum  deflection 
to  permanent  deflection  for  the  scaled  monolithic  plates  were  within  the  range  of  the 
ratios  obtained  by  Wenzel  [19]. 


Figure  8.  Displacement  and  Velocity 
measurements  of  a  0.25  in. 
(0.64  cm)  baseline  steel 
plate  clamped  on  four 
edges  and  a  0.25  in. 

(0.64  cm)  diameter  by  16 
in.  (40.6  cm)  length 
stainless  steel  rod  placed 
vertically  on  the  center 
of  the  plate. 


Figure  9.  Displacement  ana  Velocity 

measurements  of  a  composite 
plate  (see  Fig.  7)  clampea 
on  four  edges  and  a  0.25  in. 
(0.64  cm)  diameter  by  18  in. 
(45.7  cm)  length  stainless 
steel  rod  placed  vertically 
on  the  center  of  the  plate. 
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a  '  Permanent  rod  p  lav  He  deformation 
b  -  Evtimated  »tme  of  plate  rod  ifparahon 
C  -  Permanent  deformation  of  pint# 
d  -  Maximum  elcutic  deflection  of  rod 
O  -  Plate  vurface  divpiacement 
Cl  -  Rod  center  of  gravity  displacement 
A  -  Plate  lateral  velocity 
*  •  Rod  center  of  gravity  velocity 
0  •  Instantaneous  velocity  meavurementv 


Figure  10.  Displacement  and  velocity  measurements  of  a  0,375  In.  (0.95  cm) 
steel  plate  clamped  on  four  edges  and  a  0.25  in.  (0.64  cm) 
diameter  by  18  in.  (45.7  cm)  length  stainless  steol  rod  placed 
vertically  on  the  center  of  the  plate. 


77 


Quantitative  and  qualitative  data  obtained  from  the  rod  related  to  plastic 
deformation  and  buckling  as  a  function  of  impact  velocity  was  also  in  agreement  with 
that  reported  elsewhere  [29-31]. 

In  the  context  that  only  three  monolithic  steel  plates  were  tested,  it  is  concluded 
that  the  data  obtained  using  the  specified  test  apparatus  is  valid  and  representative  of 
quarter  scaled  tank  floor  response  to  blast.  For  the  purposes  of  this  paper,  steel  plate 
data  is  considered  as  a  baseline  from  which  to  compare  the  responses  obtained  from 
composite  floor  armor. 


DISCUSSION 

It  is  not  the  purpose  of  this  paper  to  discuss  the  theoretical  and  experimental 
phenomena  of  plate,  plate/rod  and  rod  deformation  induced  by  blast  loading.  The 
purpose  is  to  present  reasonably  valid  data  that  can  be  used  to  estimate  the  potential 
advantages  and  disadvantages  of  hybrid  composite  tank  floor  armor  as  compared  with 
monolithic  steel  armor. 

Table  2  lists  an  overview  of  the  data.  Various  relative  ratings  were  obtained 
based  on  six  different  types  of  measurements.  The  six  measurements  used  to  rate  the 
composite  plates  were  velocity/force  measurements  obtained  from  the  copper  pins, 
longitudinal  permanent  deformation  of  the  stainless  steel  rod,  permanent  plate 
deflection,  average  maximum  velocity  of  the  plate  surface,  average  plate 
decelerations,  and  maximum  initial  acceleration. 

Data  given  in  Figure  9  shows  the  greatest  blast  loading  attenuation  of  the  various 
combinations  of  balsa  wood,  honeycomb  (filled  and  unfilled)  and  Kevlar  composite 
plates  tested,  based  only  on  permanent  plate  deformation.  Comparison  of  Figure  9  with 
Figure  8  shows  that  the  composite  plate  (Figure  7)  significantly  attenuates  the  blast 
loading  with  respect  to  the  baseline  for  monolithic  steel  tank  floor  armor  (one-inch 
thick  prototype).  Comparison  of  Figure  9  with  Figure  10  shows  that  the  structural 
response  of  the  composite  armor  is  more  or  less  equivalent  to  that  of  a  monolithic  steel 
armor  of  equivalent  areal  density.  However,  the  shock  isolation  of  the  composite  armor 
is  significantly  greater  than  that  of  the  equivalent  areal  density  steel  armor.  This  is 
evidenced  by  the  residual  permanent  deformation  of  the  steel  surface  plate  (1.42  cm 
versus  0.94  cm)  and  the  stainless  steel  rods  (0.95  cm  versus  0.71  cm)  and  the  G  load 
attenuation  given  in  Table  2. 

Model  data  given  in  Figures  8-10  must  be  interpreted,  as  discussed  above, 
whenever  prototype  behavior  is  being  estimated.  Recall  from  Figures  2  and  3  that  the 
time  scale,  impulse  and  displacements  in  Figures  8-10  must  be  adjusted  by  a  factor  of 
four.  The  model  plate  accelerations  are  four  times  those  expected  for  the  prototype 
plate.  But,  the  forces  transmitted  by  the  model  plate  to  the  test  fixture  representative 
of  the  adjacent  tank  structure  are  one-sixteenth  times  those  expected  for  the  prototype 
model.  Therefore,  in  the  context  of  shock  isolation  to  critical  items  within  a  prototype 
tank,  the  shock  isolation  improvement  expected  is  an  order  of  magnitude  greater  than 
that  observed  from  the  scaled  model  tests.  Improvement  in  shock  isolation  over  that 


78 


inherent  to  the  one-inch  baseline  floor  armor  is  obviously  even  greater.  Those 
predicted  improvements  in  shock  isolation  must,  of  course,  be  verified  by  prototype 
tests. 


It  is  obvious  from  Figure  8  that  the  crew  member  of  a  conventional  tank  must  be 
suspended  from  the  floor  if  he  is  to  survive  the  blast  effects  from  a  land  mine.  It  is 
not  known  if  and  how  the  shock  loading  can  indirectly  incapacitate  the  crew  member 
oi*  other  critical  components  within  a  tank.  Speculation  made  in  1968  by  Wenzel  [11]  is 
confirmed.  Velocity  data  in  Figure  8  confirms  the  floor  velocity  estimates  made  by 
Norman  in  1970  [39]  and  updated  in  1975  [5]  which  predicted  that  average  tank  floor 
velocity  changes  could  be  at  least  340  ft/s  (104  m/s).  Hence,  it  is  apparent  that 
significant  shock  isolation  improvement  is  needed  if  tank  mission  survivability  against 
mine  blasts  is  to  be  realized. 

CONCLUSION  AND  RECOMMENDATIONS 

Data  was  presented  to  confirm  that  the  shock  isolation  of  monolithic  steel  floor 
armor  to  mine  blast  is  unacceptable  for  the  survivability  of  critical  items  within  a 
tank.  Scaled  tests  showed  that  a  composite  armor  consisting  of  balsa  wood,  Kevlar 
and  steel  honeycomb  offers  a  significant  improvement  in  shock  attenuation  over  that 
of  monolithic  steel  armor  plate  of  equivalent  areal  density.  Prototype  tests  should  be 
performed  to  evaluate  the  predicted  improvement  in  shock  isolation  of  the  given 
composite  design.  Other  hybrid  composite  designs  should  also  be  evaluated. 
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ABSTRACT 

The  dynamic  stability  of  two  mechanical  models,  subjected  to  suddenly 
applied  loads  of  finite  duration,  is  presented.  These  models  are  character¬ 
istic  of  structural  elements  and  configurations,  which  (a)  have  initial  geo¬ 
metric  imperfections,  (Model  A)  and  (b)  are  subject  to  unstable  bifurcation 
(Model  B) .  The  emphasis  is  placed  on  presenting  a  clear  definition  of  the 
concept  of  dynamic  stability  and  clear  criteria  and  related  estimates.  For 
each  model  a  complete  stability  analysis  is  presented  for  quasistatic  appli¬ 
cation  of  the  load  as  well  as  for  dynamic  application  (suddenly  applied  loads 
with  finite  duration,  including  the  extreme  cases  of  infinite  duration  and 
ideal  impulse). 

I.  INTRODUCTION 

Dynamic  stability  of  elastic  structures  has  drawn  considerable  attention 
in  the  past  thirty  years.  The  importance  of  the  subject  lios  primarily  in  the 
constant  demand  for  lightweight  efficient  structures,  which  requires  a  good 
understanding  of  how  structures  respond  to  loads  that  induce  dynamic  effects. 

The  term  "Dynamic  Stability"  encompasses  many  classes  of  problems  and  it 
has  been  used,  by  the  various  investigators,  in  connection  with  a  particular 
study.  Therefore,  it  is  not  surprising  that  there  arc  various  interpretations 
of  the  meaning  of  the  term. 

The  class  of  problems  falling  in  the  category  of  parametric  excitation 
are  the  best  defined,  conceived  and  understood  problems  of  dynastic  stability. 
An  excellent  treatment  and  bibliography  can  be  found  in  the  book  by  V.V.  Bolo¬ 
tin  [I], 

Moreover,  many  authors  refer  to  problems  of  the  "follower  force"  type  as 
problems  of  dynamic  stability  [2-3].  The  primary  reason  for  this  is  that 
critical  conditions  can  be  obtained  (in  many  cases)  only  through  the  use  of 
the  "kinetic"  or  "dynamic"  approach  to  static  stability  problems  (flutter  in¬ 
stead  of  divergence  type  of  instability). 

In  addition,  problems  of  aeroclastic  instability  and  flow- induced  insta¬ 
bility  (fluid  flowing  through  pipes)  also  fall  under  the  general  heading  of 
dynamic  stability. 

A  large  class  of  structural  problems  that  has  received  attention  recently 
and  does  qualify  as  a  category  of  dynamic  stability  is  that  of  Impulsively 
loaded  configurations  and  configurations  which  arc  suddenly  loaded  with  loads 
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of  constat t  magnitude  and  infinite  duration.  These  two  types  of  loads  may  be 
thought  of  as  mathematical  idealizations  of  blast  loads  of  (a)  large  decay 
rates  and  small  decay  times  and  (b)  small  decay  rates  and  large  decay  timeS 
respectively.  For  these  loads,  the  concept  of  dynamic  stability  is  related 
with  the  observation  that  for  sufficiently  small  values  of  the  loading  the  sys¬ 
tem  simply  oscillates  about  the  near  static  equilibrium  point  and  the  corres¬ 
ponding  amplitudes  of  oscillation  are  sufficiently  small.  If  the  loading  is 
increased,  some  systems  will  experience  large  amplitude  oscillations  or  in  gen¬ 
eral  divergent  type  of  motion.  For  this  phenomenon  to  happen  the  configura¬ 
tion  (turns  out)  must  possess  two  or  more  static  equilibrium  positions  and 
" tunnel ing-through"  [4]  occurs  by  having  trajectories  that  can  pass  through  an 
unstable  static  equilibrium  point.  Consequently,  the  methodologies  developed 
by  the  various  investigators  are  for  structural  configurations  that  exhibit 
snap-through  buckling  when  loaded  quasistatically. 

Solutions  to  such  problems  started  appearing  in  the  open  literature  in 
the  early  1950's.  Hoff  and  Bruce  [5]  considered  the  dynamic  stability  of  a 
pinned  half-sine  arch  under  a  half-sine  distributed  load.  The  ideal  impulse 
problem  as  well  as  the  case  of  a  suddenly  applied  load  with  constant  magnitude 
and  infinite  duration  were  considered  in  this  paper.  Budiansky  and  Roth  [6] 
in  studying  the  axisymmetric  behavior  of  a  shallow  spherical  cap  under  sudden¬ 
ly  applied  loads  defined  the  load  to  be  critical,  when  the  transient  response 
increases  suddenly  with  very  little  increase  in  the  magnitude  of  the  load. 

This  concept  was  adopted  by  numerous  investigators  [7]  in  the  subsequent  years 
because  it  is  tractable  to  computer  solutions.  Conceptually,  one  of  the  best 
efforts  in  the  area  of  dynamic  buckling,  under  impulsive  and  suddenly  applied 
loads,  Is  the  work  of  Hsu  and  his  collaborators  (.8-11] .  In  his  studies,  he  de¬ 
fined  sufficiency  conditions  for  stability  and  sufficiency  conditions  for  in¬ 
stability,  thus  finding  upper  and  lower  bounds  for  the  critical  impulse  or 
critical  sudden  Load.  Independently,  the  present  author  [,12]  In  dealing  with 
the  dynamic  buckling  of  shallow  arches  and  spherical  caps  termed  the  lower 
bound  as  a  minimum  possible  critical  load  (MPCL)  and  the  upper  bound  as  a  min¬ 
imum  guaranteed  critical  load  (MGCL) . 

The  purpose  of  the  present  paper  is  twofold.  First,  it  is  intended  to 
clearly  demonstrate  the  concept  of  dynamic  instability,  including  criteria  and 
estimates,  for  impulsive  and  suddenly  applied  loads  of  infinite  duration 
through  some  simple  mechanical  models  (one-  and  two-degrees  of  freedom).  Sec¬ 
ond,  to  extend  the  concept  to  the  case  of  suddenly  applied  loads  of  finite 
duration.  These  models  are  representative  of  imperfection  sensitive  struc¬ 
tures,  and  of  systems  that  exhibit  unstable  bifurcation  (shallow  arch  and 
spherical  cap). 


11.  MODEL  A.  GEOMETRICALLY  IMPERFECT  MODEL 

Consider  the  model  shown  on  Fig,  1.  This  model  consists  of  two  rigid 
bars  of  equal  length,  t.,  pinned  together.  The  left  bar  is  pinned  on  ait  im¬ 
movable  support.  A,  while  the  right  end  of  the  second  bar  is  pinned  on  a  mov¬ 
able  support,  C,  and  loaded  by  a  horizontal  constant-directional  force  P.  A 
linear  spring  of  stiffness  k  connects  the  bar  common  pin,  8,  to  an  immovable 
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support,  D,  which  is  L  units  directly 
below  support  A.  The  initial  geometric 
imperfection,  0O,  is  an  angle  between 
the  horizontal  line,  joining  supports  A 
and  C,  and  bar  AB  (or  BC) .  The  deformed 
position  is  characterized  by  angle  0, 
as  shown  (in  its  positive  direction). 

II  -  1.  Static  Analysis 

The  stability  analysis  of  this 
model  under  quasi-static  application  of 
the  load  P  is  performed  by  employing 
the  energy  approach.  Through  this  ap¬ 
proach,  equilibrium  is  characterized  by 

-  0  (1) 

where  l>  is  the  total  potnetial,  and  the  character  of  equilibrium  (stable  or 
unstable)  by  the  sign  of  the  second  derivative. 

The  total  potential  is: 

»  U^/kL^  ■  U  1  HMsin  6  -  1  +  sin  0^  -  p  (cos  0^  -  cos  0)  (2) 

where  p  »  2P/WL,  and  U?11  denotes  the  nondinonsionalized  total  potential.  The 
superscript  p  implies  "under  load  p." 

The  static  equilibrium  points  are  characterized  by 

p  »■  Wl+sin6  -  vlfsinO^]  cotO/yl+sinO  for  0^  +  0  (3) 

Hole  that,  for  0O  “  0  equilibrium  is  characterised  by 

either  0*0  or  p  *  cotO  (1-1/vlVsinO)  (A) 

Equilibrium  positions  are  plotted  on  Vig.  2  as  p  versus  G-Ce  for  various  val¬ 
ues  of  the  geometric  imperfection  0o.  The  stability  test  reveals  that  the 
dashed  line  positions  are  stable,  while  the  solid  line  positions  are  unstable 
and  snapping  (violent  buckling)  takes  place  through  the  existence  of  a  limit 
point.  Also  note  that  positions  characterized  by  negative  values  for  Q~0o 
(not  si  town  herein)  are  stable  and  there  is  no  possibility  of  buckling.  There¬ 
fore,  our  interest  lies  in  the  area  of  0o  >  0  and  0-0o  >0. 

II  -  2.  Ideal  Impulse 

Assume  that  the  load  is  suddenly  applied  with  very  short  time,  so  that 
the  impulse,  (Pt^),  can  he  imparted  instantaneously  into  the  system  as  ini¬ 
tial  kinetic  energy.  Through  impulse -momentum,  one  can  easily  derive  the 
following  relation 

<p,  > .  <&  +  »u2v  nfe  <V  <s> 
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Figure  2.  Load -Displacement  Curves  (Model  A). 

whore  m  is  the  mass  of  each  rigid  bar,  at  0  *  0^,  t  the  duration 

time.  Since  the  system  is  conservative,  then  c  0 

U°  +  T°  *  const.  Tj  (6) 

whore  u£  denotes  tho  total  potential  for  p  ■  0  [see  Eq.  (2)],  T°is  the  kinetic 
energy,  given  by 

T°  »  mL2  (1+3  sin20)(0)2/3  (7) 

and  T°  is  the  initial  kinetic  energy,  emparted  by  tho  impulsive  load.  Mote 
that  the  constant  in  Eq.  (6)  is  Tf  because  U?,(Q  «  0  )  *  0.  Also,  by  Eqs.  (7) 
and  (5) 

l“  -  at.  (1+391,1  0  )  - a-5 - -  (Ft y  (8) 

1  3  0  »V<£+  0 

In  order  to  understand  the  "concept"  of  stability  or  instability  under  an  im¬ 
pulsive  load  for  this  one-dcgrce-o£- freedom  model,  let  us  consider  Fig.  3, 
which  is  a  plot  of  US  versus  0-0  , 


This  implies  that,  for  a  given  initial  kinetic  energy,  and  consequently  a 
given  impulse,  Eq.  (8),  say  °  D  (see  Fig.  3),  motion  is  a>n£ined  in  the  rc- 
gion  Q^0-flo  <  ©u.  It  is  clearly  seen  then  that,  as  long  us  T?  »  D  <  kL?x 
(V2  -  Vl+sind  r,  the  motion  of  the  system  is  bounded  and  it  contains  only  the 
stable  "zero  load"  static  equilibrium  point,  B.  Such  a  motion  is  termed  "un¬ 
buckled."  For  the  motion  to  cease  to  be  "unbuckled,"  i.e.  to  become  unbounded, 
D  must  be,  at  least,  equal  to  the  value  of  at  the  unstable  point  C.  Then 
thai  point  (C)  can  bo  reached  with  zero  velocity  and  the  motion  can  become  un¬ 
bounded.  Clearly  if  D  is  even  slightly  higher  that  the  1$  -  value  at  point  C, 
the  motion  does  become  unbounded  and  it  can  contain  other  static  equilibrium 
points,  such  as  point  C.  Such  a  motion  is  called  "buckled"  and  a  critical  con¬ 
dition  exists  when  the  impulse  is  large  enough  to  satisfy  the  roaltion 

“  U°<C)  (10) 

Introducing  nondimensionaiized  time  and  load  parameters 

*0  “  T0(fc/w>^  P  “  2P/kL 


Ul) 


and  making  use  of  Eqs.  (10)  and  (8),  one  obtains 


<PVcr  -  ^3 


(•^  4-  sin2eo)Q/2  -  Vl4sinep) 


sin  9  A/l+3sin“9, 


(12) 


Two  observations  are  worth  mentioning  at  this  point:  (a)  Because  this  is 
a  one-degree-of-freedom  model,  the  critical  impulse  (pT  )  given  by  Eq.  (12) 
represents  both  the  minimum  possible  (MPCl)  and  minimum  guaranteed  (MGCL) 
values  as  defined  in  [12];  (b)  Although,  the  concept  presented  so  far  is 
clear  and  it  leads  to  a  criterion  and  estimate  of  the  critical  condition,  it 
might  be  impractical  when  applied  to  real  structures.  In  the  particular 
example  shown  so  far,  it  is  clear  that,  according  to  the  presented  concept 
of  dynamic  instability,  "buckled”  motion  is  possible  if  the  system  is  al¬ 
lowed  to  reach  the  position  9  =  tt/2.  In  many  cases  such  positions  may  be 
considered  excessive,  especially  in  deflection-limited  designs.  In  such 
cases,  if  9  cannot  be  larger  than  a  specified  value,  then  the  allowable  im¬ 
pulse  is  smaller  and  its  value  can  be  found  from  Eq.  (10),  if  C  is  replaced 

by  the  maximum  allowable  value  of  9,  say  ©. .  In  this  case 

L 


^pTo^allowable 


_  ( ol  +  sin20  )  (-v/l+sito'  '  -  yi+sinO  ) 
Z/T -=2 _ 2 _ - h  ... _ <L_ 

sin9  vl+^sin^Q 
o  o 


(13) 


II  -  3.  Constant  Load  of  Infinite  Duration 

The  concept  of  stability,  for  this  case,  is  also  based  on  the  defini¬ 
tion  of  "buckled"  or  "unbuckled"  motion,  For  this  case,  the  sum  of  the 
total  potential  and  kinetic  energy  is  zero 

UP  +  Tp  -  0 

Fig.  4  shows  plots  of  UP  versus  9-0  for  various  values  of  the  applied  load, 
p.  It  is  seen  from  this  figure  the?  for  p  <0.432  motion  is  confined  between 
ehe  origin  and  0-0o  u  a.  A  critical  condition  exists  when  the  motion  can 
become  unbounded  by  including  position  A  (buckled  motion).  Thus  the  crit¬ 
ical  load  is  found  by  solving  the  following  equations,  simultaneously 


-  0  and  p  -  C/l+slnQ  “  «/i+sin0^ 

with  — £  <  0 

dCP 


cotO 

v'l+siuO 


US) 


U2 


Figure  4.  total  Potential  Curves  (Model  A;  d  *0.005. 

mH  0 

The  Inequality  condition  ensures  that  Ul!  »  0  at  an  unstable  equilibrium 
point.  The  results,  for  litis  model,  are  presented  graphically  on  Fig.  5.  For 
this  load  case  also,  (HPCL)  and  (MCCL)  are  the  same. 


tl  -  4.  Constant  Load  of  Finite  Duration 

The  concept  of  dynamic  stability  and  the  related  criterion  and  estimate 
for  this  load  case,  are  extensions  of  those  used  in  the  previous  two  dynamic 
cases.  Moreover,  these  previous  cases  are  limiting  cases  of  the  present  one. 
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Since  the  system  is  conservative, 
one  can  write 


+  Tp  =  0 


0  £  T  £  T 


(16) 


where  t  is  a  time  parameter  charac¬ 
terizing  the  load  duration  time. 


Similarly, 


<S  +  *"  ■  l'°T 


(T  )  +  f°(T  ))Ti  T 
o  o  '  o 


(17) 


The  following  observations  are 
made  concerning  the  boundedness  of 
motion  for  load  p  applied  for  t  units. 

First,  it  is  recognized  that  if  the 
applied  load  is  smaller  than  the  crit¬ 
ical  load  for  the  case  of  constant 
load  and  infinite  duration  (see  Fig. 
then  the  system  will  simply  oscillate 
about  the  near  stable  static  equilib¬ 
rium  position  and  there  is  no  possi¬ 
bility  of  "buckled"  motion,  regardless 
of  the  duration  time.  Therefore,  dy¬ 
namic  Instability  can  exist,  if  at  all, 
only  for  loads  greater  than  the  crit¬ 
ical  load  of  case  IT-3.  The  question, 
then,  is  for  how  long,  t  ,  must  such  a 
load  be  applied  in  ordev°for  the  mo¬ 
tion  to  become  unbounded  (buckled). 

This  question  and  its  answer  are  best 
understood  by  referring  to  Fig.  b. 

In  Fig:  6  the  total  potential  for 
zero  load,  U®,  and  for  load,  p, 
greater  than  the  ease  U-3  critical  load,Up,  are  plotted  versus  Q-0^.  hot 
^  denote  the  position  0  reached  by  the  system  at  the  end  of  the  duration 
time,  r  .  A  critical  condition  can  exist  (buckled  motion  is  possible),  if 
the  load  p,  applied  for  t  units,  has  imparted  sufficient  energy  Into  the 
system,  so  that  it  can  reach  position  A[U~(f  “CO]  with  aero  kinetic  energy. 
Note  that  position  A  corresponds  to  the  unstab  lest  at ic  equilibrium  position 
under  zero  load. 

On  the  basis  of  these  observations,  one  is  interested  in  est limiting  the 
critical  condition  (the  combination  of  p  and  t  for  this  dynamic  instability 
to  exist).  This  is  accomplished  through  the  following  steps:  (a)  at  the 
instant  the  load 


radians 

Figure  5.  Static  and  Dynamic 
Critical  Loads  (Model  A), 


p  is  released,  t0,  there  exists  continuity  in  kinetic  energy, 


T*’(to)  -  T>0) 


•,,6, 


or  Tp(§)  «  T®(^) 


(b)  from  Kq.  (16) 


TP(S) 


-i»J<e) 


(18) 

(19) 


(«)  use  of  Kqs.  (19)  and  (18)  in  Kq.  (17)  yields 


IW 


Figure  6.  Total  Potential  Curves  (Model  A). 


UT  (2  ‘  ®o>  "  UT(@>  “  UT<0>;  (20> 

which  for  this  model  become#  (Jl  -  yi+s'inS  2  »  p  (cosOQ  -  cos®)  (21) 

(d)  From  Eq.  (16),  through  Eqa.  (2)  and  (7),  one  may  find  the  expression  for 
dO/dT  and  consequently 

_  (1/3  +  sin20)d0 

T  m  .  —  ... . - . . . . — - - -  .  (22) 

0  6o  Cp(cos8o“cos0)  -  (^/l+sinO  -  i/ifsinS^) 2]^ 


Thus,  for  a  given  p,  calculate  0  from  Eq.  (21),  and  the  corresponding, 
from  Eq.  (22).  Note,  that  computationally,  it  la  easier  to  assign  values 
of  Q  (from  0  to  r)  and  compute  the  corresponding  values  of  p,  from  Eq.  (21) 
and  tQ,  from°Eq.  (22). 

The  results  for  this  model  are  presented  graphically  on  Fig.  7,  as  plots 
of  p  versus  r  for  various  values  of  8  .  Note  that,  as  rQ  -*<*,  p  ap¬ 
proaches  the  value  of  p  for  constant  load  and  infinite  duration.  cThe  re¬ 
sults  also  show  that  forextremely  small  (©  -8)*vaiues,  (pt0)cr  the  aame 
aa  the  ideal  impulse.  For  this  case  also,  the0  (HPCL)  and  (NGcL)  are  the  same. 

Note,  from  Fig.  7,  that  for  small  duration  times  (tQ<  0.1),  the  critical 
loads  are  extremely  high.  This  suggests  that,  in  real  structures,  there 
might  be  a  critical  condition  in  material  behavior,  rather  than  in  system 
response. 

Finally,  in  this  case  also,  if  one  deals  with  a  deflect ion- limited 


Figure  7.  Critical  Conditions  for  Step-Loads 
<Pcr  vs  t  or  p  vs  t0  {  Model  A) . 


design,  say  0  £  A,  "  0)  must  be  replaced  by  U^(A  -  0Q)  in  Eq.  (21). 

XU.  MODEL  B.  A  SNAP-THROUGH  MODEL 

Consider  the  model  shown  on  Fig.  3,  which  consists  of  three  equal 
length  rigid  bars.  The  three  bars  are  pinned  to  each  other,  and  they  are 
connected  with  rotational  springs  of  stiffness  B  (linear).  The  left  bar  is 
pinned  onto  an  immovable  support,  while  the  right  bar  is  pinned  onto  a 
movable  support,  which  in  turn  is  connected  to  a  wall  through  a  linear 
extensions!  spring  (horizontal)  of  stiffness  k  (linear).  Hie  middle  bar  is 
originally  horizontal  and  the  loading  consists  of  two  equal  concentrated 
forces,  P,  applied  at  the  ends  of  the  middle  bar  and  remaining  vertical. 

The  original  angle  between  the  horizontal  line,  joining  the  supports  and  the 
end  bars  is  a.  The  angle  between  the  horizontal  and  the  left  bar  in  a  de¬ 
formed  state  is  6,  while  the  angle  between  the  horizontal  and  the  right  bar 
is  <p. 
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Figure  8.  Geometry  and  Sign  Convention  (Model  B), 


This  is  a  two-degree-of-freedom  model,  and  as  it  will  be  seen,  from 
the  ensuing  discussion,  certain  new  features  enter  into  the  solution. 

Assuming  that  a, 9,  and  cp  are  small  angles  such  that  their  sine  can  be 
well  approximated  by  the  angle  itself  and  the  cosine  by  one  minus  half  of 
the  angle  squared,  then  the  expression  for  the  total  potential  is  given  by 

UT  «  |  p  [562  +  5<p2  -  -  20«  -  2pa] 


.  KL  fi2  2  2 

+  (or  -0  -  <p  +  q>0) 


PL  (2a  -  0  -  9) 


(23) 


The  independent  variables  are  (p  and  0  and  the  symmetric  response  mode 
is  characterized  by  0  ■  9. 

New  variables  r  &  s,  arc  introduced  such  that  the  symmetric  response 
is  characterized  by  s  *  0. 

These  arc 

1 V?  (r  -  s)  9  -  •/§  (r  +s) 


0  . 


r3 


(24) 


or  r  «  (0  +  9)/2v£  1  1  (if  -  ©>/2  Vp  (25) 

where  i  *  P/kL2  is  a  nondimcnaionalized  rotational  spring  stiffness  parameter. 
Through  introduction  of  additional  nondimensionalized  parameters 


U„ 


p 


kL  P 


3/2 


and  by  letting  or  *  PA 


the  following  expression  for  the  total  potential  is  obtained. 
Uj  -  <r+9s2-2/A  r  +  A)  +  |  (A-r2-3s2)2  -  2p  (/JC-r) 


(26) 


(27) 


(28) 


IV  -  1.  Static  Analysis 

It  can  easily  be  shown  that,  if  P  *  0  (no  rotational  springs),  the  system 
is  unstable  for  zero  load,  V  -  0,  and  thus  the  0*0  case  Is  excluded  from 
the  present  discussion,  which  also  allows  the  nondimensionalization  given  by 
Eqs.  (27)  and  (28)  (division  by  a  nonzero  number). 


The  static  analysis  is  performed  by  employing  the  energy  approach. 
dU  _  2  2 

For  equilibrium  -r—  -  0  =  2(r  -  vA)  -  (A  -  r  -3s  )  2r  +  2p  (29) 

and 

2  2 

=  0  =  18s  -  (A  -  r  -3s  >  6s  (30) 

By  introducing  a  new  load  parameter,  Q  =  p  -  VX  (31) 

the  equilibrium  equations,  Eqs.  (29)  and  (30)  become 

(A  -  1  -  r2  -  3s2)  r  =  Q  ;  s(A  -  3  -  r2  -  3s2)  =  0  (32) 

There  are  two  possible  solution  to  Eqs.  (32) 

(i)  Symmetric  response  s  s  0,  and 

(A-  1  -  r2)  r  -  Q  (33) 

(ii)  Existence  of  asymmetric  response,  s  ^  0 

A  -  3  o  r2  +  3s2  ;  2r  -  Q  (34) 

The  equilibrium  positions,  Eqs.  (32),  are  plotted  on  Fig.  9  as  a  load- 
deflection,  Q-r,  curve. 

On  the  basis  of  the  results  and  by  performing  the  stability  test  (second 
derivatives),  the  following  conclusions  are  drawn. 

(a)  For  A  <  l  there  is  no  possibility  of  buckling 

(b)  For  1  <  A  s  3  the  response  is  symmetric  (s  °  0)  and  buckling  occurs 
through  the  limit  point  (pt.  C  on  Fig.  9).  Positions  between  A  and  C  are 
stable,  and  the  critical  load  is  given  by 

(c)  For  3 <  A< 4  there  is  a  possibility  of  asymetric  modes,  but  for  this 
range  of  A-values,  point  B  is  to  the  left  of  point  C  (Fig.  9),  i.e. 

/2lH-«^/a  -  3  (36) 

and  buckling  still  occurs  through  the  limit  point.  Therefore,  p  is  given 
by  Eq.  (35). 

(d)  For  A  >  4,  buckling  occurs  through  the  existence  of  unstable  bifur¬ 
cation  (Pt,  B).  Positions  A  to  B  are  stable,  positions  BCO  and  BO  are  unsta¬ 
ble,  and  the  critical  load  is  given  by 

*  2^Tw3  ,  or  Pcr  »  -/K  +  (37) 

Critical  (buckling)  loads  are  plotted  on  Fig.  10. 

Hi  -  2.  Ideal  impulse 

In  order  to  simplify  matters,  it  is  assumed  that  the  three  bars  are 
weightless  and  that  the  impulse  is  imparted  into  the  system  through  two  masses 
m,  st  points  B  and  C.  This  is  also  used  in  determining  the  initial  T? ,  kinetic 
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energy  of  the  system.  Thus 

(PTo>  -  taL  JH  (g)lr  mJK  aud  T°  -  aL25  <ff>*  .  v/r 


where  T  is  the  duration  time, 
o 


yield* 


Introduction  of  the  new  nondimens Iona Used  parameters 

and  ■  Tj/S^l2, 

o  l  fdrN2! 

i  “  Z  \W  4  -  Ji 


*  •  •  (85' 


«">„  *  (&)' 


r  ■  VK 


f? 


(38) 


The  concept  of  dynamic  stability  is  similar  to  the  one  used  in  case  11-2. 

.-0  ,  £0  £0 
UT  4-  T  -  Tt 


(39) 

(40) 

(41) 


A  critical  condition  exists,  if  the  impulse,  (pt0),  imparts  sufficient  kinetic 
energy  into  the  syatem  so  it  can  reach,  with  zero  velocity,  an  unstable  static 
equilibrium  point  on  the  "*ero-lo*dM  total  potential,  U§. 

Clearly,  then  from  Eqa.  (4)  and  (41) 

(pTo*cr  *  ^  “-72  Uy  (unst.  st.  pt.)  (42) 

Th.ta,  before  (pt  )  can  be  found,  one  must  have  knowledge  of  all  st  ac¬ 
tionary  points  and  o£° their  character  (stable,  unstable  etc.).  Starting  with 
the  expression  for  (jSq*  (28)  with  p  -  0],  requiring  equilibrium,  and  per¬ 
forming  a  stability  analysis  the  following  results  are  obtained. 

Stationary  points  and  Their  character 
Pt.  1  at  fe/A.O)  -  Stable  (Relative  Minimum) 


V- 


Pt.  2  at  l-(/JK  -  JK^)/2, Ol 
Pt.  3  at  1-1/JK+  vA-4) / 2 , Ol 
Pt.  4  at  L-vA/2  ,  v^2/2] 
Pt.  5  at  [-^\/2  ,  n^U2/2] 


Plguye  10.  Static  Critical 
Loads  (Mode 1  8). 


Unstable  (Relative  Maximum) 

Stable  (Relative  Minimum) 

Unstable  (Saddle  Point) 

Unstable  (Saddle  Point) 

We  observe  that  there  are  two  pos¬ 
sibilities  of  the  motion  becoming  un¬ 
bounded;  (a)  by  reaching  Pt.  2  with 
zero  velocity,  in  which  case  the  system 
will  definitely  move  toward  Pt.  3  (far 
stable  point);  in  this  case  the  corre¬ 
sponding  critical  impulse  is  termed 
(MGCL)  because  U$  (Pt.  2)  is  the  lar¬ 
gest  of  all  (stationary  pts,)  thus, 
regardless  of  the  path  of  motion  in  the 

r,  s  space;  (b)  by  reaching  either  Pt. 

4  or  Pt.  5,  in  which  case  there  is  a 
single  possibility  of  the  motion  becom¬ 
ing  unbounded  and  enclosing  one  unstable 
point.  Note  that,  in  this  case,  there 
is  a  possibility  of  unbounded  motion, 
but  this  is  not  guaranteed,  because  the 
system  can  simply  oscillate  in  the  r, 

s,  space  bounded  by  lines  of  equal  po¬ 
tential  to  U?  (Pt,  4)  enclosing  only 
the  near  static  stable  point,  Pt.  1, 
and  the  '•saddle"  points,  Pt.  4  or  Pt.  !x 
Thus,  the  corresponding  critical  im¬ 
pulse  Is  called  (HPCL).  (HPCL)  and 
(MGCL)  denote  upper  and  lower  bounds  of 
(PT0>cr 


By  2q.  (42), 

(mpcl)  (pyer«3^ 

(MGCL)  (pf0)ev  -  tSA-2-^A2-4A  +  ~  (A4-^A2-4A)Z^  ^ 

Note  that  critical  conditions  c  i  exist  only  for  A  S  4.  if  A  *  4,  there 
is  no  far  stable  static  equilibrium  point  on  the  "zero-load"  total  potential. 
The  results  are  plotted  on  Pig,  U. 

1U  -  3.  Constant  Load  of  Infinite  Duration 


The  concept  of  dynamic  stability  is  similar  to  the  one  used  for  one-d»- 
grcc-of -freedom  models,  The  only  difference  is  that,  in  this  case,  there  is  a 
lower  bound  (HPCL)  and  an  upper  bound  (MGCL),  The  lower  bound  corresponds  to 
loads  for  which  there  is  a  possibility  of  "buckled"  motion,  while  the  upper 
bound  corresponds  to  loads  for  which  the  motion  will  definitely  be  “buckled." 
Because  the  existence  of  bounds  is  dependent  upon  the  value  of  A  the  discus¬ 
sion  will  be  based  on  the  range  of  A-  value a. 


Figure  11.  Critical  Ideal  Impulse  (Model  B) 


(a)  For  A  <  3  there  are  no  saddle  points  and  the  system  behaves  as  a  one-de- 
gree-of- freedom  system.  Therefore,  for  this  case  the  governing  equations  are 

V— T - ~1 - 1 - 1 - 1 - 1  uj  «  0  }  (A-l-r2)  r  -  Q; 


and  -**$  «£  0  at  the  solution 
dr“ 

Mote  that  for  this  ease  "buckled" 

'  motion  is  both  possible  and  guaranteed 
Thus  the  upper  and  lover  are 

-  coincident. 

>  (b)  For  n  >  3,  there  exist  "saddle" 

points  on  the  total  potential*  iaaddi- 

-  tion  to  the  relative  maximum  point. 

All  three  are  unstable  static  equili¬ 
brium  points.  Therefore,  the  motion 

-  can  become  -."hackled"  either  through  a 
saddle  point  or  through  the  relative 

po‘nt.  It  will  next  be  shown 
i  that,  in  certain  instances,  "buckled" 
v>  -'motion -is  possible  and  in  others  guar- 
j  antecd.  before  proceeding .with-  the 
.analysis  tho.;'foiUri^g  «beervatiotts  are 
•  made:  • .  -s' '  -  .■  • 

.  ; ‘  Parenthesis  1:  fp^ir  a  Specified  load 
the  total  Potential  has  a  lover  value 


Figur*  12.  Critical  dynamic  load 
(Infinite  Uoratioa;  Model  I ) 
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at  a  "saddle"  point  than  at  a  relative  maximum  point.  This  can  be  proven 
through  computation  of  U§  at  the  corresponding  points. 

Parenthesis  2:  Regardless  of  the  value  of  p  and  A  (for_A  >  3) ,  the  total  po¬ 
tential  at  any  s  position,  but  a  fixed  r-position  (r  =  r  <  Jh-3) ,  has  a  higher 
potential  than  that  of  a  position  characterized  by  r  =  r  and  an  s-position  on 
the  ellipse  „  „ 

r  +  3s  =  A  -  3  (45) 

Note  that  the  ellipse,  Eq.  (45),  defines  the  locus  of  static  equilibrium 
points  ("saddle"  points) . 

Proof:  Let  AuE  denote  the  difference  in  total  potential,  between  the  any  s- 
position  and  that  of  an  s-position  on  the  ellipse  (r  =  r) ,  Then,  from  Eqs. 

(28)  and  (45)  ^p  =  [“^g2.^  "  +  A+^(A  _  r2 . 3s2)2  _  2p(^  _  r)-j 

-  [4A  -  |  -  2r2  -  zJK  i  -  2p(Jh  -  r)] 

-2  2  q  i  _o  o  *) 

=  3(r  +  3s  -  A)  +  |  +  |  (A-r  -  3s  V 

=  k  (A  -  3  -  i2  -  3s2)2  £  0  Q.E.D.  (46) 

Clearly  the  difference  is  zero  when  s  is  on  the  ellipse  and  positive  for  ail 
other  s. 

Parenthesis  3:  For  p^4  +  2jh-3  [loads  higher  than  the  static  critical 
load  -  see  Eq.  (37)],  if  r^  <  r£  £  */A-3,  then  the  total  potential  on  the  el¬ 
lipse,  Eq.  (45),  is  higher  at  r2  than  at  rj. 

Proof;  By  Eqs,  (42)  and  (59) 

Auj!  =  u£(r2)  -  ujo^)  =  2(r2-rx)  [p  -  JR  -  (?2  +  (47) 

Since  r2  -  rj  is  positive,  AUm  is  positive  if  p  >  JR  +  (r„  +  ?i) .  But  p 

£  JR  +  z/A-3,  thus  if  JR  +  Zjh-i  >  JK  +  (r2+ri)  then  definitely  p  >  JR  +  (r2 

+  r^) .  Clearly  from  the  statement  of  the  parenthesis  2»/A-3  >  r2  +  r^,  which 
concludes  the  proof. 

As  the  load  is  increased  from  zero,  at  low  values  of  p  the  zero  potential 
lines  in  the  rs-space  enclose  only  the  near  static  equilibrium  point  and  the 
motion  is  "unbuckled".  At  same  value  of  the  load,  the  first  unstable  point(s) 
at  which  the  total  potential  can  become  zero  is  (are)  the  "saddle"  poiht(s) 

according  to  Parenthesis  1,  At  this  load  there  is  a  possibility  of  "buckled" 
motion  through  the  saddle  point.  This  load,  then,  is  called  (MPCL).  The  gov¬ 
erning  equations  for  finding  this  critical  load,  as  well  as  the  corresponding 
position  (sr  coordinates)  of  the  saddle  point  are: 

u£  =  (r2+ps2-2y^  r+A)  +  %  (A-r2-3s2)2  -  2p(^/iv-r)  ■  0 

(A  -  1  -  r2  -  3s2)r  ®  p  “JR  (48) 

A  -  3  -  r2  -  3s2  =  0 

Note  that  "saddle"  points  are  unstable,  thus,  there  is  no  need  for  applying 
the  stability  requirements.  The  solution  to  Eqs.  (45)  yields  (MPCL):  p 

=  3(/fi-l)  and  "saddle"  point  at  r  ■  ^-3/2;  s*+  (*/7t- 7/4)^.  ®(49) 
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The  solutions  to  Eqs.  (43)  and  (48)  are  plotted  on  Fig.  12. 

As  far  as  the  case  of  the  upper  bound  is  concerned  (MGCL) ,  there  are  two 
ways  through  which  a  guaranteed  "buckled"  motion  can  be  achieved.  One  way  is 
to  require  at  the  relative  maximum  unstable  static  point  to  be  zero.  In 
this  case  the  motion  is  definitely  buckled  and  the  critical  load  can  be  ob¬ 
tained  from  the  solution  of  Eqs.  (43).  The  second  way  is  for  loads_which  are 
equal  to  the  static  critical  load  for  asymetric.  buckling  (*/K  +  2JX-3) .  In  this 
case,  although  the  total  potential  at  the  relative  maximum  point  is  higher 
than  zero,  guaranteed  "buckled"  motion  can  be  achieved  because  of  Parentheses 
2  and  3.  In  this  latter  case,  p  (MGCL)  is  given  by  the  expression  for  the 
static  load.  Both  results  are  sftown  graphically  on  Fig.  12. 

Note,  that  the  upper  bound  is  the  smallest  load  computed,  either  by  the 
solutions  of  Eqs.  (43)  (for  V7/4  <  A  £  5.3),  or  by  the  static  critical  load 
(for  A  s  5.3).  Moreover,  for  very  large  A-values  the  upper  and  lower  bounds 
approach  each  other, (3 J\) . 

Ill  -  4.  Constant  Load  of  Finite  Duration 


In  this  particular  load  case,  the  critical  load  is  bounded  between  an  up¬ 
per  bound  (MGCL)  and  a  lower  bound  (MPCL) .  In  either  case  the  question  to  be 
resolved  is  as  follows:  For  a  specified  duration  time,  tq,  what  is  the  value 
of  the  load  such  that  the  subsequent  motion  can  definitely  become  unbounded 
for  the  former  case,  (MGCL),  or  can  possibly  become  unbounded  for  the  latter 
case,  (MPCL) .  Since  the  load  is  released  after  tq  time,  the  motion  becomes 
unbounded  through  either  the  relative  maximum  point  on  the  "zero-load"  total 
potential  or  the  "saddle"  point  on  the  same  potential.  Therefore,  the  solu¬ 
tion  is  sought  by  requiring  the  load  for  duration  time  t0  to  impart  sufficient 
kinetic  energy  into  the  system  in  order  to  reach  the  unstable  static  equili¬ 
brium  points  (stationary  points)  with  zero  velocity. 


On  the  basis  of  the  above  discussion  one  may  proceed  as  follows  (in  a 
similar  manner  as  in  11-4): 


and 


fij  +  T°«  uJ(T  )  -f  f°(T  )}  T  >  T 
T  T  o  '  o  o 


<i?  +  tp 


o  ; 


0  T  S  T 


(50) 


Note  that  at  t0  the  system  is  at  some  position  (r,s),  which  implies  that 
the  path  associated  with  the  motion  during  0  <  r  s*  r0  con  play  a  significant 
role. 


Requiring  continuity  in  kinetic  energy  at  r  ■  tq,  one  may  write 

T°<to)  -  TP(to)  -  «u{<T0>  (51) 

Consequently,  requiring  the  system  to  reach  on  unstable  static  equilibri¬ 
um  point  with  zero  velocity  yields 

ii“(unst.  st.  pt.)  -  ii°(To)  -  ulf(T0)  (52) 

This  last  equation,  when  the  expressions  for  fi®,  and  ttp  are  substituted  on 
tiie  right-hand-side,  becomes 

u£(unst.  st.  pt.)  -  2p(y^-r)  (53) 
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From  this  equation  it  is  clearly  seen  that  for  a  fixed  r-value,  there  is 
only  one  p-value.  Therefore,  a  better  question  to  ask  is  "out  of  all  possible 
paths  in  the  rs-space,  which  one  must  be  followed  in  order  that  the  system 
reaches  position  r  with  minimum  time  (t  )?"  Thus,  the  problem  in  reality 
falls  in  the  category  of  the  "brachistochrone"  problem. 


The  left  hand  side  of  Eq.  (53)  is  given  by  either 
U°  (Pt.  4  or  5)  =  |  (A-l) 

U°  (Pt.2)  =  ^  -  1  -  |^/a2-4A  +  |<A  +  2  +  Ja2-4A)2 
The  kinetic  energy  expression  is  given  by 


(54) 


(55) 


It  is  clear,  so  far,  that  the  (MPCL)  case  corresponds  to  using  the  first  of 
Eqs .  (54)  into  Eq,  (53).  The  (MGCL)  case  corresponds  to  using  the  second  of 
Eqs.  (54)  into  Eq.  (53).  Only  the  lower  bound  (MPCL)  is  found  in  this  paper, 
and  the  following  reasoning  is  employed.  When  very  high  loads  are  used  in  Eq. 
(53) *  the  corresponding  position  r  is  very  close  to  the  initial  position  r  ® 
fK.  Because  of  this,  the  probable  and  logical  path  is  a  symmetric  path,  s  aO. 

Then,  from  the  second  of  Eqs.  (50)  one  may  solve  f°r(TT)  and  conse¬ 
quently  through  integration  for  tq»  or  '  ' 

n*  dr 

T  =>  f  - - - - 5 - s-5-X  (56) 

0  [8p(^-r)  -  4^-r)  -  2(A-r)  j* 

Then,  for  a  given  high  load  p,  one  can  solve  for  r  from  Eq.  (53)  and  for  tq 

from  Eq.  (56).  Computationally,  the  problem  is  easier  solved  as  follows: 

Assign  values  of  t;  A/A -3  £  r  <  /ftjand  solve  for  p  and  to  f*oo  Eqs.  (53)  and  (58). 

If  the  combination  of  p,  tq  is  such  that  r  <  /5\"~ -T,  then  the  best  candi¬ 
date  for  a  path  of  motion,  during  0  <  t  <  Tn,  seems  to  be  symmetric,  s  b  0, 
for  /A "  - T  s  r  <  ^  and  asymmetric,  see  Eq?  (45)»for  r  <  /A- 3  primarily 
because  of  Parentheses  2  and  3  of  Art.  IXI-3.  For  this  condition,  the  gover¬ 
ning  equations  consist  of  Eqs.  (53)  in  combination  with  the  first  of  Eqs.  (57) 

(equation  of  motion) , which  lends  to  the  time  r  -equation  (here  the  equation 
of  the  path  is  employed  as  well  as  continuity  in  the  speed, dr/dt). 


The  equations  of  motion  are; 

2  2 

-  4[r(A-l-r2«3a2)  -  p  +  JR]  -  0;  ^4  -  12a(A-3-r23e2)  -  0  (57) 

drz  dt 


The  total  time,  is  given  by 
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(58) 


To  *  T1  +  r2 


where  is  given  by 


J 


3 


dr 


JR  [8p(7A-r)  -  h(JK-r)Z  -  2(A-r2)2]^ 


(59) 


; 


dr 


JRJ5  [8r2  +  8  (>/X-r  +  &JRr  -  16A  +  18]* 


(60) 


SR 


Computationally,  values  or  r  are  assigned  (-  ~  <  r  <  /3PT)  and  p  and  t  are 
obtained  from  Eqs.  (53)  and  (58).  0 

The  results  are  shown  graphically  in  Fig.  13.  Note  that  as  t  -*  »,  p 
approaches  the  value  corresponding  to  the  critical  condition  of  constant  load 
of  indefinite  duration.  As  t  -*  0 ,  (pT  )  approaches  half  of  the  value  ob¬ 
tained  for  the  ideal  impulse  8ase,  Eqs?  ?$3),  because  there  are  two  loads  p. 


Figure  13.  Critical  Conditions  for  Step-Loads 
(Lower  Bound;  Model  B). 
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V.  CONCLUSIONS 


Two  models  are  completely  analyzed  for  quasistatically  applied  loads 
as  well  as  suddenly  applied  loads  of  constant  magnitude  and  finite  duration, 
t  ,  including  the  extreme  cases  of  t  -»  0  and  t  -*  «.  These  models  are 
representative  of  (a)  imperfection  sensitive  structures  and  (b)  of  structures 
that  tend  to  snap-through  because  of  unstable  bifurcational  paths  such  as 
shallow  arches  and  shallow  spherical  caps. 

The  detailed  analysis  for  the  dynamic  load  cases  leads  to  clear  defini¬ 
tion  of  the  concept  of  instability  under  dynamic  conditions,  as  well  as  clear 
criteria  and  related  estimates  for  this  class  of  problems. 

Moreover,  on  the  basis  of  this  presentation,  criteria  and  estimates  may 
be  formulated  for  more  general  dynamic  loads,  such  as  time -dependent  loads. 

In  addition  it  is  the  belief  of  the  author,  that  the  analyses  of  the  one-  and 
two-degree-of-freedom  models  are  also  applicable  to  a  large  class  of  structur¬ 
al  elements  and  configurations,  because  many  of  them  do  behave  as  a  one-  or 
two-degree-of-freedom  systems.  Examples  of  these  include  the  two  bar  frame 
loaded  in  a  direction  parallel  to  one  of  the  bars  with  or  without  eccentricity 
[13]  (one-degree-of-freedom) ,  and  the  shallow  arch  [5,9,12]  (two  degree  of 
freedom).  This  contention  should  not  be  confused  with  vibration  modes  or 
how  many  terms  in  a  series  are  needed  to  represent  the  static  or  dynamic  re¬ 
sponse  of  the  system. 

Finally,  it  should  be  stressed  again,  that  in  the  case  of  suddenly 
applied  loads  of  finite  but  small  duration,  the  level  of  the  critical  load 
is  very  high,  which  suggests  that  the  structure  is  critical  because  of 
material  behavior,  rather  than  kinematic  response. 
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ABSTRACT 


A  practical  scheme  for  the  transient  response  analysis  of 
submerged  double  hulls  impinged  upon  by  incident  pressure  pulse 
is  described.  Its  validity  is  demonstrated  by  comparing  results 
to  analytical  solutions  for  two  elementary  double  hull  config¬ 
urations.  An  approximate  treatment  of  the  shielding  effect  of 
the  outer  null  is  also  suggested. 

INTRODUCTION 


The  transient  response  of  submerged  fluid-coupled  double 
hull  structures  impinged  upon  by  incident  pressure  waves  has  been 
studied  for  two  elementary  configurations  which  lend  themselves 
to  be  analyzed  by  the  classical  partial  differential  equation 
techniques  such  that  the  transient  scattering  and  radiation  pro¬ 
blems  in  the  fluids  and  the  dynamic  response  problem  of  the 
elastic  shells  are  solved  simultaneously.  These  cases  are  the 
axisymmetric  response  of  two  initially  concentrated  spherical 
shells  [1]  and  the  plane  strain  response  of  two  co-axial  cylin¬ 
drical  shells  [2],  It  has  been  learned  that  a  thin  outer  shell 
tends  to  be  transparent  to  short  incident  pulses  and  that  the 
primary  shielding  effect  of  the  outer  shell  against  long  Incident 
pulses  can  be  estimated  by  asymptotic  formulae. 

In  practical  situations,  however,  the  double  hull  config¬ 
urations  are  much  more  complex  than  the  cases  mentioned  above. 
Moreoever,  for  damage  predictions,  the  response  analysis  is  often 
required  to  be  carried  into  the  nonlinear  elasto-plastlc  regime 
Including  possible  dynamic  instabilities.  For  such  analyses,  the 
use  of  numerical  and/or  approximate  methods  is  Inevitable. 

A  PRACTICAL  ANALYSIS  SCHEME 


An  analysis  scheme  which  is  practical  within  the  current  com 
putation  technology  has  been  proposed  in  reference  [3].  It  is 
briefly  summarized  here  and  will  later  be  tested  vis-a-vis  the 
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two  analytical  solutions  mentioned  in  the  preceding  section. 

For  general  double  hull  configurations,  the  solid  structural 
members  as  well  as  the  entrained  fluid  will  be  treated  by  the 
finite  element  method  which  has  recently  made  great  strides  in 
computing  the  nonlinear  dynamic  elasto-plastic  response  of  met¬ 
allic  structures.  There  already  exist  various  generalized  com¬ 
puter  programs  (codes)  for  linear  and  nonlinear  analyses,  e.g., 
NASTRAN,  ADINA,  PETROS,  SKAGS,  etc.  [4].  Here  the  entrained 
fluid  is  considered  to  be  compressible  and  inviscid.  Finite  ele¬ 
ments  for  such  an  ideal  fluid  have  long  been  formulated  for  tran¬ 
sient  analyses  of  fluid-structure  systems,  e.g.  [5,6,7].  In  par¬ 
allel  to  solid  finite  element  practices,  there  are  elements  based 
on  displacement  and  force  (pressure)  formulations  and  their  rel¬ 
ative  advantages  have  been  discussed  in  references  [8,9].  The 
"pressure"  elements  have  the  least  number  of  degrees  of  freedom 
per  element  since  each  node  has  only  one  unknown.  When  they  are 
used  for  the  fluid-structure  interaction  problems,  however,  the 
resultant  system  matrix  is  nonsymmetric  with  the  associated  num¬ 
erical  difficulties.  Since  many  finite  element  computer  programs 
are  structured  for  only  symmetric  matrices,  it  would  be  impos¬ 
sible  to  use  the  "pressure"  elements  in  such  programs  without 
major  reprogramming.  Even  for  programs  with  nonsymmetric  matrix 
operation  capabilities,  the  use  of  the  "pressure"  elements  still 
requires  some  additional  programming  for  satisfying  the  boundary 
conditions  imposed  by  such  elements.  The  "displacement"  elements 
have  more  degrees  of  freedom  per  element  since  each  nodal  dis¬ 
placement  has  n  components  for  an  n-dimensional  element.  None¬ 
theless,  the  use  of  such  elements  for  fluid-structure  interaction 
analyses  ends  up  with  a  symmetric  system  matrix  and  the  associ¬ 
ated  numerical  efficiencies.  Moreoever,  by  appropriately  modi¬ 
fying  their  material  property  matrices,  many  "displacement"  solid 
elements  can  be  "mocked"  as  fluid-elements  and  therefore  many 
existing  structural  finite  element  programs  can  immediately  be 
used  without  any  reprogramming  [8,9].  For  both  types  of  elements, 
the  use  of  suitable  constitutive  relations  (equations  of  state) 
in  the  formulation  could  also  take  into  account  the  effect  of 
possible  cavitation  [10,11].  The  effectiveness  of  the  fluid 
finite  elements  for  this  type  of  problems,  however,  is  not  pre¬ 
viously  known  and  will  also  be  examined  here. 

The  treatment  of  the  interaction  of  the  incident  pressure 
wave  with  the  finite  element  structural  system  requires  some  con¬ 
sideration.  It  is  neither  necessary  nor  practical  to  use  the 
finite  element  or  finite  difference  method  to  analyze  the  wave 
field  in  the  external  fluid.  Firstly,  for  any  realistic  config¬ 
uration  the  finite  element  representation  of  the  structural  sys¬ 
tem  already  requires  a  substantial  portion  of  the  capacity  of  a 
modern  computer.  To  do  the  same  for  the^external  wave  field 
which  is  in  general  3-dimensional  would  require  even  much  larger 
computer  capacity  albeit  there  exist  many  finite  difference  and 


finite  element  hydrodynamic  computer  codes.  Moreover,  the  pro¬ 
pagation  and  accumulation  of  numerical  truncation  and  round-off 
errors  often  render  the  accuracy  of  such  large  scale  computations 
uncertain.  Secondly,  for  many  practical  situations,  the 
strengths  of  the  incident  underwater  shock  waves  are  such  that 
the  problem  does  not  require  the  full  set  of  hydrodynamic  equa¬ 
tions.  For  instance,  if  the  strength  of  the  underwater  incident 
wave  is  below  4  x  107  it  behaves  practically  as  an  acoustic 
pulse  propagating  in  an  acoustic  medium  [12].  This  linearized 
"acoustic"  treatment  is  used  in  the  present  analysis  scheme  for 
analyzing  the  transient  scattering  and  radiation  wave  fields  and 
determining  the  interaction  loading  on  the  structure.  Here,  the 
exact  solution  is  represented  by  Kirchhoff's  Retarded  Potential 
Integral  which  reduces  the  3-dimensional  wave  field  problem  to  a 
2-dimensional  problem  at  the  fluid-structure  interface  [13]. 

Even  for  this  2-dimensional  problem,  a  full-fledged  solution  of 
the  interaction  problem  is  still  being  considered  to  be  too  dem¬ 
anding  on  the  current  computing  capability  and  further  simplifi¬ 
cations  can  still  be  used  to  advantage.  The  currently  most 
widely  used  approximation  for  this  type  of  problem  is  the  Doubly 
Asymptotic  Approximation  (DAA)  [14,15]  which  greatly  reduces  the 
computation  for  the  wave  field  in  the  external  fluid.  It  is 
therefore  adopted  here.  Its  range  of  application  has  been  dis¬ 
cussed  in  references  [15,16]  and  its  mathematical  expression  is 
briefly  described  in  the  following  paragraph. 


For  the  analysis  of  a  submerged  complex  structure  impinged 
upon  by  an  incident  pressure  pulse,  it  is  well  known  that  for  the 
early  part  of  the  interaction  or  in  the  high-frequency  limit  the 
scattered  and  radiated  wave  forces  can  be  simply  given  as 

iFs}  ■  pV  [A]  {l)s|  (1) 

The  above  equation  has  been  written  in  matrix  form  for  convenient 
interfacing  with  finite  element  structural  analyses  and  therein 
{Cl  }  is  the  vector  for  scattered  and  radiated  wave  fluid  particle 
velocities  normal  to  the  structure's  surface  in  contact  with  the 


external  fluids  [A]  is  the  finite  element  area  matrix  for  that 
surface,  and  pe  and  ce  are  respectively  the  mass  density  and  the 
sound  speed  of  the  fluid.  It  is  also  well  known  that  for  long 
time  interaction  (or  in  the  low-frequency  limit)  the  wave  forces 


are  simply 


{Fs}  ■  EV  {“s} 


(2) 


where  {u  } denotes  the  fluid  particle  acceleration  vector  and 

where  [M  ]  is  the  added  mass  matrix  which  may  be  readily  deter¬ 
mined  byvan  analysis  of  incompressible  fluid  motion  appropriate 


to  a  distribution  of  elemental  source  on  the  structure's  exter¬ 
nal  surface  [17].  Equations  (7)  and  (2)  are  actually  two  asymp¬ 
totic  relations,  therefrom  Geers  [14,15]  formulated  an  approxi¬ 
mate  expression  for  the  scattered  and  radiated  forces 

(pV)-’  [A]’’  {f,}  ♦  [M,]'’  |FS}  -  {'«,}  (3) 

where  the  dot  denotes  time  differentiation  and  [A]’"*  and  [M  ]~^ 
are  the  inverse  of  [A]  and  [M  ]  respectively.  This  expression 
is  asymptotically  exact  for  both  early-time  (high-frequency) 
and  late-time  (low-frequency)  fluid  motion,  effecting  a  smooth 
transition  in  the  intermediate  range.  It  is  therefore  termed 
Doubly  Asymptotic  Approximation.  Equation  (3)  is  to  be  solved 
simultaneously  with  the  equation  of  motion  (linear  or  nonlinear)of 
the  finite  element  structural  system  subjected  also  to  forces 
due  to  the  incident  wave  and  the  boundary  condition  at  the 
interface  between  the  structure  and  the  external  fluid 

H  ■  {ui}  +  {“4  (4) 

where  jw|  is  the  normal  velocity  vector  of  the  structure 
elements  at  the  fluid-structure  interface  and  Ci,  represents 
the  incident  wave  fluid  particle  velocity  in  the^ame  direction. 
Various  computational  strategies  for  such  a  simultaneous  solu¬ 
tion  have  been  formulated  and  several  computer  codes  have  been 
disseminated  [18,19],  Equation  (3)  is  a  system  of  first  order 
differential  equations.  If  the  external  fluid-structure  inter¬ 
face  of  an  N-degrees-of-freedom  structure  has  N'  (N1  <  N) 
degreees  of  freedom  normal  to  the  interface,  by  this  approxi¬ 
mation  the  entire  fluid-structure  interaction  problem  has  N  + 

N' / 2  degrees  of  freedom. 

An  appraisal  of  the  effectiveness  of  this  analysis  scheme 
is  made  here  by  means  of  comparisons  with  the  presently  avail¬ 
able  analytical  solutions. 

THE  TEST  PROBLEMS 

Figure  1  sketches  a  submerged  fluid-coupled  cylindrical 
or  spherical  shell  system  impinged  upon  by  an  incident  plane 
pressure  wave.  The  fluid  surrounding  the  outer  shell  and  that 
between  the  two  shells  are  considered  to  be  ideal  compressible 
fluids  in  linear  wave  motions  and  can  be  characterized  by  their 
unperturbed  mass  densities  and  sound  speeds  (p  ,  c  )  and  (p,  c) 
respectively*  The  external  fluid  is  of  infinite  extent.  The 
shells  are  initially  concentric.  In  this  study,  the  strength 
of  the  Incident  wave  is  sufficiently  weak  such  that  the  shell 
deflections  are  elastic  and  small  and  the  deviation  from  the 
concentricity  remains  negligible  for  the  time  duration  of 
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INCIDENT  PLANE  WAVE 


Fig.  1:  Sketch  of  the  Test  Problem. 
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interest.  The  middle  surface  radii,  thickness,  mass  densities, 
Young’s  moduli  ancj  Poisson's  gatios  of  the  outer  and  inner 
shells  are  (a,  h  ,  p®,  E®,  ve)  and(a,  h,  p  ,  E,  v),  respec¬ 
tively.  For  the  casesof  two  coaxial  cylindrical  shells,  it  is 
a  plane  strain  problem,  while  for  the  two  spherical  shells  the 
problem  is  axisymmetric. 

The  deflections  of  the  inner  shell  in  the  r-  and  0- 
direction  normalized  with  respect  to  the  outer  shell  radius  ae 
are  genoted  by  w  and  v  respectively  and  those  of  the  outer  shell 
by  w  and  ve  respectively.  Since  this  is  a  linear  problem,  it 
suffices  to  only  consider  the  case  for  which  the  incident  wave 
is  a  step  wave.  The  numerical  results  here  are  for  two  steel 
shells  with  water  in  both  the  exterior  and  the  inter-shell 
reaions.  The  incident  pressure  normalized  with  respect  to 
p®(c®)*  is  equal  to  unity.  The  material  properties  and 
dimensions  are : 

ce  =  c  =  1524  m/sec 
pe  =  p  =  100  kg/m3 

p®  =  Ps  =  7785  kg/m3  {5) 


Ee  o  £  = 

0.206844  x  1012PA 

ve  =  v  = 

0.3 

h/a 

«*  1/69  | 
| 

[  for  the  cylindrical 

he/ae 

=  1/345J 

1  system 

h/a 

■.  1/50  | 

j 

for  the  spherical 

he/ae 

■  1/2  50  ^ 

system 

a/ae 

»  0.8 

h/he 

a  4 

COMPUTATIONS  AND  RESULTS 

For  the  cylindrical  plane  strain  problem,  the  simultaneous 
solution  of  the  Doubly  Asymptotic  Approximation  equation  of  wave 
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motion  in  the  external  fluid  and  the  equation  of  motion  of  the 
double-walled  shell  system  is  carried  out  by  an  Underwater  Shock 
Analysis  (USA)  code  [19]  interfacing  with  NASA’s  general  purpose 
structural  analysis  code  NASTRAN  [20].  The  Doubly-Asymptotic- 
Approximation-NASTRAN  computation  has  been  demonstrated  to  be 
highly  effective  for  the  cylindrical  plane  strain  configuration 
since  it  reproduces  the  results  of  an  exact  analysis  of  the 
transient  response  of  a  single  cylindrical  shell  to  an  incident 
step  wave  [21 ] . 

Due  to  the  symmetry  of  the  present  problem  it  is  only 
necessary  to  use  a  finite  element  model  for  the  region,  0  <  0 
<  tt.  In  the  plane  strain  fashion,  each  half  shell  is  represen¬ 
ted  by  28  plate  bending  elements,  and  the  entrained  fluid  by 
NASTRAN  "displacement"  hexahedron  solid  elements,  each  composed 
of  five  tetrahedrons  "mocked"  as  fluid  elements  [9],  The  finite 
element  gridworks  used  for  the  computations  are  depicted  in 
Figure  2  with  56  fluid  elements  and  Figure  3  with  112  fluid 
elements.  The  lumped  mass  matrices  for  the  systems  are  used. 

It  is  also  decided  that  the  first,  instead  of  higher,  order 
hexahedron  elements  are  used  for  the  maintenance  of  completeness 
and  interelement  continuity.  The  complete  NASTRAN  finite  ele¬ 
ment  models  are  then  interfaced  with  the  USA  code  for  computing 
the  transient  responses  using  an  unconditionally  stable  stag¬ 
gered  time  integration  technique  [22], 

The  finite  element  solutions  are  carried  out  by  first  using 
an  integration  time  step  equal  to  1/50  of  the  transit  time  for 
the  incident  wave  front  to  traverse  the  distance  of  one  outer 
shell  diameter.  This  time  step  size  is  based  on  the  experience 
in  obtaining  the  analytical  solution.  Results  are  computed  for 
100  time  steps.  Later,  half  of  this  time  step  is  also  used  and 
produces  results  which  merely  change  the  5th  or  6th  digits  of 
the  coarser  time  step  results. 


Figure  4  compares  the  analytical  and  the  NASTRAN-USA  finite 
element  solutions  for  the  time  histories  of  the  hoop  stress 
resultant 


%  (a.t)  =  -A  (w  ♦ 

I  -V 


(6) 


at  various  locations  of  the  interior  shell  using  the  gridwork 
of  Figure  2.  In  Figure  4, 


T  *  cet/ae 

TV  -  (1  -  n)/£, 
C  e  a/ae 


(?) 
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Finite  Element  Gridwork  with  two  Layers  of  Fluid 
Elements. 


f  ! 


*  - 


h 

w: 

i?  ■ 


!t\ 

k- 


Hi'.' 


I 


r 


Fig.  3:  Finite  Element  Gridwork  with  Four  Layers  of  Fluid 
Elements. 
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ANALYTICAL  SOLUTION 
2  FLUID  LAYER  MODEL  SOLUTIONS 


V  «  (T  -  *j)/4 

Time  Histories  of  Hoop  Stress  at  the  Inner  Cylindrical 
Shell  Middle  Surface,  Using  Gridwork  of  Figure  2. 


and 

n  =  (1  -  Oce/c 

where  t  is  the  time.  It  can  be  seen  that  there  is  a  very  good 
agreement  for  the  arrival  times  and  magnitudes  of  N„(Q,T') 
between  the  analytical  and  finite  element  solutions. 

Figure  5  compares  the  same  hoop  stress  time  histories  of 
the  finite  element  solution  using  the  refined  gridwork  of  Fig¬ 
ure  3.  There,  it  can  be  seen  that  doubling  the  number  of  fluid 
elements  further  improves  the  finite  element  results  in  that 
the  peaks  and  valleys  of  the  stress-time  curves  rise  and  fall 
following  more  closely  with  those  of  the  analytical  solution. 
These  peaks  and  valleys  represent  the  circumferential  stress 
waves  encircling  the  shell  with  the  dilatational  wave  speed 
[2,21]  -  a  distinct  response  feature  of  this  problem. 

The  time  histories  of  the  hoop  stress  resultant  at  various 
locations  of  the  outer  shell  computed  based  on  the  gridworks  of 
Figures  2  and  3  are  plotted  in  Figure  6.  It  would  be  interesting 
to  note  that  in  the  absence  of  the  entrained  fluid  the  stress  in 
the  outer  shell,  based  upon  the  solution  in  [21],  would  be 
approximately  3.5  times  higher  than  the  present  results. 

For  the  axisymmetric  response  of  the  spherical  shell 
system,  the  simultaneous  solution  is  carried  out  by  the  DAA 
computation  procedure  developed  in  [18,23].  Figures  2  and  3  now 
represent  the  cross-sections  of  the  axisymmetric  finite  element 
gridworks.  Now  the  outer  and  inner  shells  are  discretized  by 
NASTRAN's  CONEAX  axisymmetric  conical  shell  elements  and  the 
entrained  fluid  is  modeled  by  "pressure"  fluid  finite  element 
formulated  in  the  fashion  of  NASTRAN's  TRIAAX  axisymmetric  ring 
elements.  The  transient  solution  is  integrated  using  a  Newmark- 
Beta  direct  integration  subroutine  in  NASTRAN  [23].  Since  this 
is  intrinsically  a  3-dimensional  problem  and  therefore  numeri¬ 
cally  more  difficult  than  the  preceding  plane  strain  problem. 

A  sample  result  from  reference  [23]  is  compared  to  the  analytical 
solution  [1]  in  Figure  7  where  the  time  histories  of  the  normal¬ 
ized  relative  radial  deflection  of  the  two  apexes  (o  =  0  and 
0  3  ;t)  of  the  inner  shell  are  juxtaposed.  This  NASTRAN-DAA 
solution  is  obtained  using  three  layers  of  fluid  ring  elements 
for  the  entrained  fluid  and  an  integration  time  step  equal  to 
1/25  of  the  transit  time  of  the  incident  wave  front  to  traverse 
one  outer  shell  diameter.  The  agreement  is  obviously  quite  good. 

DISCUSSIONS 

The  above  comparison  study  has  demonstrated  the  viability 
of  this  analysis  scheme.  In  particular,  the  good  agreement  of 
the  response  data  for  the  inner  shell  Indicates  that  the 
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Fig.  5:  Time  Histories  of  Hoop  Stress  at  the  Inner  Cylindrical 
Shell  Middle  Surface,  Using  Grldwork  of  Figure  3. 
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dynamics  pressure  loading  is  correctly  transmitted  through  the 
outer  shell  and  the  entrained  fluid.  Although  the  test  problems 
are  for  linear  and  elastic  responses,  it  could  be  expected  that 
the  same  would  also  be  true  when  this  scheme  is  used  for  non¬ 
linear  elasto-plastic  response  analyses. 

For  ipracti cal  problems,  the  fluid  finite  elements  for  the 
entrained  fluid  are  in  general  3-dimensional  and  the  number  of 
degrees-of-freedom  for  the  finite  element  system  increases  very 
rapidly  with  the  number  of  such  elements.  In  view  of  the  pro¬ 
spective  numerical  and  computational  difficulties  to  be  encount¬ 
ered,  it  might  be  more  advantageous  to  approximately  represent 
the  shielding  effect  of  the  outer  hull  without  including  it  and 
the  entrained  fluid  in  the  nonlinear  elasto-plastic  damage 
analysis  of  the  inner  hull.  Based  on  the  analytical  study  of 
[1,2],  such  an  approximation  can  be  suggested  for  the  analysis 
of  stiffened  or  unstiffened  cylindrical  double  hulls  with  thin 
outer  hull  and  finite  length.  For  exponentially  decaying  type 
of  incident  plane  pressure  pulses 

pinc  =  Poexp[(x-cet)/cei]  (8) 

where  p  is  the  wave  front  pressure  and  x  the  decay  constant, 

Q 

this  approximation  would  modify  equation  (8)  and  the  new  incident 
wave  formula  to  be  used  for  analyzing  the  interaction  of  the 
modified  incident  wave  and  the  inner  hull  is 

pinc  =  <p^exp[ ( x  -  cet)/cex]  (9) 

where  the  coefficient  k  depends  on  the  duration  of  the  incident 
wave  and  is  a  function  of  the  fluid  properties  and  the  elastic 
properties  and  dimensions  of  the  inner  and  outer  hulls.  It 
approximately  takes  into  account  of  the  transmi ssi bi 1 i ty  and 
dynamic  response  effects  of  the  outer  hull,  the  response  effects 
of  the  inner  hull,  the  added  mass,  the  compressibility  and  the 
reverberating  effects  of  the  entrained  fluid.  This  coefficient 
is  given  by 

k  a  1 ,  If  t  <<  ae/ce 

PrMe(2  +  M) 

3  (l-i;2)(2+Me)  +  pr(lH2')(M+Me)  +  0.5prMMe[lH2+cr(l-?)T 
if  t  :  2ae/cfi 

_ _  2MeC2  _ 

C*c  2(W2)  +  2p~Me"cr+  2prF?Mc|" 


(10) 


r^H-,y  *t*r’i*  'v-' 


if  x  >  2ae/c 

e 

where 

Pr  =  p/p6 
cr  =  ce/c 

M  =  pea/(p$h)  (1 

Me  =  peae/(p®he) 

C2  =  E/[ps(l-v2){ce)2] 
ce  =  Ee/|p®[l-(ve)2](ce)2} 

In  equation  (77),  h  and/or  he  are  the  average  or  the  smeared 
thicknesses  of  the  stiffened  hulls.  It  should  be  noted  that 
equations  (9)  -  (11)  are  primarily  meant  for  the  calculation  of 
the  el asto-plastic  strain  of  the  inner  hull. 
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ABSTRACT 


The  DEPROP  computer  program  determines  the  dynamic  elastic-plastic 
large  displacement  response  of  cylindrical  and  flat  panels  to  arbitrary 
blast  loadings.  The  analysis  is  capable  of  analyzing  unstiffened  or 
discretely  stiffened  panels  in  which  the  stiffeners  in  both  coordinate 
directions  are  allowed  various  eccentric  positions  relative  to  the  single 
layered,  multilayered  and  sandwich  panel  skin  configurations.  The 
inelastic  formulation  is  based  on  the  extension  of  the  plasticity  con¬ 
stitutive  relations  from  deformation  theory  to  regions  of  elastic 
unloading  and  reyielding.  A  confidence  level  is  established  for  DEPROP 
by  comparing  the  analytical  solutions  with  experimental  results  from 
various  panel  blast  tests  and  with  other  nonlinear  computer  codes. 

NOMENCLATURE 


a  ■  radius  of  cylindrical  panel 
A  ■  undeformed  surface  area 
As  ■  area  of  stiffener 

b  =  width  of  stiffener  segment 
E  ■  modulus  of  elasticity 
Es  »  secant  modulus 


‘i 

H 


H 


J 


Y 


strain  hardening  slope 

shear  moduli  of  y  and  8  stiffeners 

total  thickness  of  panel 

distance  from  inner  panel  skin  surfucc  to  the  furthest 
edge  of  the  it*'  stiffener  segment 
distance  from  the  inner  panel  skin  surface  to  the 
coordinate  surface 

weighting  values  for  Legend re-Guuss  quadrature  formula 

weighting  values  for  Simpson's  quadrature  formula 
in  y  and  8  directions 

'/Oo 

torsional  constants  for  the  y  and  8  stiffeners 
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<a 

/2  for  C-C  or  C-S  opposite  boundaries  for  w-equations 
1/VT  for  S-S  opposite  boundaries  for  w-equations 


=  1 //2  for  u  and  v-equations 

-  •'ay  ^ 

%  =  length  of  panel 


M,  N  =  number  of  spatial  integration  points  in  the  y  and 
$  directions 

NSG,  NSB  =  number  of  y  and  B  stiffeners 

NSEG  =  total  number  of  segments  for  a  stiffener 
p  =  pressure 
R  =  a/h 

T  =  kinetic  energy 

u,  v,  w  =  axial,  tangential  and  radial  displacement  components 
U,  V,  W  «  displacement  components  divided  by  a 
x,  6,  z  =  cylindrical  coordinates 


Eij 


J 

v 

Si 

P*  P»  Ps 


Kronecker  delta 

components  of  total  strain 

components  of  strain 

total  number  of  layers 

subtended  angle  of  cylindrical  panel 

components  of  change  of  curvature 

Poissou1 8  ratio 

zeros  of  the  Legendre  polynomial 
composite,  skin  and  stiffener  mass  densities 
components  of  stress 
spatial  functions  for  displacments 
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INTRODUCTION 


A  digital  computer  program  DEPROP,  has  been  developed  as  a  special 
purpose  code  to  calculate  the  linear  elastic  and  elastic-plastic 
structural  response  of  aircraft  panels  to  blast  overpressure  loads 
[1],  [2].  The  analysis  is  formulated  for  cylindrical  or  flat  panels 
with  clamped  or  simply  supported  edges.  The  panels  can  have  discrete 
stiffeners  in  two  perpendicular  directions.  The  modal  method  of  solution 
is  used  with  numerical  spatial  integration  techniques  employed  to  obtain 
the  discretization  of  the  structure  required  to  incorporate  the  physical 
nonlinear  behavior. 

The  panel  analysis  is  an  extension  of  the  DEPICS  computerized 
analysis  [3]  for  the  dynamic  response  of  linear  elastic  cylindrical 
shells  which  included  geometrical  nonlinearities.  The  DEPROP  analysis 
employs  the  Novozhilov  nonlinear  strain-displacement  relations  for  large 
displacement  response  of  thin  panels  based  on  the  assumption  of  undeform- 
able  normals.  The  inelastic  formulation  is  based  on  the  Mises-Hencky 
yield  surface,  a  kinematic  hardening  model  and  the  Hencky  stress-strain 
relations  from  the  deformation  theory  of  plasticity  with  modifications 
for  regions  of  elastic  unloading  and  reyielding.  Material  behavior  of 
the  skin  and  stiffeners  is  represented  by  a  bilinear  stress-strain 
curve.  Displacement,  strain,  and  stress  time  histories  are  calculated 
at  selected  positions  on  the  panel. 

The  geometry  of  the  unstiffenod  or  stiffened,  cylindrical  or  flat 
panel  is  illustrated  in  Figure  1.  The  cylindrical  coordinates  (x,  0,  z) 
and  the  axial,  tangential,  and  radial  displacement  components  (u,  v,  w) 
arc  shown  in  Figure  1  on  the  coordinate  surface  of  the  panel.  In 
DEPROP  the  skin  of  the  panel  can  be  single  or  multi-layered  for  elastic 
materials,  while  for  elastic-plastic  material  behavior  the  skin  is 
limited  to  single  layered  and  sandwich  (honeycomb)  construction. 

Figure  1  depicts  discrete  stiffeners  located  along  various  integration 
grid  lines  in  both  of  the  dimensionless  y  and  6  coordinate  directions. 

The  stiffeners  must  be  oriented  parallel  to  either  or  both  spatial 
coordinate  directions  of  the  flat  or  cylindrical  panel,  and  stiffener 
locations  are  restricted  to  coincide  with  spatial  integration  grid 
lines.  The  stiffeners  in  the  circumferential  coordinate  direction 
can  have  variable  cross  sections. 

The  eccentricity  of  the  stiffeners  cither  above  or  below  the  panel 
skin  is  taken  into  account  in  the  analysis.  Both  bending  and  membrane 
deformations  causing  normal  strains  and  stresses  in  the  stiffener's 
coordinate  direction  are  included,  but  lateral  bending  of  the  stiffener 
is  ignored.  Thus,  in  the  analysis  the  stiffener  is  assumed  symmetrical 
about  the  plane  of  bending.  The  torsional  stiffnesses  of  the  stiffeners 
are  included  in  a  limited  manner  by  assuming  that  the  twisting  is  always 
elastic.  Therefore,  the  shear  stress  associated  with  torsion  of  the 
stiffener  is  assumed  small  compared  to  the  normal  stresses  and  is  neg¬ 
lected  in  the  elastic-plastic  formulation. 
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rifar*  l.  Stiffened  fatwi  UeMetty 


The  analysis  accommodates  stiffeners  with  any  shape  whose  cross 
section  can  be  represented  as  a  series  of  connected  rectangular  seg¬ 
ments,  Since  lateral  bending  of  the  stiffeners  is  ignored*  stiffeners 
such  as  channels  and  z-sections  are  treated  symmetrically  as  1-sections 
Figure  2  illustrates  the  stiffener  configurations  included  in  DEPROP. 
Configurations  A  and  B  of  Figure  2  show  the  stiffener  attached  to  the 
outer  and  inner  surfaces,  respectively*  of  any  panel  skin  construction 
i.e.,  single-layered,  multilayered  and  sandwich  (honeycomb).  Con¬ 
figuration  C  shows  the  stiffener  located  in  the  interior  of  a  sandwich 
panel  and  configuration  D  shows  the  stiffener  attached  to  the  inner 
surface  of  a  sandwich  panel  that  has  been  crimped  for  connection  pur¬ 
poses, 

ANALYTICAL  FORMULATION 

The  governing  equations  of  motion  for  the  panel  are  obtained  from 
the  principle  of  virtual  work  for  a  dynamic  structural  system  in  which 
the  material  behavior  and  the  force  system  are  nonconner**ative.  The 
displacement  components  are  represented  by  truncated  series  of  the 


products  of  undetermined  time-dependent  coefficients  and  orthogonal 
spatial  functions  which  satisfy  the  boundary  conditions  in  the  form 

M  N 

ui(x,9,t)  =  u^n(t)^i(x)<j)^i(e)  (i=l,2,3)  (1) 

m=l  n=l 

where  for  notation  convenience  u^,  u^  correspond  to  u,  v,  w,  respectively. 

With  these  functions  introduced  into  the  virtual  work  equations,  a  set 
of  3MN  coupled  modal  equations  of  motion  are  generated  and  are  given  by 


(m=l,2,3...M)  (n=l,2,3. . .N) 


where  the  integrands  of  the  generalized  forces  are 

tnti  wn  rr 


where 

N  =  -w 
u  x 

NV  “  ”^w0  +  v^a 

Nw  -  1  -  (w  -  vQ)/a  +  u^ 

A  «  undeformed  surface  area 
T  ^  -  J  j J  p(x,0,z)  (u2  +  v2  +  w2)  dV 
V 

Dots  denote  differentiation  with  respect  to  time. 

It  ia  assumed  that  the  blast  pressure,  p(x,0,t),  acts  on  the  coordinate 
surface  of  the  cylindrical  or  flat  panel.  As  the  panel  surface  deforms, 
the  elemental  pressure  force  vector  remains  normal  to  the  coordinate 
surface  so  that  it  changes  direction  during  deformation.  The  magnitude 
of  this  force  vector  also  changes  as  the  element  surface  area  of  the 
deformed  panel  changes.  The  rotary  inertia  contributions  to  the  kinetic 
energy  have  been  neglected.  The  volume  and  surface  integrations  con¬ 
tained  in  these  equations  are  perf  med  numerically  by  various  techniques, 
except  for  integration  of  the  kinetic  energy  which  is  performed  ana¬ 
lytically.  This  set  of  simultaneous  socond-order  differential  equations 
are  solved  numerically  in  time  by  use  of  the  central  difference  method. 
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A.  Outer  Stiffener 


B.  Inner  Stiffener 


C.  Internal  Stiffener 
with  Sandwich  Panel 


D.  Stiffener  with  Crimped 
Sandwich  Panel 


Pl»ur«  2.  Stiffener  Configuration* 


Strain-Displacement  Relations 

The  strain-displacement  relations  used  in  this  analysis  are  based 
on  the  assumptions:  (1)  strains  are  small  compared  with  unity ,  (2)  the 
thickness  of  the  shell  is  small  compared  with  the  radius  and  (3)  the 
Kirchhoff-Love  hypothesis  that  straight  fibers  which  are  normal  to  the 
undeformed  coordinate  surface  remain  straight  and  normal  to  the  deformed 
coordinate  surface  and  are  not  elongated ,  thus  neglecting  transverse 
shear  and  normal  strains.  The  basic  formulation  of  the  following  set  of 
nonlinear  strain-displacement  relations  is  attributed  to  Novozhilov  (4]. 
The  total  strain  consists  of  membrane  and  bending  components  expressed 
by  the  form  e  «*  e  +  zk.  The  membrane  elongation  and  shear  strains 

(e  »  e00’  ScO^  on  t^ie  coo?dinate  surface  are  expressed  in  terms  of  the 

displacement  components  and  their  spatial  derivatives: 


“T-wawrrnrr-fft—71-  •  ^ 


131 


.1,2.  2  2, 

e  =u  +  [w  +  u  +  v  1 
xx  x  2  x  x  x 

e96  =  a  v0  "  a  Xw  +  72  [  (w0  +  Xv)2  +  (v0  "  Xw)2  +  u02]  (4) 

2a 

eQ=v  +  —  u„  +  —  w  (w.  +  Xv)  +  —  v  (v.  -  Xw)  +  —  uQu 

x0  x  a0  a  x  0  a  x  0  a0x 

Similarly,  the  change  of  curvature  quantities  (k  ,  K0e>  k  0)  of  the 

coordinate  surface  which  characterize  the  bending  and  torsional  deforma¬ 
tions  of  the  panel  are  given  by 

k  =  w  (1  +  v_/a  -  Xw/a  +  u  ) 

XX  XX  0  X 


T  vee  +  h  ve  +  T  (-”  +  V  +  I  ux 

a  a  a 


+  ^3  (wQ0  +  Xvq) (v0  -  Xw)  +  ^  w06ux 
a  a 


3  (ve  ’  w)2  +  *3  +  3  we(we  +  v) 

a  a  a 


2X2 

*  „  ■  -  w  0+  -  v  +  — s-  w  n  (vft  +  au  -  Xw) 
xO  a  x0  a  x  2  x0  '  0  x 

a 


+  ^  V x(»,  +  V) 
a 

Only  those  nonlinear  terms  which  primarily  involve  the  radial  displacement 
and  its  derivatives  are  Included  in  Equation  5.  The  subscripts  on  the 
displacement  components  in  Equations  4  and  5  denote  partial  spatial 
derivatives.  The  parameter  X  is  introduced  in  the  strain-displacement 
relations  so  that  they  apply  to  both  curved  and  flat  panels.  Thus, 

X  «  1  for  curved  panels.  For  flat  panels,  X  ■  0,  a  ■  1,  0  is  replaced 
by  y,  and  0Q  is  replaced  by  b,  the  width  of  the  flat  panel. 

Constitutive  Relations 


In  DEPROP,  the  behavior  of  the  panel  material  is  treated  as  elastic- 
plastic  for  isotropic  single-layered  and  sandwich  panels  and  elastic 
for  isotropic  and  orthotropic  multilayered  panels.  The  elastic-plastic 
analysis  for  the  single-layered  panel  has  been  established  as  the  basic 
formulation  in  the  DEPROP  program.  The  elastic  multilayered  analysis 
Is  established  as  an  alternate  option  based  on  appropriate  modifications 
of  the  elastic-plastic  formulation.  In  the  DEPROP  analysis  the  solution 
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involves  total  strains  and  stresses;  therefore,  for  response  in  the 
inelastic  region,  it  was  convenient  to  use  the  deformation  theory  of 
plasticity  instead  of  flow  theory  which  involves  incremental  strains 
and  stresses.  Plastic  deformation  theory  is  based  on  an  averaging 
process  that  permits  a  total  strain  solution  dependent  upon  only  the 
final  stress  state  at  the  end  of  a  loading  path.  In  general,  deformation 
theory  is  an  approximation  of  the  more  rigorous  flow  (incremental) 
theory,  except  for  proportional  loading.  However,  since  the  dynamic 
response  solution  is  solved  incrementally  in  time  by  numerical  methods 
in  DEPROP,  the  strain  increments  are  small  over  each  time  step  for 
which  the  equations  of  motion  are  solved.  Thus,  the  plastic  deformation 
theory  provides  a  much  more  accurate  solution  when  the  averaging  process 
takes  place  separately  over  each  small  time  increment  as  the  response 
solution  is  obtained  by  a  step-by-step  timewise  procedure. 


It  is  assumed  that  the  material's  uniaxial  stress-strain  curve 

is  modeled  by  the  bilinear  representation  shown  in  Figure  3  in  which 

the  strain  hardening  is  defined  by  slope  E  .  This  stress-strain 

representation  is  interpreted  for_the  biaxial  state  of_stress  through 

the  use  of  the  effective  stress  (o) -effective  strain  (e)  concept  in 

which  the  secant  modulus  (E  )  indicated  in  Figure  3  is  defined  by 

s 


where  o  ,  e  are  the  yield  stress  and  strain,  respectively,  from  the 
o  o 

material's  uniaxial  bilinear  representation.  Thus,  the  effective 
stress,  effective  strain  and  secant  modulus  quantities  are  used  to 
relate  the  biaxial  stress-strain  condition  to  the  assumed  uniaxial 
bilinear  stress-strain  representation  for  the  isotropic  material. 

A  kinematic  hardening  model  is  employed  in  conjunction  with  the  Mises- 
Hencky  yield  surface  which  accounts  for  the  Bauschinger  effect  when 
reyielding  occurs  due  to  the  strain  reversals  during  unloading.  The 
kinematic  hardening  models  discussed  in  [5]  assume  that  during  plastic 
deformation  the  yield  surface  translates  as  a  rigid  body  in  stress  space 
With  the  size,  shape  and  orientation  of  the  elliptical  yield  surface 
being  invariant.  The  kinematic  hardening  model  to  be  used  in  this 
analysis  is  illustrated  in  Figure  4  for  the  Mises-Hencky  yield  surface 
in  the  plane  of  the  principal  stresses  o.  and  a,.  Corresponding  to 
the  initial  yielding  position  (i)  and  the  unloading  position  (f) 
indicated  in  Figure  3,  the  rigid  translation  of  the  yield  surface  for 
a  shift  of  the  stress  state  from  position  (i)  to  position  (f)  is  shown 
in  Figure  4.  The  change  in  tot^l  stress  components  from  position  (i) 
to  position  (f)  are  defined  by  and,  similarly,  the  corresponding 

change  in  the  total  strain  components  are  defined  by  so  that 
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Figure  3.  Effective  Stress-Strain  Bilinear  Representation 


Figure  A.  Kinematic  Hardening  Model 


(7) 


-v  r  ^r-1  ,  r-1 

aij‘aij  +aij(f) 


-  a 


r-1 

ij(i) 


’  r  _  ‘Vr-1  a.r-1  'vr-l 

ij  "  Pij  ij(f)  "  £ij(i) 


where 


r  =  the  number  of  elastic  unloadings  from  yielded  conditions 
(r-1, 2...) 

-  »°y  - " 

(i)  indicates  initiation  of  yielding  or  reyielding 
(f)  indicates  final  position  prior  to  unloading 


The  Mises-Hencky  yield  criterion  for  the  translated  yield  surface  is 
based  on  the  effective  stress  given  as 


1/2 


11  11' v  22  22 


22  22' 


'12  12' 


(8) 


Furthermore,  it  is  advantageous  in  this  analysis  to  relocate  the  origin 
on  the  e  axis  after  each  unloading  subh  that  the  extended  elastic 
unloading  curve  passes  through  the  zero  position.  This  is  accomplished 
by  defining  the  effective  strain  as  follows: 


u-vs2)2 


u-v  +o 
s  s' 


-  a-4v8+v2)(V^l><=22-^2) 


2  *e12"^12* 


2  \  1/2 


<1+V 

where  vg  -  |  -  Bg/  <f  -v) 
E 


(9) 


Thus,  the  elastic-plastic  behavior  of  the  material  for  subsequent 
jrieldings_after  an  unloading  has  occurred  is  always  based  on  the  same 
o  versus  e  curve  which  originates  at  position  (0,0).  This  approach 
requires  that  the  stress-strain  relations  be  modified  by  the  a.,  and 


quantities  for  unloading  and  reyielding  conditions  to  account  for 


the  past  stress-strain  history.  The  general  form  of  the  inverted  Hencky 
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'  *  **•«»  wiiii^  »««na 


stress-strain  relations  for  the  elastic,  elastic-plastic,  elastic  unloading 
and  plastic  reyielding  regions  are  identical,  so  that  the  general  stress- 
strain  relations  is  given  by 


^r  . 

aij  + 


1-v 


S  L 


<l-vs)(W 


v  (£,.-$5,)  6., 
s  kk  kk  lj 


(i,j:,k  =  1,2) 

■  * 

where  for  the  following  regions  of  response, 

a)  initial  elastic  loading  E  =E,  a*  =  .  =0 

s  ij  ij 

b)  initial  plastic  loading  E  =E  ,  a* ,  =  =  0 

s  s  ij  ij 

c)  qth  elastic  unloading  Eg=E,  = 

d)  qth  reyielding  Es=Eg, 


(10) 


Thus,  there  are  four  basic  regions  of  response  for  which  the  stress- 
strain  relations  have  been  established  by  Equation  10.  For  an  elastic- 
perfectly  plastic  material,  Et  =  0  and  cc^  are  set  equal  to  zero  in 

Equations  8  and  10.  It  should  be  noted  that  for  a  strain  hardening 
material,  a  stress  path  which  may  move  along  the  yield  surface  (neutral 
loading)  would  not  be  properly  represented  in  the  analysis,  since,  upon 
unloading,  the  yield  surface  would  be  rigidly  translated. 


The  constitutive  relations  for  the  stiffener's  material  are  based 
on  those  used  for  the  skin,  except  they  reduce  to  the  uniaxial  case. 

The  stiffeners  may  be  of  material  different  from  each  other  and  different 
from  that  of  the  panel  skin  to  which  they  are  attached.  For  elastic- 
plastic  solutions  the  stiffeners  are  segmented  by  a  sufficient  number 
of  layers  so  as  to  represent  the  stress  distribution  across  the  cross- 
section. 


For  elastic,  isotropic  or  orthotropic  multilayered  panels,  the 
stress-strain  relation  formulation  follows  the  approach  presented  in 
(6].  In  orthotropic  layers,  the  geometric  cylindrical  coordinate  axes 
and  principal  orthotropic  direction  are  assumed  parallel.  For  the  elastic 
solution,  additional  membrane,  bending  and  cross  coupling  stiffness 
coefficients  are  computed  at  all  integration  points  at  which  stiffeners 
are  located.  In  computing  these  stiffness  coefficients,  the  segmented 
stiffener  is  treated  as  a  multilayered  configuration  with  variable  widths. 


Displacement  Component  functions 


In  Equation  1  the  displacement  components  are  expressed  in  series 
form  as  a  product  of  time-dependent  coefficients  and  independent  spatial 
functions  <i>m(x)  and  4>n(0).  These  spatial  functions  are  selected  so  as 

to  satisfy  the  geometric  boundary  conditions  of  the  panels.  The  boundaries 
of  the  panel  are  assumed  to  be  either  clamped  or  simply  supported  and 
held  from  inplane  movement.  The  spatial  functions  for  the  u  and  v  dis¬ 
placements  are  assumed  to  be  the  same  whether  the  edges  are  clamped  or 
simply  supported  and  are  given  by 


♦>)  =  sin  (m  +  l)y, 

♦!(Y)  =  sin  (m)Y> 
m 


<|>“(3)  =  sin  (n)3 
<^(3)  =  sin  (n  +  1)3 


(11) 


The  boundary  combinations  for  the  y  and  3  directions  are  based  on 
opposite  edges  being  both  clamped,  both  simply  supported  or  one  clamped 
and  one  simply  supported.  The  w-displacement  functions  for  the  y  and  3 
directions  are  based  on  the  natural  vibratory  mode  shapes  of  a  uniform 
beam  and  are  given  as  follows  for  the  three  boundary  combinations: 

For  clamped/clamped  or  clamped /simply  supported 

X  y  X  y  /  X  y 

,w  ,  m1  m  /  .  .  m 

4>  =  cosh - cos  - - a  sinh - 

m  it  it  m  \  n 

X  3  X  3  /  X  3 

<j>w  =>  cosh  — -  cos  - a  I  sinh  — - 

n  it  tt  n  \  it 

where 

X  or  X  are  the  roots  of  cos  X.  cosh  X.  =  1  for  the  clamped /clamped 
m  n  i  i 

boundary  condition 


sin 


X  Y 
m' 


(12) 


X  3 
sin - 

IT 


X  or  X  are  the  roots  of  tan  X.  «*  tanh  X.  for  the  clamped/simply 
m  n  ii 

supported  boundary  condition 


cosh  X.  -  cos  X. 
1 _ 1 

ai  "  sinh  X^^  -  sin  X.^ 


(i  »  n  or  m) 


For  simply  supported/simply  supported 
■  sin  (id)y 


^  ■  sin  (n)3 


(13) 
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Governing  Equations  of  Motion 


The  spatial  integrations  in  Equation  2  are  to  be  accomplished 
numerically  thus  providing  a  mechanism  for  discretization  through  the 
spatial  points  selected  to  compute  the  representative  elastic-plastic 
behavior  throughout  the  panel.  For  integration  through  the  thickness 
of  the  panel  in  the  z  direction,  it  is  convenient  to  separate  the  inte¬ 
grand  into  parts  which  either  are  or  are  not  explicitly  dependent  on 
the  z  variable,  that  is  involving  membrane  strains  and  bending  strains. 
The  total  strain  quantities  for  an  arbitrary  position  in  the  panel 

consist  of  the  membrane  and  bending  components  given  by 
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ij 


Therefore,  the  integrand  can  be  given  by 


fm  +  zfk  where 
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(15) 


and  the  total  stress  components  are  obtained  from  Equations  10  and  7 
in  which  i,j=l  denotes  x  and  i,j=2  denotes  0.  The  Legendre-Gauss 
quadrature  formula_[7]  was  chosen  for  the  numerical  integration  in  the 
z  direction  where  L  is  the  number  of  points  selected  through  the  thick¬ 
ness  of  the  panel.  In  the  y  and  g  directions  it  is  convenient  to  have 
even  spacing  and  it  is  advantageous  to  have  spatial  points  on  the  clamped 
edges  and  at  the  center  of  the  panel,  Simpson's  quadrature  formula  [7] 
satisfies  these  desirable  features  and  therefore  was  selected  over 
various  Gaussian  quadrature  formulas.  The  number  of  sgatial  points 
selected  in  the  y  and  0  directions  are  given  by  M  and  N,  respectively, 
where  M  and  N  must  be  odd  numbers.  The  integrand  quantities  for  the 
stiffener  are  given  by 
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(for  g-stiffeners) 

whore  z^  is  the  distance  from  the  coordinate  surface  to  the  center  of 
the  ith  stiffener  segment  and  is  expressed  as  z^  «*  +  ~ 


where  the  plus  sign  is  used  for  "outer"  stiffeners  and  the  minus  sign 
for  "inner"  stiffeners.  The  trapezoidal  rule  is  used  for  the  numerical 
integration  through  the  depth  of  a  stiffener  in  the  equation  of  motion. 


In  the  spatial  surface  integration  of  the  kinetic  energy  the  addition 
of  the  line  integrals  in  the  y  and  3  directions  to  include  the  mass  of 
the  stiffeners  leads  to  inertial  coupling  of  the  modes.  The  M  coef- 

pq 

ficients  associated  with  the  w-equations  of  motion  of  the  inertial 
coupling  matrix  [M]  are  determined  from 


M  =  k  kap6  6  +  —— 

pq  Y  p  mr  ns  a0_h_ 
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where 

pq  extends  over  all  the  modal  combinations  selected  for  the  solution. 
r,s  are  particular  values  of  m  and  n,  respectively 


In  general  matrix  form  the  w-equations  of  motion  are  given  by 

*2m  {«ra}  ■  -K4  <18) 

For  the  solution  of  these  equations  in  DEPROP,  Equation  18  is  placed 
in  the  form 

{"»}  -71“''%}  <1W 

It  should  be  noted  from  Equation  19  that  the  inertial  coupling  matrix 
has  been  inverted.  In  order  to  accomplish  this  operation,  a  matrix 
inversion  subroutine  is  used  in  the  DEPROP  program.  Although  the 
above  derivation  is  only  demonstrated  for  the  normal  motion  of 
the  stiffened  panel,  similar  inertial  coupling  matrices  have  been 
established  in  the  program  for  the  inplane  motions  of  the  panel  (u 
and  v-equations  of  motion). 


For  the  elastic-plastic  solution  of  a  stiffened  single-layered  panel 
the  equations  of  motion  are  given  by 
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where 
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Although  Equation  20  is  given  in  terms  of  W  ,  the  equations  of  motion 

mn 

for  the  tangential  and  axial  displacement  directions  are  obtained  by 
omitting  the  torsion  term  and  using  the  appropriate  k  ,  kg  and  $ 
expressions .  Y  ** 


For  elastic  solutions  the  equations  of  motion  are  simpler  since 
the  stiffness  coefficients  of  the  stiffeners  are  integrated  directly 
with  the  stiffness  coefficients  of  the  panel  skin  (see  [1]  and  [2]). 


For  sandwich  panels,  it  is  assumed  that  the  core  of  the  sandwich  or 
honeycomb  always  remains  undamaged  and  the  normal  stresses  are  carried 
just  by  the  face  sheets.  It  is  further  assumed  that  the  stress  across 
each  face  sheet  is  constant.  In  the  equations  of  motion  given  by 
Equation  20,  the  single  layered  expression  in  the  first  brackets 
(associated  with  the  first  summation  over  i)  is  replaced  for  the  sand¬ 
wich  panel  by 


1&3 
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where 


Z1  "  2*1!  ”  H 


z3  =  f  (h3  +  h2}  '  H 


In  stiffened  honeycomb  panels  the  honeycomb  core  is  often  crimped 
where  the  panel  skin  intersects  the  various  stiffeners  for  attachment 
purposes  (see  configuration  D  of  figure  2).  It  is  assumed  that  the  core 
is  fully  removed  over  the  stiffener,  so  that  the  bending  resistance  of 
the  panel  along  the  stiffener  line  is  negligible  compared  with  that  of 
the  uncrimped  honeycomb  panel.  Thus,  only  membrane  stresses  in  both 
coordinate  directions  are  assumed  to  be  transmitted  through  the  honeycomb 
face  sheets  at  positions  along  the  stiffener  lines  for  this  type  of 
construction. 


The  second-order  differential  equations  given  by  Equation  20  and 
corresponding  equations  for  V  and  Umn  are  to  be  solved  numerically 

in  time.  The  integration  method  used  to  obtain  an  approximate  timewise 
step-by-step  solution  is  based  on  the  central  difference  formula  given  by 


=  h  <At)2  +  2Xk  -  \-l 


(22) 


where 


X  represents  the  normalized  undetermined  time-dependent  displacement 

coefficients,  W  ,  V  and  U 

mn’  mn  ran. 

In  solving  the  3et  of  simultaneous  second-order  differential 
equations,  spatial  integrations  must  be  performed  in  the  y  and  3  direc¬ 
tions  and  in  the  ?.  direction  for  the  elastic-plastic  solution  during 
the  stepwise  time  integration.  The  required  integrations  are  performed 
numerically  during  each  time  step  using  the  values  of  the  displacement 

coefficients  W  ,  V  and  U  for  the  particular  time  step  to  compute 
ran  mn  mn 

the  displacements  and  their  derivatives,  the  strain  quantities  and  the 
stress  quantities  used  in  Equation  20. 

Special  numerical  schemes  (1J  are  used  to  treat  the  overshoot 
during  the  time  increment  in  which  yielding  occurs,  to  establish  the 
criteria  for  determining  elastic  unloading  and  to  obtain  a  consistent 
determination  of  e,  vs  and  during  each  time  step. 

DEPROP  Comparisons  with  Experiments  and  Other  Analyses 

Comparisons  are  made  between  experiment  results  from  various  tests 
performed  on  unstiffened  and  stiffened  panels  subjected  to  blast  loading 
and  those  predicted  by  the  DEPROP  analysis.  In  Figure  5  the  permanent 
center  displacements  of  18  in.  by  18  in.  clamped  unstiffeued  aluminum 
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plates  of  0.063  in.  and  0.071  in.  thicknesses,  which  were  blast  tested 
at  Eglin  Air  Force  Base  [8],  are  compared  with  corresponding  DEPROP 
predictions.  It  should  be  noted  that  these  plates  were  close  to  the 
point  of  rupture  along  the  clamped  edges. 


TIHK  (Mtw) 


fltutu  1.  Coottfr  bUpJU'i'ttu.nn  uf  tUe  t«*»i  FV.tu* 


Comparisons  of  DEPROP  predictions  with  strain  and  displacement 
measurements  made  on  an  unstiffened  15  in.  by  15  in.  aluminum  plate  of 
.05  in.  thickness,  which  was  tested  in  the  shock  tube  at  the  Naval 
Surface  Weapons  Center  (NSWC)  [9],  are  presented  in  Figures  6,  7,  and  8. 

The  response  of  this  plate  was  in  the  elastic  region  and  the  assumed  uniform 
pressure  loading  was  generated  from  measured  pressure  time  history  data 
taken  near  the  edge  of  the  plate. 


rttb'nt  6.  ctt» re*  Dts*u«Hm  a?  *  ,oj  cuwtn  squm?  curt:  at  ssce 

Well-defined  response  tests  were  performed  on  stiffened  cylindrical 
panels  with  clamped  edges  in  C 10) .  To  assure  reliable  structural  geo¬ 
metry  and  clamped -edge  boundary  conditions,  the  test  specimens  were 
machined  from  solid  blocks  of  6061-T6  aluminum.  The  test  specimen  is 
nominally  a  60-degree  wlindrical  panel,  0.1  inch  thick,  6.0  inches 
long  and  6.0  incites  in  radius.  The  integral  inner  stiffener  in  the 
circumferential  direction  is  located  in  the  center  of  the  panel  and  is 
nominally  0.1  inch  thick  and  0.4  inel  deep.  An  impulsive  loading  was 
obtained  by  placing  a  high  explosive  (ME)  sheet  with  a  fcam  buffer  over 
a  prescribed  area  of  the  panel.  The  magnitude,  1,  of  the  impulsive 
loading  applied  to  the  panel  is  0.162067  p si-sec. 
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STRAIN  (u-tn/in) 


CLAMPED  SQUARE  PLATE 
15  x  15  x  .05 
INNER  SURFACE 
DEPROP  -  ON  EDGE 

EXPERIMENTAL  (shot  39)  -1/8"  FROM  EDGE 
_  DEPROP  (25  modes) 


FIGURE  8.  NEAR  CENTER  STRAINS  FOR  A  .OS  In  CLAMPED  SQUARE  PLATE  AT  NSWC 
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This  clamped  cylindrical  stiffened  panel  subjected  to  an  impulsive 
loading  was  modeled  using  the  DEPROP  program  to  predict  the  analytical 
response  for  comparison  with  the  experimental  results.  Figure  9  illustrates 
the  geometry  of  the  analytical  model  for  the  stiffened  panel.  The  cir¬ 
cumferential  stiffener  located  midway  along  the  length  of  the  panel  is 
rectangular  in  cross  section  and  has  1/8  inch  filets  where  it  inter¬ 
sects  the  panel  skin.  The  shaded  area  indicates  the  prtion  of  the  panel 
that  was  impulsively  loaded  by  the  HE  sheet.  As  shown  in  Figure  9 
the  stiffener  is  divided  evenly  into  five  segments  for  the  elastic-plastic 
solution.  The  width  of  the  first  segment  is  increased  to  account  for 
the  area  of  the  filets. 
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figure  9,  MIT  Cylindrical  Stiffened  Panel  Model 
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Comparisons  between  analytical  and  experimental  results  for  the 
MIT  stiffened  cylindrical  panel  are  made  for  the  four  measured  inner 
surface  strain  time  histories  and  two  permanent-set  displacement 
measurements.  Figures  10  and  11  show  the  comparisons  for  the  four 
measured  sttain  positions  where  the  solid  lines  are  analytically 
determined  from  DEPRGP  and  the  dashed  lines  are  experimentally  measured. 
At  position  1  the  experimental  strain  trace  terminated  just  after 
reaching  the  peak  and  at  position  3  the  strain  trace  briefly  went  out 
of  recording  range  during  the  peak  portion  of  the  response.  This 
stiffened  panel  underwent  large  plastic  deformations  throughout  the 
panel  skin  and  the  stiffener.  Figure  12  illustrates  the  analytically 
determined  displacement  time  histories  at  two  positions  on  the  panel. 

The  measured  permanent  set  values  at  these  positions  are  compared  to 
the  level  of  oscillation  near  the  end  of  the  analytical  time  histories. 
The  projected  analytical  permanent  sets  are  slightly  lower  than  the 
measured  values.  This  might  be  expected  since  the  stiffener  exhibited 
plastic  lateral  buckling  over  a  small  region  near  the  ends  of  the 
stiff ener  which  can  not  be  represented  in  the  analytical  model. 
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figure  li.  Strain  Time  Hiatorias  for  cho  MIT  Cylindrical  Stiffoncd  Panel  at  Positions  3  and  4 


The  STRESNO  test  program  [11]  tested  a  variety  of  unstiffened 
and  stiffened  panels  in  the  Sandia  Thunderpipe  shock  tube.  From  the 
stiffened  panels  tested,  specimen  number  10  was  selected  for  the  com¬ 
parison  with  the  stiffened  panel  analysis.  Specimen  10  is  a  flat  36- 
by  36-inch  skin  panel  stiffened  by  three  z-shaped  inner  stiffeners 
spaced  9  inches  apart.  The  ends  of  the  stiffeners  are  pinned  to  the 
supporc  frame.  The  skin  panel  boundaries  parallel  to  the  stiffeners 
are  hinged  while  the  skin  panel  boundaries  perpendicular  to  the  stiffeners 
are  unattached  except  for  being  riveted  to  the  stiffeners  at  their 
three  locations.  Figure  13  illustrates  the  geometry  of  the  stiffened 
panel  and  the  locations  of  the  strain  and  pressure  measurements.  The 
dimensions  of  the  cross  section  of  the  stiffeners  are  also  given  on 
Figure  13.  The  material  of  the  0.0625-inch  panel  skin  is  2024-T3 
aluminum  while  the  material  of  the  stiffeners  is  2024-T3511  aluminum. 

Analytical  and  experimental  comparison  were  made  for  shot  4  on 
specimen  number  10  in  which  the  response  remained  clastic.  The  spatial 
distribution  of  the  pressure  measured  at:  PI 0-1  is  assumed  uniform  over 
the  panel.  Strain  responses  at  the  center  of  the  stiffener  arc  compared  at 
the  lower  surfucc  of  the  lower  flange  (S10-6)  and  at  the  upper  skin 
surface  in  the  6-direction  (S10-2a) .  Figures  14  and  15  show  these 
comparisons  for  shot  4  where  the  solid  trace  is  the  analytical  results 
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and  the  dashed  trace  is  the  measured  results.  The  largest  strains 
occurred  on  the  lower  flange  of  the  stiffener  and  this  strain  comparison 
is  shown  in  Figure  14.  Figure  15  shows  the  comparison  of  the  edge 
strains  at  the  upper  skin  surface  of  the  local  panel  between  stiffeners. 

Comparisons  are  also  made  between  DEPROP  response  results  and  the 
nonlinear  solutions  generated  from  the  finite  difference  code  PETROS-3 
[12]  and  the  firite  element  code  ADINA  [13].  Figures  16  and  17  show  the 
comparisons  for  square  unstiffened  and  stiffened  flat  plates,  respectively, 
subjected  to  a  triangular  pressure  pulse  which  produce  significant 
elastic-plastic  behavior  in  the  panels. 


Pi»ure  12.  DU'pUcwumt  T1m  Hietorlee  (or  the  NIT  Cylindrical  Stiffened  Panel 
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Center  Strain  (yln/in) 


i)  Center  Displacement  Response 
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CONCLUSIONS 


DEPROP  has  the  capability  predicting  dynamic  response  for  various 
unstiffened  and  stiffened  cylindrical  or  flat  panels  undergoing  defor¬ 
mations  which  are  both  geometrically  and  physically  nonlinear.  DEPROP 
was  developed  specifically  to  study  the  vulnerability  of  aircraft-type 
panels  to  overpressure  effects  from  nuclear  blast  loadings.  With  its 
limitations  on  the  initial  geometry  of  the  panel,  DEPROP  was  not  intended 
to  be  a  general  purpose  structural  computer  code.  For  elastic  solutions 
DEPROP  can  handle  orthotropic  multilayered  skin  panels,  while  for 
inelastic  solutions  the  skin  panels  are  restricted  to  isotropic  single 
layered  and  sandwich  configurations.  For  both  elastic  and  inelastic 
solutions,  discrete  stiffeners  of  various  cross-sections  can  be  analyzed 
in  both  coordinate  directions  at  various  eccentricities  relative  to  the 
panel  skin.  Comparisons  with  available  experimental  results  from  blast 
tests  on  panels  and  comparisons  with  other  nonlinear  structural  computer 
codes  has  built  up  confidence  in  the  ability  of  DEPROP  to  predict  the 
elastic-plastic  response  of  unstiffened  and  stiffened  panels  with 
well-defined  clamped  or  simply  supported  boundary  conditions. 
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ABSTRACT 


This  paper  describes  the  development  of  a  graphite/epoxy  fighter  wing-box  capable 
of  sustaining  limit  load  and  cyclic  loading  following  worst-case  damage  from  a  23-mm 
HEI  (superquick  fused)  projectile  impact.  This  work  was  done  under  the  Battle  Damage 
Tolerant  Wing  Structural  Development  Program  (NQ0019-75-C-0178)  sponsored  by  the 
Naval  Air  Systems  Command.  The  objective  was  to  develop  and  demonstrate  the 
technology  needed  to  design  battle  damage  tolerant  aircraft  structure  using  advanced 
fiber  composites.  It  was  felt  that  the  high  strength-to-weight  ratio  of  advanced 
composites  combined  with  their  flexibility  in  design  applications  could  result  in  structure 
which  was  lighter  than  metal  configurations  while  providing  superior  battle  damage 
tolerance.  Program  results  have  confirmed  this  belief,  including  a  successful  23-mm  HEI 
ballistic  testing  of  full-scale  structure  under  load. 

1.0  INTRODUCTION 


Military  aircraft  must  be  capable  of  performing  successfully  in  hostile  environ¬ 
ments  created  by  small-arms  automatic  weapons,  anti-aircraft  artillery,  and  surface-to- 
air  and  air-to-air  missiles.  Consequently,  designing  for  resistance  and  tolerance  to 
combat  damage  is  an  important  consideration  facing  structural  designers.  In  this 
context,  damage  "resistance"  is  a  measure  of  the  amount  of  damage  inflicted  by  a  threat 
exposure,  and  damage  "tolerance"  is  a  measure  of  the  ability  of  the  structure  to  endure 
the  inflicted  damage. 

Although  the  vulnerability  analyst  has  always  been  concerned  with  the  effects  of 
ballistic  weapons  on  aircraft,  this  is  unfamiliar  ground  for  the  structural  designer.  The 
potential  effects  of  this  unfamiiiarity  became  especially  evident  in  the  early  1970's  as  a 
result  of  increasing  consideration  of  using  graphite/epoxy  in  the  primary  structure  of 
combat  airplanes.  Graphite/epoxy  iaminates  configured  in  a  quasi-isotropic  0, +45,90 
layup  are  very  damage  sensitive,  comparable  in  damage  sensitivity  to  7075-T6  aluminum. 
To  obtain  useful  levels  of  battle  damage  tolerance  in  these  materials,  the  required  design 
technology  must  be  formulated  and  integrated  within  the  structural  design  process.  The 
Battle  Damage  Tolerant  Wing  Structural  Development  Program,  sponsored  by  the  Naval 
Air  Systems  Command  (Ref.  .1),  was  initiated  in  1974  to  develop  and  demonstrate  the 
technology  needed  to  design  fiber  composite  structure  having  good  survivability  to 
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ballistic  weapon  threats,  particularly  high-explosive  anti-aircraft  artillery  rounds  such  as 
the  23- mm  HEI  projectile. 


The  technology  developed  under  this  program  resulted  from  the  combined  efforts 
of  weapons  effects  experts,  vulnerability  specialists,  structural  analysts,  and  structural 
designers.  The  goal  was  to  develop  and  demonstrate  a  graph! te/epoxy  wing-box  capable 
of  meeting  a  worst-case  battle  damage  tolerance  criteria,  while  at  the  same  time 
obtaining  a  weight  savings  relative  to  a  baseline  metallic  wing-box  patterned  after  the 
F-14  titanium  configuration. 

The  final  wing-box  design  meets  all  these  requirements.  A  significant  advance¬ 
ment  in  composite  design  technology  was  a  new  skin/spar  concept  that  can  sustain  limit 
loads  in  the  presence  of  massive  structural  damage.  This  concept  makes  effective  use  of 
hybrid  laminates  combining  graphite/epoxy  with  fiberglass.  As  final  verification  a  full- 
scale  test  component  was  built  and  tested  by  firing  a  23-mm  HEI  projectile  directly  into 
a  spar  while  the  box  was  loaded  to  4-g's  in  combined  bending  and  torsion.  After  damage, 
limit  load  in  bending  and  torsion  was  successfully  applied,  followed  by  ten  cycles  of  two- 
thirds  limit  load  to  verify  full  flight  capability, 

2.0  PROGRAM  DEFINITION 


The  first  major  program  decision  was  the  selection  of  the  F- 14  wing  as  the  baseline 
configuration.  Design  attention  was  directed  at  the  mid-span  section  shown  in  Figure  1. 
The  external  geometry,  applied  load  conditions,  and  general  design  criteria  of  the  F-14 
wing  were  retained  throughout  the  development. 

Specific  design  requirements  and  criteria,  summarized  in  Figure  2,  were  mutually 
agreed  upon  by  Boeing  and  Navy  personnel  early  in  the  program.  The  General  Design 
Criteria  incorporate  the  design  requirements  of  the  F-14.  The  Structural  Weight 
Criteria  requires  that  the  battle  damage  tolerant  fiber  composite  wing-box  weigh  25- 
percent  less  than  the  titanium  F-14  baseline  wing-box. 

The  Battle  Damage  Tolerance  Criteria  require  the  wing-box  to  survive  a  worst- 
case  hit  by  a  23-mm  HEI  projectile  while  undergoing  a  4-g  maneuver  and  be  capable  of 
limit  load  after  the  hit.  Cruise  home  and  landing  capability  after  damage  is  also 
required.  The  limit  load  conditions  consisted  of  7.5-g  maximum  positive  bending  and 
3.0-g  maximum  negative  bending.  The  worst-case  hit  was  defined  as  a  direct  hit  into  a 
spar,  in  effect,  these  criteria  mean  virtual  invulnerability  of  the  structure  to  the  23-mm 
HEI  projectile.  This  is  a  very  stringent  design  objective,  especially  in  conjunction  with 
the  weight  savings  objective. 

Design  development  of  the  battle  damage  tolerant  wing-box  was  started  in  1972 
under  Contract  N00019-72-C-0433  as  indicated  in  Figure  3.  This  Initial  work  (Ref.  1) 
defined  the  Impact  of  the  battle  damage  tolerance  design  criteria  on  weight  and  cost  for 
many  types  of  structural  configurations,  including  metal  designs.  In  addition,  a  prelimi¬ 
nary  wing  design  concept  using  graphite/epoxy  was  developed  that  met  all  requirements. 
A  second  contractual  effort  In  1973,  N00019-73-C-0501  (Ref.  2),  verified  the  flutter 
performance  of  the  damaged  wing-box.  The  work  reported  herein  was  done  under  the 


Figure  2.  Criteria  for  Battle  Damage  Tolerant  Wing  Structural  Development 


Figure  3.  Programs  Leading  to  Development  of  Battle  Damage  Tolerant  Wing 


third  contract  of  the  series  (Ref.  3),  and  includes  final  development,  fabrication,  and 
demonstration  by  ballistic  testing  of  a  full-scale  graphite/epoxy  wing-box  component. 

The  design  problems  associated  with  developing  wing  structure  that  meets  the 
battle  damage  tolerance  requirements  include  overcoming  the  effects  of: 
o  Extensive  fragment  and  blast  damage  to  skin  and  substructure; 
o  Dynamic  internal  load  redistribution  resulting  from  severed  elements; 
o  Pronounced  notch-sensitivity  of  graphite/epoxy. 

Figure  4  illustrates  the  high  damage  sensitivity  of  graphite/epoxy  laminates.  The 
figure  compares  the  residual  tensile  strengths  of  ballistic  damaged  graphite/ epoxy  and 
7075-T6  aluminum  alloy,  one  of  the  more  damage  sensitive  aircraft  structural  materials. 
The  graphite/ epoxy  shown  is  even  more  damage  sensitive  than  the  7075-T6,  losing 
50-percent  of  its  tensile  strength  when  containing  ballistic  damage  one  inch  in  diameter. 

Innovative  design  approaches  were  developed  to  circumvent  this  damage  sensitiv¬ 
ity,  by  taking  advantage  of  the  considerable  design  flexibility  afforded  by  graphite/ 
epoxy. 


3.0  PRELIMINARY  WING-BOX  DESIGN 


Based  on  an  assessment  of  the  design  problems  relative  to  the  capabilities  of 
composites,  the  preliminary  wing-box  concept  shown  in  Figure  5  was  developed.  This 
was  a  four  spar  graphite/epoxy  configuration  with  stiffeners  between  spars,  A  feature 
for  battle  damage  tolerance  was  the  use  of  a  skin  laminate  that  contains  no  0-degree 
graphite/epoxy.  Because  of  the  resulting  low  spanwise  stiffness,  the  skins  carry  virtually 
none  of  the  spanwise  bending  loads.  These  loads  are  carried  in  the  spar  caps  by  high 
stiffness  chords  of  Q-degree  graphite/epoxy. 

The  effectiveness  of  this  approach  in  improving  battle  damage  tolerance  stems 
from  the  fact  that  0-degree  graphite/epoxy  in  the  skin  laminate  causes  the  high  notch 
sensitivity  mentioned  above.  Taking  the  0-degree  graphite/ epoxy  out  of  the  skins  and 
putting  it  in  the  chords  results  in  a  more  ductile  and  forgiving  skin.  The  fracture 
toughness  of  the  +45  graphite/epoxy  skin  laminate  was  further  enhanced  by  adding  0° 
S-glass,  forming  a»7  interpiy  hybrid  laminate. 

The  four  spars  provide  multiple  paths  for  the  wing  loads  and  are  sized  so  that  limit 
load  can  be  sustained  with  any  three  surviving  spars.  During  the  concept  design  study 
(Ref.  1),  an  assessment  was  made  of  the  efficiency  of  two,  three,  and  four  spar 
configurations  in  meeting  the  battle  damage  tolerance  criteria.  As  Figure  6  shows,  four 
spars  provided  the  smallest  weight  penalty  for  this  configuration  and  threat. 

4.0  DESIGN  DEVELOPMENT 

With  the  design  concept  described  above  as  a  starting  point,  the  development 
activity  was  organized  into  the  three  phases  shown  in  Figure  7.  Material  selection, 
design  analysis,  and  ballistic  damage  assessment  were  accomplished  in  Phase  1.  Phase  II 
Included  detail  design,  subcomponent  verification  testing,  and  further  ballistic  damage 
assessment.  In  Phase  tit,  a  full-scale  wing-box  incorporating  all  final  design  features  was 
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Figure  4.  Graphite/Epoxy  Laminates  Can  Be  Highly  Damage  Sensitive 
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Figure  6.  Effect  of  Number  of  Span  on  Weight  Penalties  for  Battle  Damage  Tolerance 
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BATTLE  DAMAGE  TOLERANT  WING  STRUCTURAL  DEVELOPMENT 
(Contract  N0001B-75-C-0178) 

Naval  Air  Systams  Command 


•  Preliminary  configuration 

•  Material  screening 

•  Coupon  tests 

•  Panel  tests 

•  Hybrids 

•  Fiber  orientation 

•  Ballistic  damage  under  load 

•  Hydrodynamic  ram 

•  Fragment  damage 

•  23-mm  HE  damage 

•  Box  tests  23-mm  HE 
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PHASE  III 


WING  BOX 
VERIFICATION 


•  Built-up  panels 

•  Joints 

•  Spar  beam 

•  23-mm  HE  damage 

•  Fabrication  drawings 
for  final  wing  box  *  Wing  box  fabrication 

test  •  23-mm  HE  impact  under  load 

•  Demonstration  of  structural 
performance  with  damage 


ADDITIONAL  BATTLE  DAMAGE  TECHNOLOGY  DEVELOPMENT 
(Under  add-ons  to  N00019-75-C-0178I 
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•  BRI-FC  code  development 

•  Verification  testing 


THICK  SKIN 
DAMAGE  RESPONSE 


•  Coupon  tests 

•  Panel  tests 

•  Fracture 

•  Penetretor  damage 

*  Ballistic  response  under  load 

*  Thickness  effects 

•  Box  tests  23-mm  HE 
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Figure  7.  Battle  Damage  Tolerant  Wing  Program  Summary 
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fabricated  and  successfully  tested  under  load  against  the  23-mm  HE1  projectile.  Figures 
S  through  12  illustrate  key  activities  and  tests  performed  during  the  phases  and  add-ons. 

In  addition  to  configuration  development,  two  further  technology  developments 
were  made  under  contract  extensions.  Under  Contract  Modification  P00003,  a  finite 
element  analysis  program  (BR-1FC)  was  developed  that  predicts  the  response  of  fiber 
composite  structure  to  blast  pressures.  Under  Contract  Modification  P00010,  ballistic 
damage  response  models  were  developed  for  thick  0,+45,90  graphite/epoxy  laminates. 

The  design  of  the  wing-box  was  developed  using  the  battle  damage  tolerance  design 
approach  shown  in  Figure  13.  The  final  structural  design,  shown  in  Figures  14  through 
17,  includes  all  the  general  configuration  details  employed  in  the  preliminary  concept: 
graphite/epoxy  construction,  four  spars  with  integral  chords  of  G-degree  graphite/epoxy, 
stiffeners  between  spars,  and  bolted  attachments. 

The  containment  of  large  ballistic  damages  in  graphite/ epoxy  tension  surfaces  was 
achieved  by  developing  a  damage  tolerant  skin  combining  +45  graphite/epoxy  with 
0-degree  glass/ epoxy  thus  forming  an  interply  hybrid  laminate.  Figure  18,  gives  an 
indication  of  the  improvement  in  fracture  toughness  obtained  by  combining  +45  T300/934 
graphite/epoxy  with  0-degree  S-GL/1002  glass/epoxy. 

Ballistic  testing  using  23-mm  HE1  projectiles  showed  that  the  optimum  method  of 
using  the  hybrid  laminate  was  constructing  the  skins  in  a  "waffle"  configuration,  placing 
the  hybrid  laminate  only  at  the  spar,  rib  and  stiffener  interfaces.  The  laminate  within 
the  waffle  cell  is  +45  graphite/ epoxy. 

The  high  fracture  toughness  of  the  hybrid  pads  prevents  crack  propagation  across 
the  skin.  The  pads  also  resist  and  control  damage  imposed  by  the  severe  internal  blast 
pressures  generated  by  the  threat.  With  this  concept,  skin  failure  tinder  blast  or 
hydrodynamic  ram  pressures  occurs  by  local  bending  within  the  cell  as  shown  in  Figure 
19.  The  thinner  skin  segment  between  pads  "blows  out,"  confining  the  damage  to  the 
single  cell,  and  prevents  splitting  and  detaclunent  at  the  fasteners. 

The  large  cross-section,  0-degree  graphite/epoxy  spar  chords,  integral  to  the  spar 
web,  are  an  important  program  design  development.  This  design  provides  a  highly 
desirable  "soft"  load  path  between  the  spars  and  the  skin  for  redistributing  spar  chord 
loads  following  severance  of  a  spar  due  to  ballistic  impact.  Test  and  analysis  demon¬ 
strated  that  bolting  the  spars  to  the  skin  through  a  +45  graphite/epoxy  shear  flange 
induces  bearing  failures  along  the  flange,  thus  redistributing  the  severed  spar  loads  away 
from  the  damaged  region  and  reducing  the  tensile  stresses  contributing  to  propagation  of 
damage  across  the  skin. 

The  final  wing-box  design  meets  the  target  weight  saving  of  25-pereent  relative  to 
the  titanium  baseline  wing.  Figure  20  shows  weight  summaries  prepared  at  several 
stages  of  design  development.  The  March  1976  wing-box  configuration  met  ail  design 
requirements,  and  was  substantially  lighter  than  criteria.  This  margin  was  used  to 
increase  the  0-degrec  graph! tc/epoxy  in  the  compression  spar  clwrds,  to  improve 
resistance  to  deiamination  caused  by  direct  fragment  impacts. 


Figure  &  &attfe-D*m*g*<Tol*rsnt  Wing  Structure  Development-  Ptme  t  Tests 


fAR/SK.N  INTEGRATION  BALLISTIC  «  Provided  comparison  of  various  spar/skin  Integration  concepts 
PANELS  Ji  whan  impacted  at  a  spar  chord  while  under  load 


23-mm  REPLICA  BOX  PANELS 


Established  bearing  strength  for  various  candidate  skin/fiange 
laminates 


•  Provided  23-mm  HEI  entry  and  exit  damage  information  for 
various  candidate  skin  laminates  in  replica  wing  cell 

•  Included  the  effects  of  internal  blast 

•  Provided  comparison  with  aluminum 


HYDRODYNAMIC  RAM  PANELS 


THREE-SPAR,  ONE  BAY  BOXES  (2) 


1/ 


•  Detarminad  structural  raspbnse  of  various  skin  materials  to 
Interna  fluid  pressures  (similar  to  blast  pressures) 


•  Provided  information  on  23-mm  HE  damage  type  end 
extent  for  the  candidate  wing  configuration 


Figure  &  BattleDsmage-  Tolerant  Wing  Structural  Development-  Phase  t  Tests 


Figure  10.  Battl^Damage-Tolerant  Wing  Structural  Development-Phase  11  Tests 
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SPAR/SKIN  ATTACHMENT 
STRENGTH  VERIFICATION 


•  Verified  the  spar/skin  attachment  for  thear  strength 


HYDRODYNAMIC  RAM  PANEL 
TEST 


•  Determined  structural  response  of  graphite/glass  hybrids  to  fluid 
pressures  and  verified  hybrid  pad  concept 


u 
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SHEAR  FRACTURE  PANEL 
TESTS 


•  Verified  skins  for  shear 

•  Established  shear  fracture  failure  stress 


SEVERED  SPAR  LOAD 

REDISTRIBUTION 

TESTS 


•  Demonstrated  load  redistribution  from  severed  spar  through 
bolted  iptr/skin  attachments 

•  Established  Influence  length  for  bolts  transmitting  severed  spar 
chord  loads 


•  Verified  "waffle"  skin  design  with  Hybrid  pads  so  predetermine 
damage  from  23*mm  HE 


Figure  1 1.  Bottle-Damage*  Tolerant  Wing  Stmctu/aJ  Development*  Phase  II  Tests 
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Figure  1Z  Battle-Damage-Tolerant  Wing  Structural  Test-Phase  III  Test 


Develop  damage  resistant/tolerant  load  path* 

•  Develop  damage-size  model 

•  Define  load  path  geometry 

•  Develop  finite-element  model 

•  Model  damage 

•  Find  internal  loads  (with  damage) 

•  Resize  for  damage  capability 


Develop  damage  containment 

O 

•  Improve  fracture  toughness  of  skin 

•  Predetermine  damage  modes 

•  Provide  crack  arrestment 

•  Reduce  dynamic  effects 

•  Design  details  for  damage  resistance  and  tolerance 


Figure  13.  Battle  Damage  Tolerant  Design  Approach 


GRAPHITE/EPOXY  CONSTRUCTION 
PROVIDES  WEIGHT  SAVINGS  AND 
DESIGN  FLEXIBILITY 


BOLTED  SPAR/SKIN  INTER- 


Figure  14.  Battle-Damage-Tolerant  Wing  Final  Design-Design  Summary 
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GRAPHITE/S-G  LASS/EPOXY 
HYBRID  SKIN  PADS  ALONG 
SUBSTRUCTURE  PROVIDE 
DAMAGE  CONTAINMENT 

•  PREDETERMINE  SKIN  BEND¬ 
ING  FROM  BLAST  PRESSURES 

•  STOP  LATERAL  PROPAGA¬ 
TION  OF  DAMAGE  CRACKS 


ENERS  RIB-TO-RIB  BETWEEN 
SPARS 


Figure  15.  Battle-Damage-Tolerant  Wing  Final  Design-Skins 
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WING  BENDING  LOADS  ARE  MULTIPLE  SPARS  REDUCE 

CARRIED  IN  CHORDS  OF  SENSITIVITY  TO  SPAR  WEB 


FROM  23-mm  HE  DAMAGE 
MODEL)  PREVENTS  MULTIPLE 
SPAR  DAMAGE  FROM  SINGLE 
23-mm  HE  IMPACT 


Figure  16,  Battle- Damage-Tolerant  Wing  Final  Design-Spars  and  Ribs 
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BOLTED  SPAR/SKIN  DESIGN 
PROVIDES  SOFT  PATH  FOR 
LOAD  REDISTRIBUTION 
FOLLOWING  SPAR  CAP 
SEVERANCE 


Figure  17.  Battle-Damage-Tolerant  Wing  Final  Design- Attachments 
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PREDICTIONS 
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Figure  18.  Dameqe  Containment  Improvement  From  Adding 
0-deg  S-Class  to  ±45  Graphite/Epoxy 
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Titanium 
baseline 
(two-spar  box) 

Battle  damage  tolerant  wing 
(graphite/epoxy  four-spar  box) 

October  1974 

March  1976 

June  1977 

Maximum  strain  for  sizing 

— 

0.0060 

0.0053 

00047 

Skins 

Upper  skin  and  pads 

44,0 

23.4 

21.8 

21.8 

Upper  stiffeners 

12.9 

4.4 

1.6 

1.6 

Lower  skin  and  pads 

37.0 

20.8 

22.6 

22.6 

Lower  stiffeners 

9.6 

3.5 

1.6 

1.6 

Span 

Upper  chord 

9.9 

7.2 

7.9 

16.25 

Lower  chard 

15.0 

6.9 

13.8 

16.25 

Webs 

14.1 

21.4 

27.5 

27.5 

Web  itiffensrs 

3.1 

— 

- 

- 

Radius  blocks 

- 

- 

3.1 

3.1 

Ribs 

Webs 

6.5 

3.B 

11.1 

11.1 

Radius  blocks 

- 

— 

1.8 

1.8 

Skin  attachment  fittings 

— 

— 

5.3 

6.3 

Miscellaneous  fasteners,  bonds,  etc, 

26.9 

15.0 

4.6 

4.6 

Totals 

178.0 

105.4 

122.7 

133.5 

Percent 

100% 

59% 

69% 

75% 

Figure  20.  Battle  Damage  Tolerant  Wing  Weight  Summary 
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5.0  DESIGN  VERIFICATION 


The  contractual  effort  was  directed  at  developing  a  wing  structural  configuration 
that  is  virtually  invulnerable  to  a  23- mm  HEI  impact,  with  a  25-percent  weight  savings 
over  the  titanium  baseline.  The  program  culminated  in  the  fabrication  and  testing  of  a 
full-scale  three-spar  wing-box  component  incorporating  the  battle  damage  tolerant 
design  features  developed  during  the  program.  The  box  was  fabricated  using  methods 
developed  during  subcomponent  verification,  then  tested  according  to  the  criteria 
defined  at  the  beginning  of  the  program. 

As  indicated  in  Figure  21,  the  test  box  was  loaded  in  combined  bending  and  torsion 
to  the  4-g  condition,  and  a  23-mm  HEI  round  was  fired  into  the  center  spar  cap  at  the 
tension  surface.  The  component  survived  the  impact  with  no  indication  of  structural 
failure.  After  the  impact,  the  bending  and  torsion  loads  were  increased  to  the  7.5-g 
limit  load.  The  damaged  box  successfully  sustained  these  loads.  Ten  cycles  of  two- 
thirds  limit  load  were  then  applied,  demonstrating  the  2-hour  cruise  capability  after 
damage.  The  component  was  then  loaded  to  failure,  which  occurred  in  a  compression 
spar  cap  at  8.6- g's. 

These  tests  demonstrated  that  the  structural  design  meets  all  residual  strength  and 
stiffness  requirements  after  damage  from  a  worst-case  23-mm  HEI  hit.  The  battle 
damage  tolerant  design  features  that  were  verified  include: 

o  The  structural  integrity  and  damage  tolerance  capability  of  +4.5  graphi te/ epoxy 
skins  combined  with  highly  loaded  spar  chords  of  Q-degree  graphlte/cpoxy. 

o  The  effectiveness  of  the  multi-spar  configuration  and  bolted  attachment  design  in 
surviving  dynamic  load  redistribution  after  23-mm  HEI  ballistic  impact. 

o  The  effectiveness  of  the  "blow-out"  skin  panel  design  in  controlling  damage  caused 
by  the  internal  blast  pressures  amd  fragments  of  the  23-mm  HEI  projectile. 

o  The  effectiveness  of  the  graphite/ glass  hybrid  pad  crack  arresting  design  for 
containing  large  ballistic  damage  in  tension  surfaces,  including  the  case  in  which  a 
spar  chord  is  severed. 

In  addition  to  battle  damage  tolerance,  the  weight  criteria  for  the  wing-box  was 
easily  met. 

Figure  22  shows  full  scale  wing-box  test  component  in  final  stages  of  fabrication. 
In  Figure  23,  it  has  been  mounted  in  the  load  fixture  at  Boeing's  Tulalip  Test  Range.  The 
hydraulic  actuators  used  to  apply  bending  and  torsion  loads  are  visible  in  the  photograph, 
as  is  the  target  marker  for  impacting  the  spar  beam  with  the  23-mm  HEI  projectile 
under  the  4-g  load  condition.  Figure  24  is  a  photograph  of  the  damage  to  the  tension 
skin  following  impact  by  the  23-mm  HEI.  The  severed  spar  cap  and  rib  web  required  for 
the  worst-case  damage  criterion  are  clearly  visible.  The  undamaged  spars  successfully 
picked  up  the  extra  loads  from  the  severed  spar  cap. 


181 


LIMIT  LOAD 

(BENDING  AND  TORSION) 


OC 

lU 

03 

2 

3 

Z 

5 


(»*  bOlDVJ  OVOI 


182 


Figure  21.  Test  Conditions  for  the  Damaged  Wing  Box  Test  Component 
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The  photograph  of  the  tension  skin  in  Figure  24  was  taken  following  successful 
application  of  limit  loads  to  the  damaged  wing-box.  A  crack  can  be  seen  in  the  upper 
right  of  the  damage  which  propagated  to  the  nearest  hybrid  pad  and  was  successfully 
arrested  by  the  pad.  This  verified  the  crack  arresting  capability  of  the  pads,  and  the 
analysis  methods  developed  for  predicting  the  fracture  characteristics  of  fiber  composite 
materials. 

The  damage  to  the  compression  skin  is  shown  in  Figure  25,  The  raised  segment  of 
skin  resulting  from  "blow-out"  between  the  hybrid  pads  is  quite  evident.  This  occurred 
under  blast  pressures,  thus  venting  the  pressures  and  preventing  attachment  failure  and 
extension  of  damage  beyond  the  impacted  ceil.  This  response  verified  the  "waffle"  skin 
configuration  using  graphite/ glass  hybrid  laminates. 

Evidence  of  the  final  failure  is  also  visible  in  Figure  25,  which  occurred  at  the 
compression  spar  cap  at  8.6- g's.  The  skin  buckled  along  the  lower  spar  and  above  the 
central  spar,  with  some  skin  detachment.  The  tension  skin  never  failed. 

CONCLUSIONS 


The  successful  results  of  this  development  demonstrate  the  versatility  of  fiber 
composite  materials.  This  versatility  provided  the  design  alternatives  needed  to 
configure  structure  that  is  both  lighter  and  more  battle  damage  tolerant  than  current 
metallic  configurations.  Combat  aircraft  incorporating  this  capability  can  have  a 
significantly  higher  probability  of  mission  completion  and  safe  return.  In  addition,  the 
high  level  of  battle  damage  tolerance  provides  the  option  for  repair  deferral  which  can 
be  a  great  advantage  in  short  war  scenarios. 
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ABSTRACT 


This  paper  describes  the  modification  of  an  existing  finite-element 
blast  response  program  (the  BR-1)  to  allow  it  to  use  laminated  composite 
rectangular  and  triangular  plate  elements  and  a  test  program  in  which 
thirteen  graphite/epoxy  panels  and  six  aluminum  panels  were  subjected  to 
blast  loadings.  Good  correlation  was  obtained  between  the  test  results 
and  analytical  predictions. 


INTRODUCTION 


The  effects  of  high  explosive  blast  damage  on  composite  aircraft 
structures  consist  of  fragment  damage  and  blast  pressure  damage.  In 
fragment  damage  numerous  holes  are  produced  in  the  structure,  each  of 
which  acts  as  a  stress  concentration.  Blast  pressure  damage  is  produced 
by  the  reflected  and  confined  gas  overpressures  and  is  a  transient 
dynamic  process  in  which  the  pressure  is  applied  for  a  relatively  short 
time,  imparting  a  high  velocity  to  the  affected  sections.  Deflections  of 
over  an  inch  can  be  produced  in  typical  aircraft  panels,  producing  high 
stresses  and  strains  in  the  process.  In  order  to  evaluate  the  effect  of 
fragment  damage  on  strength,  it  is  necessary  to  determine  if  the  fragment 
damage  will  extend  and  link  up  under  this  stress.  Thus,  a  transient 
structural  analysis  capability  is  needed  to  attempt  an  analysis  of  blast 
damage  in  composites. 

There  are  several  eleastic-plastic  dynamic  computer  codes  available, 
as  shown  in  Table  I.  BR-1A,  ANSYS,  MARC,  and  STAGS-C  are  dynamic 
response  analysis  codes  using  isotropic  elastic-plastic  stress-strain 
laws.  ANSYS  and  STAGS-C  have  elastic  laminated  orthotropic  capability. 
However,  the  BR-1FC  is  the  only  program  with  laminated  orthotropic 
elastic-plastic  capability.  In  addition,  the  BR-1A  and  BR-1FC  use  the 
blast  routines  developed  by  NOL  (1)  to  compute  the  blast  pressure  and 
fragment  dispersion  on  each  element  as  a  function  of  time  for  several 
popular  high -explosive  shells,  while  MARC,  ANSYS  and  STAGS-C  require  hand 
input  of  pressures  and  times  to  simulate  a  blast. 
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Table  /.  Finite  Element  Programs  for  Blast  Response  Analysis 

( All  Programs  Have  Large  Displacement  Transient  Analysis  Capability) 


Capabilities 

Programs 

Isotropic 

Orthotropic 

Laminated 

orthotropic 

Elastic  plastic 

Computes 
blast  pressure 
for  each 
time  increment 

BR1-FC 

X 

X 

X 

X 

X 

MARC 

X 

X 

X 

X 

ANSYS 

X 

X 

X 

Elastic  only 

BR-1A 

X 

X 

X 

STAGS-C 

X 

X 

(Finite  difference) 

X 

Elastic  only 

The  BR-1  (Blast  Response)  computer  code  (2)  developed  by  0.  Brass, 
M.J.  Jacobson  and  J.R.  Yamane  of  the  Northrop  Corporation  predicts  the 
response-to- failure  of  metallic  aircraft  structural  panels  and 
compartments  exposed  to  the  blast  fragments  of  internally  detonating  high 
explosive  projectiles. 

The  BR-1  code  uses  the  equations  of  dynamic  equilibrium,  developed 
orqinally  by  Salus,  IP  and  Valderllnden  (3)  and  extended  by  Witmer  and  Wu 
(4)  to  determine  the  transient  response  of  a  finite-element  model  subject 
to  time  varying  loads.  The  equations  of  dynamic  equilibrium  of  the  form: 

|M|(«‘}-{f}.(p)'  |H|(q'}-{c}  (1) 

Where  {f}  consists  of  a  vector  of  internal  loads  and  body  forces,  {pj 
and  [Hj(q*L  are  the  nodal  forces  resulting  from  member  Internal 
stresses,  TM]  is  the  structure  mass  matrix  and  (q*j  is  the  vector  of 
nodal  displacements.  * 

Equation  1  is  Integrated  numerically  using  a  finite  difference 
method,  as.  described  in  Reference  2,  to  find  the  incremental  and  total 
displacements  at  each  time  step.  The  Incremental  and  total  strains  and 
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stresses  are  then  determined  using  the  element  strain-displacement 
relations  and  the  material  constitutive  equations.  The  {p}  and  Qmq*} 
forces  are  then  used  to  determine  the  vector  of  nodal  forces  {C}  ana  the 
acceleration  (if*)  .  The  incremental  deflection  vector  for  time  increment 
i+1  is  then: 


(2) 


This  process  is  repeated  for  each  time  step  until  a  failure  occurs  or 
the  specified  number  of  steps  are  completed. 


MODIFICATION  OF  BR-1  PROGRAM 

A  similar  capability  was  needed  for  fiber  composite  structure  because 
of  the  increased  usage  of  orthotropic  materials  such  as  graphite/epoxy 
for  combat  aircraft.  Consequently,  work  was  initiated  to  extend  the 
structural  analysis  portion  of  the  of  the  BR-1  code  to  include  fiber 
composite  analysis  capability.  The  BR-1A  version  of  the  code,  which 
contains  triangular  plate  elements,  rectangular  plate  elements,  and  beam 
elements,  was  selected  for  the  modification. 


The  modified  code  has  been  designated  BR-1FC  (Fiber  Composite),  The 
modification  is  an  additional  capability,  i,.e.,  full  BR-1A  capability  is 
retained.  The  modification  to  enable  the  BR-1A  code  to  analyze  laminated 
composites  consisted  of  replacing  the  isotropic  elastic-plastic 
stress-strain  relations  with  nonlinear  orthotropic  laminated  plate 
equations  of  the  type  developed  by  Sandhu  (5).  In  the  Sandhu  method, 
stresses  and  strains  are  computed  in  each  layer  of  the  laminate  at  a 
given  load  level  and  used  to  determine  the  moduli  in  the  layer  coordinate 
system.  The  moduli  are  then  used  to  calculate  the  laminate  stiffnesses 
for  use  in  determining  the  incremental  stresses  and  strains  due  to  the 
next  load  increment. 

A  spline  fit  method  was  used  to  interpolate  between  input  points  in 
the  stress-strain  curves  to  determine  the  stresses  and  moduli.  A  layer 
is  defined  as  having  failed  in  a  given  direction  (fiber  direction, 
transverse  to  fiber  direction  or  shear)  when  the  strain  in  that  direction 
is  greater  than  the  maximum  value  input  for  its  stress-strain  curves. 

The  BR-1FC  program  requires  tension  and  compression  stress-strain  curves 
to  define  the  stress-strain  behavior  of  a  laminate. 

The  8R-1FC  code  was  compared  with  the  STA6S-C  finite  difference 
transient  analysis  code  using  a  fixed  ended  beam  model  idealized  with 
plate  elements  and  subjected  to  loadings  by  a  step  function  pressure 
load.  Several  thicknesses  and  loadings  were  modeled  with  good 
correlation  obtained  between  the  two  codes,  as  given  in  Reference  6. 
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BLAST  TESTS 


A  test  program  consisting  of  blast  testing  of  several  panels  was 
conducted  to  provide  a  check  on  the  predictions  of  the  BR-1FC.  Each  13" 

X  13"  test  panel  was  mounted  in  a  fixture  with  edge  attachments 
simulating  aircraft  wing  type  joints,  as  shown  in  Figure  1.  A  small 
spherical  charge  of  C-4  explosive  (equivalent  to  the  Russian  23MM  HE)  was 
detonated  at  varying  distances  from  the  panels.  Blast  pressure  versus 
time  plots  were  produced  at  two  points  on  each  panel.  Panel  deflection 
versus  time  plots  were  produced  for  the  panel  center  and  two  other  points 
on  the  panel. 

The  test  setup  consisted  of  a  charge  suspended  in  the  center  of  a 
spherical  blast  chamber,  with  the  panel  positioned  at  the  required 
standoff  distance  and  supported  by  an  aluminum  angle  frame  mounted  on 
four  steel  support  beams.  A  second  frame  on  the  opposite  side  of  the 
charge  supported  the  pressure  gage  assembly. 

Panel  displacement  was  measured  by  photographing  a  silhouette  along 
the  rear  surface  of  the  panel  with  a  Barr  and  Stroud  hgh-rate  framing 
camera.  The  maximum  frame  rate  obtainable  with  this  camera  is  one  frame 
per  microsecond  (l,000frames/sec)  although  it  was  slowed  down  to  between 
7  and  14  frames/microsecond  for  this  test  program. 
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This  was  done  to  get  the  maximum  time  span  recorded  on  the  28  frames 
in  the  camera.  A  flash  tube  was  used  to  provide  a  back  light  to 
silhouette  the  panel.  A  diagram  of  the  test  setup  is  shown  in  Figure  2, 
showing  the  3-foot  diameter  spherical  blast  chamber,  test  panel,  pressure 

gages  and  camera.  Figure  3  is  a  photograph  of  the  test  setup  with  the 

camera  on  the  left  and  the  blast  chamber  on  the  right.  The  camera  is 

directed  through  the  viewport  in  the  center  of  the  sphere.  Figure  4  is  a 

photograph  of  the  interior  of  the  blast  chamber  showing  the  panel,  gages, 
charge,  and  support  fixtures. 

The  reflected-pressure  gages  were  carbon  elements  bonded  to  the  face 
of  a  2-inch  thick  Plexiglass  plate.  The  Plexiglass  was  then  fastened  to 
an  aluminum  frame  similar  to  the  panel  support.  The  Plexiglass  provides 
the  mass  to  reflect  the  air  shock,  and  the  two-inch  thickness  delays  the 
rear  surface  reflection  for  approximately  37  microseconds.  Although  the 
finite  thickness  of  the  carbon  elements  cause  some  internal  reflections 
and  resulting  fluctuations  in  the  signal,  the  overall  peak  and  decay  of 
the  pressure  pulse  are  considered  to  be  valid. 

The  detonator  was  fired  by  discharging  a  .5  Mfd  capacitor  charged  to 
2  KV.  This  mode  of  firing  provides  a  firing  delay  of  less  than  5 
microseconds,  allowing  accurate  timing  of  the  event  relative  to  the 
camera  and  gage  recording.  The  charge  consisted  of  a  measured  quantity 
of  Composition  C-4  molded  around  a  U.S.  Flare  NND-211  detonator.  The 
charge  assembly  was  taped  to  a  net  of  lock  stitch  tied  to  the  support 
beams  providing  a  stable  location  at  the  center  of  the  chamber,  as  shown 
in  Figure  4. 

The  panels  were  13-inch  square  and  were  fastened  to  the  1"X  1"  X 
13/16"  angles  of  the  frame  using  10-32  bolts  on  1-inch  centers.  This 
provided  an  open  exposed  surface  11-inches  square  and  a  12- inch  support 
span.  A  reference  wire  was  also  attached  to  the  aluminum  frame  to 
provide  a  fixed  line  and  scale  for  displacement  measurements. 

The  actual  firing  sequence  was  controlled  by  the  camera.  When  the 
camera  reached  the  preset  speed  a  timing  pulse  was  generated  that  started 
delays  for  the  detonator,  flash  unit,  and  the  scope  sweeps.  The  timing 
of  these  events  was  recorded  on  a  raster  scope  along  with  a  marker 
pulse.  A  camera  pulse  every  half  revolution  of  the  mirror  was  recorded 
on  the  raster  scope  to  provide  an  accurate  measurement  of  camera  speed. 

On  the  later  shots  the  camera  tachometer  was  also  recorded  since  the 
regular  timing  pulse  had  failed  to  appear  on  some  of  the  shots.  The 
tachometer  speed  measurement  was  less  accurate  than  the  normal  timing 
pulse  but  did  provide  a  usable  speed  measurement. 

Figure  5  is  an  enlargement  of  the  film  taken  by  the  Barr  and  Stroud 
camera' for  shot  16.  In  the  picture  the  panel  is  seen  in  silhouette  at 
the  bottom  of  the  frame  with  a  reference  wire  shown  above.  The  reference 
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Figure  3.  Test  Arrangement  Showing  Camera  and  Blast  Chamber 


Figure  4 .  Interior  View  of  Blast  Chamber 
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wire  has  three  vertical  posts  attached  to  it  with  the  center  post 
indicating  the  center  of  the  panel.  The  time  after  detonation  (in 
microseconds)  is  given  for  each  frame.  The  figure  shows  a  BR1-4 
composite  panel  in  which  particles  of  epoxy  are  seen  leaving  the  panel. 
The  point  at  which  the  first  fragments  are  seen  is  near  the  peak 
deflection  reached  by  the  panel,  indicating  that  considerable  damage  has 
occured,  which  can  also  be  seen  in  the  post  shot  photos.  Post  shot 
photographs  of  several  panels  are  shown  in  Figure  6. 


COMPARISON  OF  TEST  RESULTS  WITH  BR-1  ANALYSIS 


A  list  of  the  panel  designs  used  in  the  blast  test  program  is  given 
in  Table  II.  Three  panels  of  each  design  were  constructed.  T300/934 
graphite/epoxy  was  used  for  the  laminates,  with  7075-T6  bare  aluminum 
sheet  used  for  the  aluminum  panels.  Aluminum  angles  were  bolted  to  the 
panels  to  simulate  the  edge  conditions  normally  found  in  aircraft  wing 
structures. 

The  finite-element  model  used  in  the  BR-1  runs  is  shown  in  Figure  7. 
The  edge  beams  were  modeled  as  tees  in  the  program  since  angles  are  not 
available  in  the  BR-1. 

Table  II  shows  the  blast  distance  and  charge  weight  for  each  test  as 
well  as  the  time  interval  which  was  captured  on  film  and  the  maximum 
deflection  recorded.  The  inital  shots  were  filmed  at  a  frame  speed  of 
about  7  microseconds/frame,  starting  at  100  microsecond  after  detonation, 
so  that  the  peak  deflection  occurred  after  the  last  frame  had  been 
exposed,  The  camera  was  then  slowed  down  to  the  12-14  microsecond/frame 
region  and  the  first  frame  was  delayed  to  about  300-400  microsecond  after 
detonation  in  order  to  capture  the  maximum  deflection  within  the  28 
frames  in  the  camera. 

Figures  8  and  9  give  a  comparison  of  the  predicted  center  deflection 
vs  time  for  the  aluminum  and  laminated  composite  panels  with  the  results 
of  several  test  shots.  The  aluminum  panel  tests  given  in  Figure  8  show 
good  correlation  with  the  predicted  deflections.  The  predicted  peak 
deflection  is  consistantly  slightly  lower  than  the  test  peak  deflection 
and  occurs  before  the  test  peak  deflection.  A  model  with  more  node 
points  would  probably  have  produced  better  correlation,  both  due  to  the 
better  modeling  of  the  structure  and  due  to  the  better  modeling  of  the 
blast  loads,  which  are  applied  as  nodal  loads. 

Predicted  failures  are  indicated  on  the  plots  by  X's  with  a  letter 
showing  the  type  of  failure  predicted.  indicates  the  first  matrix 
failure  which  occurred  in  the  panel,  which  is  usually  due  to  a  transverse 
tension  failure.  “FH  indicates  a  fiber  failure  in  which  the  fibers  have 
failed  in  some  layer.  Each  time  step  during  which  at  least  one  fiber 
failure  for  the  composite  panels,  has  occurred  is  indicated  with  and  MFU 
while  only  the  first  matrix  failure  is  shown  since  every  time  step  after 
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Table  II.  Blast  Test  Summary 


Panel 

Laminate 

Thickness 

In  (mm) 

Blast 

distance 

In  (mm) 

Charge 

(9m) 

Shot 

no. 

Time 

interval 

filmed 

(us) 

Max 

deflection 
measured 
in  (mm) 

BR1-M 

(+45) 

.143 

(3.63) 

•2 

(+45) 

.143 

(3.63) 

•3 

(+45) 

.143 

(3.63) 

BR1-2-1 

(Q/+45/90) 

.119 

(3.02). 

■2 

(0/+45/90) 

.119 

(3.02) 

6 

(152) 

13fl 

10 

412-800 

.82  (20.83)  A 

•3 

(0/+45/90) 

.119 

(3.02) 

6 

(152) 

13g 

7 

105435 

.62  (16.74) 

BR 1-3-1 

(0/+45/0/90) 

.145 

(3.63) 

6 

(152) 

13g 

3 

100-290 

.23  (5.84) 

•2 

(0/+45/0/9Q) 

.145 

(3.63) 

6 

(152) 

139 

17 

410-740 

.80  (20.32)  A 

•3 

(0/+45/0/90) 

.145 

(3.63) 

BR1-4-1 

(0/90) 

m 

(2.49) 

6 

(152) 

139 

n 

330-720 

1.20  (30.48)  A 

-2 

(0/90) 

ESI 

(2.49) 

mm 

•3 

(0/90) 

.096 

(2,49) 

6 

(152) 

139 

mm 

106-295 

.46(1 1.68)  C 

BR1-5-1 

7075-T6 

.100 

(2.54) 

•2 

7075-T6 

.100 

(2.54) 

•3 

7075-T6 

.100 

(2.54) 

6 

(152) 

139 

2 

100-225 

.2  (5.08) 

BR1-6-1 

7075-T6 

.063 

(1.60) 

6 

(152) 

139 

8 

106-400 

.66  116.76) 

•2 

7075-T6 

.063 

(1.60) 

6 

(162) 

139 

9 

320-690 

1.06  (27.68)  A 

■3 

7075-T6 

.063 

(1.60) 

BR1-7-1 

(0j/+44/90) 

.062 

(1.57) 

6 

(152) 

139 

5 

93-270 

.68  (17.27)  B 

•2 

(02/+4SW) 

.062 

(1.57) 

10 

(254) 

139 

13 

LAMP  FAILURE 

•3 

(0  3/* 45/90) 

.062 

(1-57) 

6 

(162) 

139 

18 

370-690 

1.9?  (50.04)  B 

BRUM 

(0/+4SW90) 

.077 

(1.96) 

6 

(152) 

139 

6 

148-486 

.91  (23.11)8 

•2 

(0/+45j/90) 

.077 

(1.96) 

10 

(254) 

139 

14 

LAMP  FAILURE 

-3 

(0/*46jf/90) 

.077 

(1.96) 

6 

(152) 

139 

19 

360-730 

1.16  (29.97)  A 

BR1-B-1 

7075-T6 

.040 

(1.02) 

6 

(152) 

139 

11 

402-745 

1.48  (37,59)  A 

-2 

7075-T8 

.040 

(1.02) 

10 

(254) 

139 

12 

200-540 

.88  (22.36) 

•3 

7076  T6 

.040 

(1.02) 

10 

(254) 

25g 

15 

210-570 

1.30(33.02) 

A  Pxwd  puk  defiecdon 
B  Panel  fractured 


C  Panel  aedud 


1% 
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the  initial  failure  would  usually  have  several  matrix  failures.  Station 
failures  are  indicated  with  an  "S",  while  node  failures  are  indicated  by 
an  "N".  A  station  failure  is  indicated  whenever  at  least  three  stations 
in  each  element  connecting  to  a  node  have  failed,  indicating  massive 
damage. 

For  the  composite  panels,  the  predicted  maximum  deflections  were 
generally  close  to  those  seen  in  the  tests  although  the  time  at  which  the 
peak  occurred  was  usually  underestimated  by  100-200  microseconds.  Panel 
BR1-2  has  a  lower  test  peak  than  predicted  while  panel  BR-4  has  a  higher 
test  peak  than  predicted.  Test  shot  3  for  panel  BR1-3  shows  poor 
correlation  while  test  shot  17  shows  good  correlation.  A  possible 
explanation  is  that  the  explosive  failed  to  detonate  properly  in  shot  3. 
Another  possible  explanation  is  the  camera,  which  tends  to  run 
erratically  when  forced  to  run  at  the  low  speeds  used  in  this  program. 

The  deflection-time  plots  might  have  shown  better  correlation  if  a  more 
refined  model  had  been  used,  although  the  correlation  obtained  seems 
acceptable. 

Table  III  gives  a  comparison  between  the  damage  observed  in  the  blast 
tests  and  the  damage  predicted  by  the  BR-1FC  program.  It  can  be  seen 
that  good  correlation  was  obtained  in  that  a  prediction  of  fiber 


Table  III.  Correlation  of  Blast  Panel  Condition  with  Prediction 


Panel 

Test  Result 

BRIFC  Prediction 

BR1-2- 

No  visible  damage 

Small  number  of  matrix  failures  predicted 

BR1-3- 

No  vlsibl*  damage 

No  failures  predicted 

BR 1-4-1, 2 

Cracks,  som*  fibers  broken 

Many  matrix  failures,  small  number  of 
fiber  failure 

BR 1-7-1, 3 

Blown  out  of  frame 

Many  station  failures,  node  failure 

BRI-8-1,3 

Many  fibers  broken 

Many  fiber  failures,  2  station  failures 

Matrix  failure  » 
Fiber  failure  » 
Station  fallurt  • 

Nod*  faitur*  • 


Trantvtfi*  or  ihaar  faitur*  in  a  layer 

Fiber  fractur*  In  a  layer 

Inability  of  tamlnat*  to  carry  load  at 
one  of  the  nln*  station!  In  the  plat* 

At  l*ast  3  station  faitur**  In  all 
elements  connecting  to  a  nod* 


fractures  correlated  with  broken  fibers  in  the  test,  while  a  prediction 
of  station  failures  correlated  with  a  severly  damaged  panel  and  the 
prediction  of  a  node  failure  correlated  with  a  panel  blown  out  of  the 
frame.  Also,  the  prediction  of  no  failure  corresponds  to  test  panels  in 
which  little  damage  could  be  seen. 

BALLISTIC  TESTING 


A  section  of  the  Battle  Damage  Tolerant  Wing  three-spar  test  box  was 
modeled  using  the  BR-1FC  code.  This  box  was  loaded  to  53%  limit  bending 
load  and  shot  with  a  quick  fused  23mm  high  explosive  projectile  during 
the  Damage  Tolerant  Wing  program.  The  box  design  consisted  of  +45 
fabric  skin  with  spar  caps  consisting  of  bundles  of  0  graphite  tape 
encapsulated  in  +45  fabric.  Glass  fabric  stiffeners  were  used  between 
spars  to  support  the  skin  and  feed  the  blast  pressure  loads  into  the 
ribs.  Figure  10  shows  the  BR1-FC  model  of  the  box,  which  consisted  of  72 
nodes,  60  plates  and  36  beams.  Only  the  exit  skin  was  modeled,  since  the 
entrance  skin  was  expected  to  be  almost  entirely  removed  due  to  fragment 
effects,  based  on  our  experience  with  this  projectile.  Figure  11  is  a 
plot  of  the  Z  deflections  vs  time  for  the  three  nodes  on  the  exit  skin 
with  the  highest  predicted  deflections,  with  matrix,  fiber,  station  and 
node  failures  noted  on  the  node  closest  to  the  given  failure.  Figure  11 
shows  that  the  deflection  at  the  three  nodes  reached  a  peak  and  then 
started  to  decline  without  any  catastrophic  failure.  Experience  with  the 
panel  tests  previously  done  led  us  to  conclude  that  the  test  box  would 
survive  intact,  although  with  several  areas  of  delamination  and  fiber 
fracture.  The  test  box  was  not  instrumented  to  determine  the  panel 
deflections  during  the  shot  so  the  predicted  deflections  could  not  be 
checked.  Several  fragnent  penetrations  were  observed  on  the  exit  skin, 
but  the  skin  was  still  capable  of  carrying  loads,  as  predicted  by  the 
analysis.  The  box  test  is  discussed  further  in  another  paper  at  this 
conference. 


T 
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Figure  10.  DT  Wing  Box  Model 
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t  -  *  (TIME  AFTER  DETONATION) 


Figure  1 1.  Damage  Tolerant  Wing  Box  Model-Predicted  Nodal  Deflection  Versus 
Time  Plot 


CONCLUSIONS 


The  BR-1FC  produced  good  correlation  with  test  data  for  the  panel 
tests  consisting  of  an  explosive  with  no  fragments.  It  was  also 
satisfactory  In  predicting  the  results  of  a  box  test  with  a  23-nun  HEI 
explosive  in  that  It  predicted  that  the  box  would  survive  the  explosion, 
which  was  borne  out  or  by  the  test. 


Due  to  the  combined  effects  of  blast  pressure  and  fragment 
penetrations,  a  fracture  mechanics  approach  would  probably  be  required  in 
the  general  case.  The  stresses  predicted  by  the  finite-element  analysis 
would  be  used  to  determine  if  crack  extension  and  panel  removal  would 
occur. 

The  BR-1FC  finite-element  computer  program  could  be  improved  by  the 
Inclusion  of  plate  elements  which  include  the  effects  of  normal  shear 
stiffeness,  which  can  be  Important  In  laminated  composites. 

An  instrumented  test  of  a  wing  box  with  stiffeners  should  be  done  to 
obtain  correlation  with  common  aircraft  structural  elements. 

Reference  6  provides  a  user's  manual  for  the  BR-1FC  computer  program 
and  gives  further  details  on  the  panel  blast  test  program. 
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ABSTRACT 

The  stability  of  a  flat  rectangular  composite  plate  with  either  clamped 
or  simply  supported  boundary  conditions  and  subjected  to  tangential  and  lat¬ 
eral  loads  which  vary  exponentially  with  one  space  coordinate  is  considered. 
By  using  Liapunov’s  direct  method,  extended  to  continuous  systems  by  Movchan, 
three  conditions  sufficient  to  guarantee  stability  under  extreme  loading  are 
derived.  The  three  stability  conditions  relate  material  properties,  geometry 
and  loading  conditions  and  may  be  used  for  design  purposes.  The  paper  ex¬ 
tends  to  orthotropic  materials  the  work  done  by  Leipholz  and  Bhalla  for  iso¬ 
tropic  materials. 


INTRODUCTION 


Leipholz  and  Bhalla  (1)  considered  the  stability  of  a  flat  plate  under 
combined  normal  and  tangential  loading.  The  loading  that  they  considered 
was  motivated  by  the  storage  of  grain  in  silos.  Some  of  the  weight  of  the 
stored  material  is  transferred  to  the  walls  by  friction,  thus  subjecting  the 
walls  to  vertical  compression  and  hence  buckling.  It  is  apparent  that  the 
silo  wall  undergoes  a  combined  load  composed  of  normal  forces  exerted  on  the 
wall  by  the  stored  material  and  frictional  forces  acting  along  the  wall. 

Both  these  types  of  loads  vary  exponentially  with  depth.  When  the  silo  is 
emptied,  the  friction  may  cause  vibrations  which  can  become  very  largo. 

In  this  paper,  the  exponential  loading  used  by  Leipholz  and  Bhalla  (1) 
is  postulated  and  could  come  from  aerodynamic  loading  or  other  sources  as 
well  as  storage  of  grain  in  a  silo.  The  work  in  Leipholz  and  Bhalla  (1)  is 
extended  from  isotropic  to  orthotropic  material.  If  the  material  is  iso¬ 
tropic,  the  results  in  this  paper  reduce  to  those  of  Leipholz  and  Bhalla  (1). 

The  stability  of  the  plate  is  analyzed  by  the  second  or  direct  method 
of  Liapunov  as  extended  to  continuous  systems  by  Movchan  (2,1).  A  descrip¬ 
tion  of  the  method  together  with  several  examples  of  its  application  to 
elastic  systems  is  given  in  Knops  and  Wilkes  (4).  Liapunov's  direct  method 
is  an  extension  of  the  energy  methods  used  by  structural  engineers.  The 
advantage  of  this  method  is  that  it  is  not  necessary  to  solve  tho  equations 
of  motion  in  order  to  determine  the  stability  of  a  system,  i.e.,  stability 
may  be  determined  directly  from  the  equations  of  motion. 


The  results  of  the  stability  analysis  take  the  form  of  three  conditions 
which  are  sufficient  to  guarantee  stability  even  under  the  influence  of 
extreme  loading.  The  conditions  relate  material  properties,  geometry  and 
loads  and  may  be  used  for  design  criteria.  A  convenient  plot  may  be  made 
which  displays  the  stable  region  in  terms  of  system  parameters. 

PROBLEM  STATEMENT 


In  this  paper  a  flat  rectangular  composite  plate  will  be  considered. 
The  coordinates  of  the  plate  are  0  <  x  i  a,  0  S  y  i  b.  The  boundaries  of 
the  plate  are  either  clamped  or  simply  supported.  The  plate  is  subjected 
to  a  normal  load 

Pn  =  P[1  -  e“(a-x)/r j  (1) 

where  P  and  r  are  positive  constants.  The  plate  is  also  subjected  to  a  fric¬ 
tional  follower  load  acting  along  the  wall  in  the  negative  x  direction. 

Pf  =  =  yP[l  -  e“(a“*>/r]  (2) 

Here  y  is  the  coefficient  of  friction  at  the  surface  of  the  plate.  The 
problem  is  to  determine  relationships  among  the  parameters  describing  the 
plate  and  its  loading  which  will  suffice  to  guarantee  stability  of  the  plate 
under  extreme  loading. 


LIAPUNOV  STABILITY 


Let  Q  be  a  vector  whose  components  define  the  state  of  the  plate, 
i.e.,  the  components  of  Q  are  the  deflection  and  a  certain  number  of  its 
derivatives  with  respect  to  space  and  time.  Let  0  denote  the  Q  vector  whose 
components  are  all  zero.  Let  t  be  the  time  variable.  Following  Knops  and 
Wilkes  (4),  the  point  0  is  said  to  be  stable  with  respect  to  the  norms 
P0(Q,t),  p^(Q,t)  if  the  following  conditions  are  met*. 

is  a  continuous  function  of  t  (3) 

is  continuous  with  respect  to  p^  (4) 

Given  an  e>0,  6(e)>0  can  bo  found  such  that  (5) 

P0*W  <  ^  <  e  for  t  i  tQ 

Movchan  (2,3)  has  generalized  to  continuous  systems  the  stability  thco' 
rem  of  Liapunov  for  discrete  system;.  The  following  theorem  follows  Knops 
and  Wilkes  (4). 

The  state  (0,  t)  is  stable  with  respect  to  the  norms  p«  and  p.  if  there 
exists  a  Liapunov  functional  M  with  the  following  properties:1 


H  2  0 
Hi  0 
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(6) 

(7) 


Given  e>0,  6(e)>0  can  be  found  such  that  p^>£  implies  M  >  6  (8) 
Given  £>0,  6(e)>0  can  be  found  such  that  Pq  <  6  implies  M  <  £  (9) 

Conditions  (6)  and  (8)  designate  a  functional  which  is  called  "positive 
definite,"  To  some  authors  this  term  implies  only  (6).  The  distinction  is 
important  in  the  discussion  of  stability. 

In  the  work  that  follows,  pseudo-norms  Pq*  and  p  *  will  be  used  in 
place  of  the  norms  Pq  and  p^,  i.e.,  the  norms  used  will  not  involve  all  the 
components  of  Q.  The  use  of  the  pseudo-norms  means  that  the  stability  state¬ 
ments  do  not  exclude  instability  with  respect  to  the  omitted  components. 

DERIVATION  OF  STABILITY  CONDITIONS 
Fundamental  Equations 


For  notational  simplicity  it  is  convenient  to  define  the  operator  L(W). 


L(W) 


D..W  +2 
11  xxxx 


<D12  +  2D66> 


U  +  D  W 
xxyy  22  yyyy 


(10) 


The  differential  equation  of  motion  of  the  plate,  subjected  to  a  normal  load 
given  by  (1)  and  a  tangential  follower  compressive  frictional  load  given  by 
(2)  is 

L(W)  +  pP  [  (a-x)  -  r [1  -  e”(a"**/r]lwxx  +  PW  +  0W 

-  P[1  -  e"<a“x^r)  (11) 


where 


is  the  flexural  rigidity  of  the  plate 
W  is  the  lateral  deflection  of  the  plate 
3  is  the  damping  coefficient  of  the  plate 
p  is  the  mass  per  unit  area  of  the  plate 


The  subscripts  x  and  y  denote  differentation  with  respect  to  those  variables. 
Dots  represent  differentiation  with  respect  to  time. 


The  deflection  W  may  be  decomposed  into  its  static  and  dynamic  parts, 
WQ  and  v  respectively.  By  substituting 

W  -  WQ  4-  w  (12) 

into  (11)  and  separating  the  static  and  dynamic  parts,  there  results  two 
equations 

L(Wq)  +  UP  l(a-x)  -  r[l  -  e“(a“x)/rj]  WQxx  -  P(1  -  E‘(a“x)/r]  (13) 
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t  ,;v  ••  ~.-  .  ;  •'•r&‘'','  V  >.^-- 


L(w)  +  yP  [(a-x)  -  r[l  -  £“<a‘x)/r]]  w  +  pw  +  gw  =  0  (14) 

XX 

It  is  apparent  that  the  static  deflection  Wq  will  be  bounded,  however, 
the  solution  o  (14)  could  be  unstable. 

The  Liapunov  Functional 

In  order  to  investigate  the  stability  of  the  plate,  the  following 
Liapunov  functional  is  chosen 

/  f  .9  ft2w2  «  2 

M  =  ^  iU(w)  +  pw  +  ~~  +  gww  -  pP(a-x)wx 

+  yPr  [1  -  e“(a“x>^r]  w  2]  dA  (13) 


where 


U(w)  =  D.^w  2  +  2D.-W  w  +  D__w  2  +  4D,,w  2 

v  11  xx  12  xx  yy  22  yy  66  xy 


The  first  step  is  to  show  that  the  Liapunov  functional  is  positive 
definite.  Note  that 

pw2  +  gww  +  “  p(w  +  ^*j“)2  +  ^4^“  &  0  07) 

and  that  yPr[l  -  e“<*-*)/rj  2  £  0  (18) 

Substituting  (17)  and  (18)  into  (IS)  yields 

M  >{  [u(w)  -  yP{(a-x)w  2]JdA  (19) 

In  Appendix  B  it  is  shown  that  if  A^  is  the  lowest  eigenvalue  of  the  equation 

L(w)  +  At(a-x)wx)x  “  0  (20) 

subject  to  the  same  clamped  or  simply  supported  boundary  conditions  as  the 
plate,  then 

^  U(w)dA5  A^(a-x)wx  dA  (21) 

Using  (21)  in  (19)  gives 

M  ^  h  (*1  “  ^  0“x)wx2  M  (22) 

From  (22)  it  is  apparent  that  M  will  be  positive  definite  if 


UP  £  Ax 
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This  is  the  first  stability  condition.  It  relates  the  flexural  rigidity 
parameters  D,  which  affect  X^  to  the  maximum  load  P  which  may  be  affected  by 
geometry.  J 


The  next  step  is  to  show  that  the  time  derivative  of  M  is  negative 
definite 


M  =  {  [2D,,w  w  +  2D,«(w  w  +' w  w  ) 

A  11  xx  xx  12'  xx  yy  xx  yy 

•  *  •  mjiJ  •  2 

4  2D„„w  w  +  8D,,w  w  4  2pvw  4  ~~  4  Bw 
22  yy  yy  66  xy  xy  p 

4  Bww  -  2pP(a-x)w  w  4  2pPr[l  -  e  (a“x)/r]w  *  j 


(24) 


x  x 


X  X 


dA 


By  making  use  of  the  relationships  given  in  Appendix  A  and  the  clamped  or 
simply  supported  boundary  conditions,  there  results 


/ 

A 


[2D 


,  ,w  w 
11  XX  XX 


20  lA^yy  +  W«V 


(25) 


2D_„w  w  4 
22  yy  yy 


8D,,w  w  1 
66  xy  xy 


dA 


2v  L(w)dA 


and  also 

^2ppf  -(a-x)  4  r  [l  -  e“<a-x>/r]  jw^  dA 


(26) 


-  [w  [2uP[(a-x)-r[l  - 

4  2uP[-l  +  e“<a"x>/rJwJ  dA 

When  these  two  equations  are  substituted  into  (24),  the  result  is 

M  -  [  hw[L(v)  4  pw  4  yP[(a-x)  -r(l  -  e“<a“x)/r) ]w^)  (2?) 

4  &  (Bw  4  pi))  4  0w2  -  2pP[l  -  e”(a“x)/rWw)  dA 
P  * 

The  equation  of  motion  of  the  plate  (14)  may  be  substituted  into  (27)  in  two 
places  to  yield 

H  -  [  [-Bw2  4  jp(-L(w)-ui’((u-x)  -r(l  -  e“'(a‘x)/r)  1  Jw^ 

-  2pP ( 1  -  e“<0“x)^]wxw  |  dA  (28) 

how,  again  applying  the  results  of  Appendix  A 

[  (-  w  l(w)  dA  “£(-f)  U<«)  M  (29) 
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where  U(w)  has  been  defined  in  (16).  Also 


[  <-  )[  <a-x)  -r[l  -  w^dA 

-  {  (  )  i[(a-x)  -r[l  -  c-<M>/r]]v  2 

A  P  X 

+  [-1  +  c-(a-x>/r]w  j  dA 


Furthermore 

i  +  c*<*'x>/r]w]t(lA 

'  i  O'"  =‘<a'!‘)/rJ“2‘« 

*  i  0>t-l  +  e-(“-x)/rlwv>A 

By  combining  terms  in  (31)  there  results 


{  [-i  +  e-(a"x)/r 

A  p 


]wv  dA 
x 


_  f  |  -(a-x)/^  2 

A  (2rp}  l'  e  ]v  tlA  <• 

Substituting  (32)  into  (30)  and  then  substituting  (29)  and  (30)  into  (28) 
yields 

«  ’  [  i  -6w2  -  -J-  U(w)  +  &£  (Cu-x)-r(l  -  e-(“-x,/,:l)wx2  (33) 

-  O  e-<“-x)/r  v2  -  2liP[l  -  jdA 

Now  Sill  (1  -  c-(o-x)/r)u^  >  „  (. 

and  M  e-(tt-K)/r  >  Q 
2rp  L  “  0 

Hence  using  (21),  (34)  and  (33)  in  (33)  yields 

z 

H  S  ;  f  -e»  -  -  lil'l(o-x)wx2  c 

-  2liP|l  -  dA 

By  the  moan  value  theorem 

/  t  v..  2 - /  2 


where 


(38) 


0  <  m  <  a 
Hence  M  <  -{[bw2  +  (X1-yP)mw  2 

A  P  J.  X 

+  2UP(1  -  ij 


Since 


JA 


(39) 


Bw  +  2yP  [i  -  e_(a_x)/r]w  w  +  -  (X.  -  yP)mw  2 

J  x  p  1  x 


efc2  [i  -  +  cf-)2(i  -  E-(a-x)/t]2»  2i 


,2„2 


+  f  *  ftx  -  mp)  -  af  U  -  c-<a-^]2!„x! 


will  be  positive  definite  if 
ti  MP[X  - 


/' ra(X7"-liP) 


(AO) 


(Al) 


choosing 


g  >  n&Ce 
Pm(X1  -yP) 


(A2) 


will  guarantee  that  M  is  negative  definite.  (A2)  is  the  second  stability 
condition  and  may  be  used  to  establish  a  lover  bound  for  required  material 
damping. 

Boundedness  of  the  Liapunov  Functional 
Define  the  norms 

pQ*  -  l sup  |  w  j  2  +  sup  |  U(v)|  +  supjwj2  +  sup  J  w^  j  2j>4 


and 


"  sup  j  w 


(AA) 


In  order  to  show  that  the  Liapunov  functional  has  an  upper  bound,  the  negative 
terms  in  M  can  be  dropped. 

MS  U(v)  +  pv2  +  +  Bwv  -f  yPrv^2]  dA  (AS) 

Using  the  Inequality 


<*  2 

pv2  +  §£»  +iJw^pv6+^ 


3  _  *  2  ...  B^2 


<A6) 


in  (45)  yields 
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2  2 

M  S  /  [U(w)  +  -|  pw2  +  —  +  yPrw  2]  dA 
A  ^  o  P  x 

A  3  £2A 


Defining  kQ  =  Max  [A ,  ~  pA,  — ,  yPrA] 


(47) 

(48) 


and  using  (43)  in  (47)  yields 
M  <  k„P0*2 

Hence  M  has  an  upper  bound. 


(49) 


In  order  to  show  that  the  Liapunov  funtional  is  bounded  below,  some 
positive  terms  in  M  can  be  dropped. 

M  >  {  [  U(w)  -  yP(a-x)w,2  |  dA  (50) 

A  X 


Since  it  is  shown  in  Leipholz  (5)  that  for  the  boundary  conditions  of  the 
plate 

{wwdA*>{w^dA  (51) 

A  xx  yy  A  xy 

the  first  term  on  the  right  hand  side  of  (50)  may  be  written  in  expanded 
form  as 


UMdA  -  [  [D^.J  *  2<D12  ♦  2VV  +  V*/)  dA 


(52) 


If  D  is  defined  as 


D  «  Min  [Du,  D12  + 


then 


M  > 


{  [  D[»  2  *  **■  2  * 


(53) 

(54) 


4*  2w“  ,  +  w  *)  -  yP(a-x)v  j  dA 
..  xx  xy  yy  1  x  J 

/  ^ 

If  (37)  is  applied  to  (54)  and  the  positive  term  :  hPmw  “dA  io  subtracted,  the 

Ay 

result  is 

K  “  A  ^  DKx2  +  2wxy  +  wyy^  J  “  ul,,a  *  wy2^  UA 
By  using  Poincare’s  inequality  from  Appendix  C,  (55)  may  be  transformed  into 

(56) 


MiJlD  -  M^2](wxx2  ♦  2w‘y  +  wyy2)  dA 


*)  2  y 

where  t  *  Kax(a  ,b“) 


By  using  Sobolev's  inequality  from  Appendix  C, the  above  inequality  may  be 

wi,“  “  ..  .  d  -i, me2  ,  ,2 

M  £  * — ^ —  SUP  j  v  |  (58) 


„  ...  .  ,  D-pPm5.2 

Defining  ~ — 

C 

and  using  (44)  in  (58)  yields 


09) 


M  >  kx  Px*2  (60) 

M  will  be  bounded  from  below  if  k.  is  positive.  This  gives  the  third  stabil¬ 
ity  condition 

UP  £  —  *  X*  (61) 

n»r 


Condition  (61)  may  be  avoided  by  using  the  norm 
Pj  .  [{  V2  dA)'S 


(62) 


instead  of  (44).  By  substituting  (21)  and  (37)  into  (50),  the  result  is 

M  >  {  m(X1  -  pP)wx2  dA  (63) 

By  Friedrich's  inequality  (Cl)  of  Appendix  C 
ro(X.  -  DP)  f  ,£ 

M  a  - ** -  ;  w£  dA  (64) 

a 

Hence  M  £  k2  ^  (65) 

m(X  -UP) 

where  k2  * - —  (66) 

a 

Condition  (23)  is  sufficient  to  guarantee  that  k^  will  be  positive. 

Stability  Considerations 

Let  the  initial  disturbance  of  the  system  in  terms  of  the  norm  be 
“  e  for  t  -  tQ  (67) 

Then  oy  (49)  H  £  kQp*2  -  k0t2  for  t  -  tQ  (66) 

* 

However,  M  is  negative  definite  and  therefore  M  does  not  increase  with  time. 
Hence 

H  S  [tn  it0  <M> 

(60)  together  with  (69)  tooHe* 

ft* 


(70) 


kipi*2  -  V2  for  c  -  'o 

or  sup  j  w  j  =  p1*  <  e  for  t  >  tQ  (71) 

\lh 

This  implies  that  if  the  initial  deflections  of  the  plate  are  small  in  the 
sense  of  p  *,  then  the  deflections  of  the  plate  will  be  small  for  all  time 
in  the  sense  of  p^*  if  the  stability  conditions  (23),  (42)  and  (61)  are  met. 

If  instead,  the  norm  p^  is  used,  then  (65)  and  (69)  imply 


Vi2  s 

v2 

for  t  >  tp 

(72) 

/  2aa 
,  w  dA  = 

A 

Px2 

k0  2 

<  - —  e  for  t  >  t~ 

*  k0  0 

(73) 

As  pointed  out  by  Leipholz  and  Bhalla  (1),  the  stability  criterion 
based  on  fiL  is  weaker  than  that  based  on  p  *.  (71)  guarantees  that  deflec¬ 

tions  will  be  small  everywhere,  whereas  (73)  only  ensures  the  smallness  of 
deflections  in  the  mean  square  sense.  This  means  that  deflections  may  be 
large  in  a  localized  area  and  that  buckling  may  occur  in  that  small  area. 
Thus  there  is  a  trade-off  in  the  omission  of  condition  (61)  and  the  weaken¬ 
ing  of  the  stability  criterion. 


SUMMARY 

In  this  paper  three  stability  conditions  are  derived  which  are  suffi¬ 
cient  to  guarantee  the  stability  of  a  flat  rectangular  composite  plate  with 
loading  in  the  normal  direction  given  by  (1)  and  in  the  tangential  direction 
by  (2) .  The  stability  conditions  are  repeated  below. 

UP  1  \x  (23) 


These  relations  relate  material  properties,  geometry,  and  loadings  and  may 
be  used  for  design  criterion.  The  relationships  are  displayed  in  Figure  1. 

The  curve  in  Figure  1  comes  from  (42),  Points  falling  in  region  I  will  be 
stable  in  the  sense  of  p.*  while  points  falling  in  region  II  will  bo  stable 
in  the  sense  of  p^. 
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APPENDICES 


A.  GREEN’S  THEOREM 

The  form  in  which  Green's  Theorem  usually  appears  is 

i  +  <“  -  (*» 

Here  C  is  the  boundary  of  the  surface  A.  Since  Green's  Theorem  is  used  sev¬ 
eral  times  in  this  paper,  it  is  helpful  to  make  some  substitutions  into  (Al) 
in  order  to  make  it  easier  to  use.  By  writing  P  «  fg,  Q  «  0  in  (Al),  the 
two-dimensional  analog  of  integration  by  parts  results 

{  £xSdA  -  -[  fgx  dA  +  £  fgdy  (A2) 

By  sotting  P  •  f^g  -  fg^,  Q  *  0  in  (Al),  the  result  obtained  is 

[  "  “  i  “*  +  £  (l„8  -  <«> 

The  use  of  P  ■  0,  Q  *  f^g  -  .  fgy  in  (Al)  yields 


(A4) 


A  £yy  gdA  "  A  fgyydA  '  C  (£yg  "  £gy)  dx 

Finally,  setting  P  =  %(f  g  -  fg  ),  Q  =  ^(f  g  -  fg  ) 

y  y  xx 

provides 

A  £xy  gdA  *  A  £gxydA  +  4  C(fy8  '  £gy)  dy  (A5) 

'  *  i(£xg  '  V  dx 

In  this  paper  all  integrals  on  the  boundary  C  will  vanish  due  to  the  boundary 
conditions.  This  fact  is  obvious  for  clamped  boundary  conditions  while  a 
proof  for  simply  supported  boundary  conditions  may  be  found  in  Leipholz  (5). 

B.  GENERALIZED  STEKLOV'S  INEQUALITY 

Let  X^  be  the  lowest  eigenvalue  of  the  equation 

L(w)  +  X[(a-x)w  ]  «*  0  (Bl) 

X  X 

where  w  meets  either  clamped  or  simply  supported  boundary  conditions.  Then 
for  any  w  which  meets  the  boundary  conditions 

*  U(w)dA  >  Xx  ^(a-x)wx2dA  (B2) 

L(w)  and  U(u)  have  been  defined  previously  in  (10)  and  (16)  respectively. 

In  order  to  prove  this  result,  let  $  be  the  eigenfunction  corresponding 
to  the  eigenvalue  X^,  i.e.,  * 

LM^)  +  Xi[(a-x)  «*  0  (B3) 


By  applying  the  results  of  Appendix  A,  there  results 

A  *J  [  <“-,>*lxJ«dA  ‘  '  A(a-s)*jx4'ixdA  W) 

and 

{if>tL(<J»,)dA  «  +  2(D,„  +  2D..)4>.  <j>. 

A  J  vri'  A1  11  ixxrjxx  '  12  66  ixy  jxy 

+  ]  dA  (B5) 

22  iyy  jyy 

If  (B3)  is  multiplied  by  ^  and  integrated,  use  of  (B4)  and  (B5)  yields 

4>.  +  2(D,„  «f  <J>  +  6  j  dA  (B6) 

A1  11  ixx  jxx  v  12  66/yixy  jxy  22^iyy  jyyJ 
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-  X1  [  (a-*)*^  dA  -  0 


(B6) 


Subtracting  a  result  similar  to  (B6)  with  i  and  j  interchanged  from  (B6) 
gives 

<Xi  '  V  dA  ■  0  (B7) 

If  ^  A_.,  this  implies  the  orthogonality  relationship 

{  (a-x)  4>  <j>  dA  =  0  for  i  i  j  (B8) 

A  XX  j.X 

Since  a-x  is  positive  in  A  and  since  the  vanishing  of  <j>^  in  A  would  imply 

c p  vanishes  identically  in  A  due  to  the  boundary  condition  <j>^  =  0,  it  may  be 
assumed  that  the  eigenfunctions  are  normalized  by  A 


A  (a"x)  *ix2  dA  *  1 

To  show  that  the  eigenvalues  are  positive,  let  i  =  j  in  (B6) .  Then 

Xi  “  A  U<V  dA  >  0 

Assume  that  the  eigenvalues  are  arranged  in  ascending  order 
0  <  X.  <  x2  i  x3  <  •  •  • 

To  do  an  eigenfunction  expansion,  let 


(B9) 


(BIO) 


(Bll) 


w  <=  T,  C.  <J>. 

jnl  J  - 

(B12) 

Note  that  „ 

a  HI  c  4 

*  A  Vjx 

(B13) 

Multiplying  (B13)  by  (a-x)  <|>ix»  integrating  and  using  (B6)  and 

(B9)  yields 

l  <“-x)  *ix  wx  dA  ■  Ci 

(B14) 

Also  note  that 

{  (a-x)w  ^  dA  »  {  (a-x)  w  dA  -  .X.  C. * 

A  x  A  x  i“l  i  lx  i*l  i 

(B15) 

By  making  use  of  Appendix  A  and  the  previous  results  of  this  Appendix,  the 
desired  result  may  be  shown. 

U(w)dA  -  *  w  L(w)  dA  «*  £  v  Iff  C±  4^)  dA 
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ill  Ci  {  »  L<+i)  “  -  -ill  Vi  {  »(<a-*H1A  “ 


■ill  Vi  I(a-X)  ♦ixV*  ■  ill  CA 


00  2 
*  xi  a  °i 


Xx  ^  (a-x)  w^  dA 


(B16) 


C.  INEQUALITIES 

\ 

Friedrich’s  Inequality 

The  vanishing  of  w  on  the  boundary  is  sufficient  to  guarantee  that 

/  2  ,,  2  /  2  ,.  /o-i \ 

.  w  dA  £  a  ^  dA  (Cl) 

The  proof  may  be  found  in  Mikhlin  (6) . 

Poincare’s  Inequality 

Poincare's  inequality  reads 

[  u2  dA  <  l2  {<ux2  +  uy2)dA  +  udA)2  (C2) 

where  2. 2  =  Max(a2,  b2)  (C3) 

The  proof  may  be  found  in  Mikhlin  (6). 

Letting  first  u  ■  w  and  then  u  ■  w  and  adding  yields 
x  y 

A<\2  +  uy2)dA  S  A(l,xx2  +  2”xy2  +  wyy2)  ik  (U) 

+  A  <IVA)24  <1  “y^ 

The  last  two  termB  vanish  when  w  vanishes  on  the  bouudary  since,  by  Appendix 
A 

j[  w^dA  -  £  wdy  •  0  (C5) 

and  {  w  dA  »  -  {  wdx  ■  0  (C6) 

Ay  A 

Hence  [  (v*2  +  wy2)  dA  <  S2  [  (w^2  +  2wxy2  +  wyy2)dA  <C7) 


I 

f 
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Sobolev’s  Inequality 


If  w  vanishes  on  the  boundary,  then 

I  |  2  2  f  2  2  2 

sup  w  <  C  (w  +2w  +  w  )dA  (C8) 

r  I  I  A  xx  xy  yy 

where  C  is  an  appropriately  chosen  constant. 

This  result  may  be  found  in  Knops  and  Wilkes  (4) . 
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ABSTRACT 

The  ability  to  predict  the  serviceability  of  advanced  composite  struc¬ 
tures  on  an  aircraft  undergoing  a  service  loading/ temperature/environmental 
spectrum  is  discussed.  One  of  the  critical  factors  is  the  degradation  of 
the  residual  compressive  strength  of  the  structure  after  spectrum  loading. 
There  are  two  causes  for  this  strength  reduction.  The  primary  cause  is  the 
degradation  of  the  matrix,  resulting  from  the  moisture/ temperature  environ¬ 
ment.  A  secondary  cause  is  the  propagation  of  delamination-type  flaws  ema¬ 
nating  from  flaw  nuclei,  causing  loss  of  strength  due  to  local  instabilities. 
Test  results  are  presented  for  graphite/epoxy  (Gr/Ep)  coupons  undergoing  a 
fully  reversed  loading/moisture/temperature  spectrum  enhanced  so  that  maxi¬ 
mum  spectrum  loading  represents  design  limit  load.  Flaw  growth  rate  was 
determined  by  using  a  pulse-echo  ultrasonic  inspection  technique  at  pre¬ 
scribed  intervals  of  the  spectrum  loading. 

INTRODUCTION 

It  is  now  apparent  that  under  conventional  use  advanced  composite  struc¬ 
tures  are  indeed  durable.  However,  the  question  remains  as  to  whether  com¬ 
posites  tailored  to  meet  unusual  requirements  are  still  durable.  In  order 
to  predict  durability  under  such  conditions,  it  is  necessary  to  understand 
the  physics  of  failure.  Once  this  is  accomplished,  such  questions  as  the 
validity  of  accelerated  testing  schemes,  adequacy  of  flaw  detectability 
devices,  adequacy  of  geometric  complexity  simplification,  etc,  can  be  an- 
swerod  with  some  degree  of  certainty.  * 

The  Advanced  Composite  Serviceability  Program  (1]  systematically  ex¬ 
plored  many  of  these  questions.  The  approach  used  is  shown  in  Table  I.  The 
degradation  of  the  residual  compressive  strength  of  the  structure  after  spec¬ 
trum  loading  apparently  has  two  primary  causes.  One  cause  is  the  degrada¬ 
tion  of  the  matrix,  resulting  from  the  moisture/ temperature  environment. 

This  phenomenon  has  been  extensively  studied,  and  it  has  been  found  that, 
although  no  serious  degradation  occurs  below  the  glass  transition  tempera¬ 
ture  Tg,  temperature  excursions  above  Tg  cause  irreversible  matrix  damage. 
This  damage  is  characterized  by  crazing  and  the  presence  of  "free"  moisturo 
which  invalidates  moisture  content  experiments  based  on  "Fickean"  diffusion. 
Another  cause  of  strength  degradation  is  the  propagation  of  delamination- 
type  flaws  emanating  from  flaw  nuclei  generated  during  the  manufacturing 
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Table  I  Advanced  Composite  Serviceability  Program  Tasks 


Phase 

Title 

Task 

Title 

Subtasks 

Reference 

1 

Defect/Damage 
Detection  and 
Degradation 
Assessment 

1 

Flaw/NDE 

Assessment 

Flaw  Characterization 

2 

Flaw  Detectab i  1 i ty 

3 

2 

Analytic  Methods 
Development 

5 

3 

Experimental 

Data  Base 
Development 

Accelerated  Test  Techniques 

k 

Tension  Coupon  Tests 

6,  7 

Compression  Coupon  Tests 

Bolted  Joint  Coupon  Tests 

A 

1 nspect ion/ 
Acceptance 

Cr i ter ia 
Development 

1 1 

Structural 

Element 

Manufacturing 

i 

Fabrication 

Plan 

Development 

Manufacturing 

NDE 

Cost  Tracking 

2 

Normal 

Element 

Production 

Element  (27)  Production 

Production  Rate 

Production  Technique 

3 

Induced  Flaw 
Element 

Product  Ion 

Element  (72)  Production 

Manufacturing  Flaws 

Service-Induced  Flaws 

1 

E 1  omen t 
Service- 
abi 1 i ty 

Evaluat ion 

1 

Mechanical 

Testing 

Baseline  Property 

Effect  of  Defects 

2 

Coupon  Data 
Corrolat ion 

NOTH:  Tin*  work  was  part  of  the  Advanced  Composites  Serviceability  Program, 
contract'  F33615-76-U-5344,  monitored  by  Mr.  Robert  Neff  of  the  United 
States  Air  Force  Materials  Laboratory  and  Jointly  sponsored  with  the 
United  States  Air  Force  Flight  Dynamics  Laboratory.  Rockwell 
International,  North  American  Aircraft  Division  (NAAD),  is  the  prime 
contractor,  and  the  Science  Center  is  a  subcontractor  engaged  to 
study  flaw  detectability.  ITT  Research  Institute  is  a  subcontractor 
engaged  to  perform  all  the  coupon  testing,  and  Washington  University, 
St.  Louis,  is  a  subcontractor  engaged  to  develop  analytic  techniques. 
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process  or  in  service.  Since  these  flaws  are  random  by  nature,  a  strictly 
analytic  treatment  is  impractical.  An  engineering  approach  relating  initial 
flaw  size,  damage  propagation  rate,  and  spectrum  loading  to  residual  com¬ 
pressive  strength  must  be  used  to  provide  insight  to  the  phenomenon.  This 
paper  will  focus  on  this  study.  Data  are  presented  from  tests  run  during 
the  Air  Force  Advanced  Composite  Serviceability  Program.  Since  the  strength 
degradation  is  predominantly  associated  with  unstable  localized  regions,  the 
analytic  treatment  is  limited  to  determination  of  stresses  in  the  region  of  a 
flaw  to  predict  flaw  growth  trajectory.  An  empirical  approach  to  determine 
the  growth  rate  is  then  used  to  obtain  the  final  delamination  extent  from 
which  residual  strength  can  be  obtained.  The  treatment  is  based  on  a  simpli¬ 
fied  model  [8],  the  physics  of  which  is  the  "billowing"  of  a  localized 
delaminated  area  caused  by  loading  of  an  initially  deformed  plate.  This  pro¬ 
duces  moment  resultants  due  to  eccentric  loading,  which  results  in  delamina¬ 
tion-propagating  stresses  at  the  boundaries  of  the  original  delaminated  re¬ 
gion.  Eventually,  the  delaminated  region  becomes  unstable  and  thus  cannot 
carry  more  loading.  This  causes  residual  strength  degradation. 

COMPRESSION  COUPONS 

This  paper  discusses  the  compression  coupon  test  data  within  the  frame¬ 
work  of  the  determination  of  its  durability  under  a  service  environment. 

The  coupon  geometries  are  shown  in  Figure  1.  This  figure  also  contains  a 
description  of  the  flaw  types. 

The  selection  criteria  of  the  compression  coupon  stacking  sequences  was 
to  enhance  the  probability  of  delamination-type  flaw  growth.  By  contrast, 
the  earlier  selection  of  tension  coupon  stacking  sequences  was  guided  by  a 
need  to  represent  realistic  design  stacking  sequences.  Since  the  likeli¬ 
hood  of  inducing  delamination  propagation  is  heightened  as  the  elastic  coef¬ 
ficient  A“  increases  while  DV.  decreases,  the  compression  stacking  se¬ 
quences  chosen  were  those  in  which  the  short  transverse  uxisl  stresses  iT • 
are  maximized.  The  selected  stacking  sequences  (those  most  delamination' 
prone)  are: 

Stacking  Sequence  Ply  Orientation 

1  1(90/0/-  45)2)b 

2  I(0z/±4S)2Ja 

Flaw  location,  with  respect  to  layer  number,  was  determined  using  ear¬ 
lier  studies  of  the  effects  of  defects  and  anticipating  the  location  of  the 
highest  likelihood  of  defect  propagation.  These  studies  incorporated  a  fa¬ 
tigue  test  program  in  which  12.7-millimeter-diametor  delaminutions  were 


A) "UNFLAWED" 


B)  TYPE  I  FLAW  -  DELAMINATION 


7.00  +0 


t 

1.75  +0.06 


06 


1.50  +0.03 


C)  TYPE  II  FLAW  -  DELAMINATION 
IN  OFF-AXIS  SPECIMEN 
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0.12  IN. 
TYPICAL 


0)  TYPE  1 1 1  FLAW  - 
PLY  GAPS 


0.12 


1 


TT 


0.12 


;4 

1<Q> 
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E)  TYPE  IV  FLAW  - 

DELAMINATION  IN  TAPERED 
REGION 


Figure*  l  Cutupreaaion  Coupon  Configuration  -  Flaw  Siao  A 
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investigated.  The  analyses  indicated  that  peeling  moments  at  the  edge  of  the 
delamination  became  largest  when  the  flaw  was  between  layers  where  sequence 
repetition  (not  symmetry)  occurred,  usually  at  the  quarter-depth  plane. 
Accordingly,  the  flaw  in  the  compression  coupons  was  between  the  fourth  and 
fifth  ply  in  flaw  types  I  and  II  and  as  close  to  the  fourth  ply  as  possible 
in  flaw  types  III  and  IV.  The  geometry  of  flaw  types  I  and  II  was  designed 
to  represent  the  shape  of  the  most  common  internal  delaminations  and  the 
size  anticipated  for  a  critical  borderline  flaw.  Type  III  flaw  geometry 
resulted  from  extensive  discussions  with  subcontractors,  and  type  IV  flaw 
geometry  represents  a  purposeful  ply  interruption  situation  required  in 
tapered  sections. 

The  real-life  environment  for  the  16-ply  section  would  include  not  only 
the  degrading  effects  of  loading  and  temperature  but  the  absorption  and  de¬ 
sorption  of  water.  In  order  to  simulate  an  environment  for  the  Servicea¬ 
bility  Coupon  Test  Program,  loading  and  temperature  histories  were  defined 
and  applied  to  the  coupons  by  initially  moisturizing  to  a  predetermined 
moisture  content  level.  Although  moisture  content  and  distribution  are 
random  quantities,  the  procedure  described  in  reference  4  was  used  to  make 
testing  feasible. 

The  objective  of  the  flaw  screening  program  was  to  determine  the  criti¬ 
cal  flaw  for  laminates  undergoing  an  R  *=  -1  loading/ temperature/humidity 
spectrum.  Two  types  of  spoctru  were  applied.  The  room  temperature  dry 
(RTD)  spectrum  considers  only  the  effect  of  loading,  while  the  real  tempera- 
ture/wct  (ETW)  spectrum  considers  the  coupled  effects  of  loading,  tempera¬ 
tures,  and  moisture.  In  the  former  case,  the  residual  strength  was  taken  til 
room  temperature;  in  the  latter,  it  was  taken  at  the  expected  failure  temper¬ 
ature  of  260°  F. 

The  scatter  of  test  data  results  was  significant,  but  trends  of  damage 
propagation  are  based  on  these  data.  The  two  most  critical  flaw  types  were 
found  to  be  types  1  and  4,  The  next  estimate  for  the  critical  flaw,  size 
U,  are  shown  in  tho  following: 

Flaw 

Orientation  Flaw  Type  Size 

1,  2  1  5/ lb-inch  dclurainution 

1,  2  4  Drop  -45-degroe  ply  closest  bag  side, 

instead  of  second  one  down 

Uecause  the  test  program  was  not  completed,  a  statistical  analysis  was 
not  conducted.  Instead,  a  presentation  bused  on  the  meun  of  the  test  data 
is  given.  The  presentation  will.  However,  be  related  to  tho  physics  of 
failure.  For  an  "unflawed"  coupon  in  tension,  the  failure  generally 


initiates  at  a  point  of  fiber  breakage;  thus,  the  presence  of  a  small  hole 
(radius  equal  to  fiber  spacing)  does  not  degrade  the  strength.  Two  types  of 
thermal  residual  stresses  are  formed  in  a  laminate  since  it  sets  at  around 
260  F.  The  first  is  formed  to  maintain  compatibility  at  the  fiber/matrix 
interface  in  a  lamina.  This  stress  is  accounted  for  in  unidirectional 
laminate  tests.  The  second  is  to  maintain  compatibility  between  laminae  in 
forming  a  cross-plied  laminate.  In  both  cases,  the  0  -degree  fiber  tends 
to  be  in  compression  at  room  temperature.  These  thermal  residual  stresses 
are  relieved  by  matrix  crazing  and  moisture  absorption.  In  the  presence 
of  a  far-field  tension  loading,  the  90-degree  plies  fail  in  matrix  crazing, 
followed  by  the  +45-degree  plies.  If  unloading  is  not  allowed  to  occur, 
local  load  concentrations  remain  and  through-the-thickness  stress  redistri¬ 
bution  occurs.  If  the  coupon  is  allowed  to  unload,  such  as  in  a  fatigue 
coupon,  the  reduced  stiffness  in  the  region  of  the  flaw  mollifies  the  load 
concentration,  thus  increasing  the  load  capacity  from  that  for  a  monotoni- 
cally  increasing  load.  The  failure  process  for  types  I  and  II  flaws  is  simi¬ 
lar,  except  that  delaraination  growth  occurs  during  compression  loading  since 
the  region  above  the  delamination  is  not  flat  [8].  For  the  type  III  flaw, 
delaminations  in  the  region  of  the  gap  occur  due  to  unloading  of  the  ter¬ 
minated  ply.  Otherwise,  unless  membrane/ flexural  coupling  is  significant, 
the  primary  strength  reduction  is  due  only  to  the  ply  loss.  This  effect  is 
small  for  the  geometry  selected.  For  the  type  IV  flaw,  the  process  is  iden¬ 
tical  to  that  for  types  I  and  II,  flaws  except  that  delamination  growth  is 
enhanced  by  changes  in  curvature  resulting  from  the  nonuniformity  of  the 
taper. 

Table  II  shows  the  moan  of  the  test  data.  The  following  contains  a  list 
of  the  nomenclature. 


N0MENC1.ATURE 


F  «  Unflawed  coupon  strength  at  RTD 
o 

*  Flawed  coupon  strength  at  KTD 

U  1  u 

Kc  “  F,/F 
f  f  o 

“  Coupon  strength  at  designated  temperature  dry 

k'  ■  r V* 

T  f  t 


p“  «•  Coupon  strength  with  designated  moisture  at  room  temperature 

4  ■ 
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Fp  =  Coupon  strength  after  designed  lifetimes  of  a  spectrum  loading 
consistent  with  the  strength  temperature 


NOTE:  As  subscripts  are  added,  coupled  effects  must  be  considered, 
u 

=  Coupon  strength  at  designated  temperature  and  moisture 

FTMF  =  ^ouPon  strength  after  designated  lifetimes  of  a  quasi-real-time 
spectrum  loading  and  at  a  designated  temperature,  etc 

Figures  2  through  11  ahe  plots  of  the  test  data.  The  same  nomenclature 
is  used. 

BASELINE  DATA  -  "NO-FLAW"  COUPONS  (FIGURES  2  AND  3) 


For  the  type  1  [ <90/0/4-45) 2]  laminate,  the  RTD  static  baseline  strength 
was  89.5  ksi.  This  is  108  percent  of  the  design  strength  and  86  percent  of 
the  expected  strength.  The  260  F  dry  value  was  63  percent  of  this  baseline. 
The  room  temperature  and  260  F  wet  values  were  71  and  61  percent,  respective 
ly.  The  residual  strengths  after  two  lifetimes  of  ambient  environment  and 
quasi-real-time  loading  spectra  taken  at  room  temperature  and  260  F, 
respectively,  were  85  and  60  percent  of  this  value,  respectively. 

For  the  type  II  [(0„/+45)2]s  1-aminate>  the  RTD  8tatic  16-ply  baseline 
strength  was  92.6  ksi.  This  wasSlow  due  to  some  bending  in  the  coupons  even 
though  they  were  supported  on  all  four  edges.  The  260  F  wet  static  strength 
was  85  percent  of  this  baseline  value.  The  residual  strengths  after  two 
lifetimes  of  ambient  environment  and  quasi-real-time  loading  spectra  taken 
at  room  temperature  and  260°  F,  respectively,  were  85  and  62  percent  of 
this  basepoint  value,  respectively. 

TYPE  I  FLAW  -  DELAMINATION  (FIGURES  4  AND  5) 

The  type  I  flaw  is  a  delamination.  This  was  a  potential  critical  flaw. 
Two  sizes  were  tested;  namely,  3/8  and  5/16  inch.  No  critical  flaw  size  was 
found  because  the  5/16-inch  delamination  data  unexpectedly  were  smaller  than 
the  3/8-inch  data.  The  eason  for  this  is  probably  material  property  varia¬ 
tion,  although  there  is  the  possibility  that  the  increased  curvatures  re¬ 
sulting  from  the  formation  of  the  fabricated  dolaminations  could  have  con¬ 
tributed. 
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Figure  4  Compression  Coupon  Test  Data  -  Stress  Ratio  Versus  Delamination 
Size,  Temperature,  and  Lifetimes  (Laminate  Type  l.  Flaw  Type  1) 
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Figure  $  Compression  Coupon  Test  Data  -  Stress  Ratio  Versus  Delaminat ion 
Size,  Temperature,  and  Lifetimes  (Laminate  Type  2,  Flaw  Type  l) 
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igure  6  Compression  Coupon  Test  Data  -  Stress  Ratio  Versus  Temperature 
and  Lifetime  (Laminate  Type  1,  Flaw  Type  II) 
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Figure  7  Compression  Coupon  Test  Data  -  Stress  Ratio  Versus  Temperature 
and  Lifetimes  (Laminate  Type  2,  Flaw  Type  11) 
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Figure  8  Compression  Coupon  Test  Data  -  Stress'  Ratio  Versus  Temperature 
and  Lifetimes  (Laminate  Type  1,  Flaw  Type  III) 


Figure  9  Compression  Coupon  Test  Data  -  Stress  Ratio  Versus  Temperature 
and  Lifetimes  (Laminate  Type  2,  Flaw  Type  111) 
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Figure  11  Compression  Coupon  Tost  Data  -  Stress  Hallo  Versus  Taper  Type 
Temperature,  and  Lifetimes  (Laminate  Type  2,  Flaw  Type  IV) 
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For  the  type  I  laminate,  the  RTD  static  strengths  for  the  3/8-  and  5/16- 
inch  delaminations  were  68.1  and  50.3  ksi.  These  values  are  used  as  the 
basepoints  for  the  fatigue  tests  and  were  76  and  56  percent  of  the  baseline 
values,  respectively.  The  260°  F  wet  tests  were  83  and  90  percent  of  the 
basepoint  values,  respectively. 

The  ambient  environment  residual  strength  tests  after  two  lifetimes  of 
an  ambient  environment  spectrum  loading  were  93  and  107  percent  of  the 
basepoints,  respectively.  The  260°  F  residual  strength  tests  after  two  life¬ 
times  of  a  quasi-real-time  spectrum  loading  were  69  and  73  percent  of  the 
basepoints,  respectively. 

For  the  type  II  laminate,  the  RTD  basepoint  static  tests  were  79.1  and 
75.2  ksi,  which  are  85  and  81  percent  of  the  respective  baselines.  The 
260  F  wet  tests  were  82  and  78  percent  of  the  basepoints,  respectively. 

The  ambient  environment  residual  strength  tests  for  the  3/8-inch  delamina¬ 
tion  after  one  and  two  lifetimes  of  an  ambient  environment  spectrum  loading 
were  91  and  95  percent  of  the  basepoints,  respectively.  For  the  5/16-inch 
delamination  after  two  lifetimes,  the  tests  were  106  percent  of  the  base- 
point  value.  The  260  F  residual  strength  tests  after  two  lifetimes  of  a 
quasi-real-time  spectrum  loading  were  77  and  86  percent  of  the  basepoints, 
respectively. 

TYPE  II  FLAW  -  DELAMINATIQN  UNDER  COMBINED  LOAD  (FIGURES  6  AND  7) 

The  type  II  flaw  is  a  3/8-inch  delamination  in  a  coupon  whose  laminate 
reference  axis  is  oriented  22,5  degrees  to  the  coupon  centerline.  This  was 
done  to  simulate  a  combined  load  condition.  The  ambient  temperature  dry 
static  strength  for  types  I  and  II  laminates  was  63.8  and  68,6  ksi,  respec¬ 
tively.  This  was  71  and  74  percent  of  the  unflawed  specimen  baseline 
values.  The  260  F  wet  tests  were  71  and  64  percent  of  the  RTD  basepoint 
values,  respectively. 

TYPE  III  FLAW  -  PLY  GAP  (FIGURES  8  AND  9) 

The  type  III  flaw,  a  set  of  1/8-inch-ply  gaps,  had  RTD  static  strengths 
of  70,2  and  83.2  ksi  for  types  I  and  II  laminates,  respectively.  They  served 
as  basepoint  values  for  tiro  fatigue  tests  and  are  78  and  90  percent  of  the 
unflawed  coupon  baseline  strengths,  respectively.  The  260°  F  wet  tests  were 
69  and  61  percent  of  the  basepoint  values,  respectively.  The  room  tempera¬ 
ture  residual  strength  tests  after  two  lifetimes  of  an  ambient  environment 
spectrum  loading  were  both  98  percent  of  the  basepoint  values,  respectively. 
The  260°  F  residual  strength  tests  for  the  type  I  laminates  after  1-1/2  und 
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two  lifetimes  of  a  quasi-real-time  spectrum  loading  were  68  and  77  percent 
of  the  basepoint  values,  respectively;  while  for  the  type  II  laminates, 
the  tests  were  83  and  90  percent. 

TYPE  IV  FLAW  -  DELAMINATION  IN  TAPERED  REGION  (FIGURE  10  AND  11) 

The  type  IV  flaw  is  a  delamination  in  the  tapered  region  of  a  tapered 
laminate  coupon.  This  was  the  second  potential  critical  flaw  candidate. 

The  two  flaw  sizes  were  actually  not  size  differences  but  rather 
delamination/ply-drop  location  differences.  The  size  B  flaw  comprises 
regions  of  1/8-inch  delaminations  in  regions  of  taper  where  the  taper  is 
formed  by  two  dropped  consecutive  plies  1-inch  apart.  The  size  A  flaw  on 
the  other  hand  dropped  plies  which  were  three  layers  apart.  The  size  B 
flaw  comes  very  close  to  satisfying  the  requirements  for  a  critical  flaw, 
as  can  be  seen  from  the  following  analyses.  One  minor  reservation  for  the 
test  coupon  configuration  is  that  the  delamination  traverses  the  width 
of  the  coupon,  thus  the  local  instability  failure  mode  is  a  column-type 
rather  than  a  plate-type.  However,  because  most  of  the  peel  stresses 
result  from  the  curvature  in  the  region  above  the  delamination,  the  results 
should  be  representative. 

The  RTD  static  strengths  for  the  type  I  laminate  and  sizes  A  and  B  flaws 
were  64.5  and  84,7  ksi,  respectively.  They  are  72  and  95  percent  of  the 
baseline  unflawed  specimen  RTD  static  strengths,  respectively,  and  serve  as 
basepoints  for  the  remaining  tests.  The  260  F  wet  tests  were  74  and  48 
percent  of  the  basepoint  values,  respectively.  The  room  temperature  resid¬ 
ual  strengths  after  two  lifetimes  of  an  ambient  environment  loading  spectrum 
were  93  and  88  percent  of  the  basepoint  values,  while  the  260  F  residual 
strength  test  results  after  one-half  and  two  lifetimes  of  quasi-real-tlme 
spectrum  loading  were  78  and  39  percent  of  the  basepoint  values,  respec¬ 
tively.  An  interesting  point  is  that  the  260  F  residual  strength  test 
for  the  size  B  delamination  was  33.3  ksi,  which  is  143  percent  of  the  max¬ 
imum  spectrum  load. 

For  the  type  II  laminate,  the  RTD  static  strength  for  the  size  A  and 
B  flaws  were  66.4  and  74.6  ksi,  respectively.  These  are  72  and  81  porcent 
of  the  baseline  values,  respectively.  The  260  F  wet  tests  were  79  and  61 
percent  of  the  basepoint  vuluos.  The  room  temperature  residual  strength 
tests  for  the  flaws  after  one  and  two  lifetimes  of  an  ambient  environment 
loading  spectrum  were  98  and  97  percent  of  the  basepoint  values,  rcspectivcl) 
For  the  size  B  flaw  after  two  lifetimes,  the  tests  wore  106  percent  of  the 
basepoint  value.  The  260  F  tests  after  one-half  and  two  lifetimes  of  a 
quasi-real-time  spectrum  loading  were  74  and  48  percent,  respectively.  For 
the  size  B  flaw,  this  was  35,4  ksi  or  109  percent  of  the  maximum  spectrum 
load.  Of  the  three  fatigue  tests  of  this  type,  all  survived,  and  the  results 
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ranged  from  99  to  115  percent  of  the  maximum  spectrum  loadings.  Were  more 
specimens  tested,  these  results  would  have  substantiated  a  critical  flaw 
size.  Because  an  analytic  stress  distribution  technique  for  this  flaw  type 
was  not  developed,  however,  extrapolation  to  other  laminate  configurations 
cannot  be  made  yet. 

CONCLUSIONS 

The  durability  of  advanced  composite  structures  designed  to  encounter 
large  compression  loads  must  be  considered.  The  results  herein  showed  that 
one  means  of  strength  degradation  is  the  loss  of  strength  in  portions  of  a 
laminate  due  to  local  instability  failures  such  as  occur  in  regions  adja¬ 
cent  to  a  delamination.  This  can  be  minimized  by  proper  design  considera¬ 
tions  pertaining  to  the  selection  of  the  stacking  sequence.  The  occurrence 
of  delaminations  in  tapered  laminate  regions  appears  to  be  one  of  the  most 
critical  flaws  because  the  delamination  growth  mechanism  is  enhanced  by  the 
presence  of  changes  of  curvature. 

The  statistical  aspects  of  the  test  program;  i.e.,  relationship  between 
duration  of  spectrum  loading  and  flaw  growth,  were  not  carried  out  because 
these  tests  were  not  conducted.  Future  completion  of  this  task  would  lend 
credence  to  a  tractable  failure  model  for  durability  of  the  advanced  composite 
structures  containing  delaminations  or  matrix  crazed  under  a  service  (mois¬ 
ture/  temperature/loading)  spectrum. 
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ABSTRACT 

The  USSR  model  for  determining  the  shaped-charge  jet  velocity  is  dis¬ 
cussed  along  with  the  USSR  criterion  for  coherent  jet  formation.  The  USSR 
model  for  shaped-charge  jet  formation  differs  from  the  US  models  in  that  a 
visco-plastic  behavior,  i.e.,  a  strain  rate  dependence,  is  postulated  for 
the  explosively  driven  shaped-charge  liner.  Thus,  a  viscous  dissipation 
term  is  employed  to  retard  the  shaped-charge  jet  formation  and  to  establish 
a  critical  liner  flow  velocity  and  Reynolds  number  for  jet  formation.  De¬ 
tailed  comparisons  are  made  between  the  US  and  USSR  models  for  both  steady 
state  and  transient  collapse  processes.  Both  models  are  compared  with  US 
experimental  data.  A  survey  of  the  USSR  open  literature  on  shaped-charge 
and  wedge  collapse  and  formation  is  presented. 

INTRODUCTION 

Numerous  open  literature  publications  have  originated  in  the  USSR  re¬ 
lated  to  the  collapse  and  formation  of  high  explosive  charges  containing 
cavities  with  metal  liners,  i.e.,  shaped  charge  devices.  The  USSR  models 
[1-7]  are  analogous  to  those  employed  by  the  Ballistic  Research  Laboratory 
(BRL)  [8-11],  but  the  USSR  has  extended  their  models  to  include  the  impact 
of  asymmetric  plates  [3]  and  visco-plastic  material  behavior  [2,3].  The 
basic  BRL  models  employ  a  one-dimensional,  incompressible,  inviscid  flow 
model  for  the  shaped-charge  or  wedge  collapse  process  based  on  principles 
formulated  by  Birkhoff,  et  al.  [8],  Pugh,  et  al.  [9]  and  Defourneaux  [10]. 
These  results  [8-10]  were  incorporated  into  a  computer  code  by  Harrison, 
et  al.  [11]  where  transient  effects,  i.e.,  the  collapse  velocity  variation 
for  each  liner  element  [9],  and  the  acceleration  of  each  liner  element  to 
the  axis-of-synmetry,  were  included. 

The  USSR  models  are  based  on  the  formulation  of  Birkhoff,  et  al.  [8]  or 
Lavrent'ev  [1]  and  extended  to  Include  visco-plastic  effects  by  Godunov  [2]. 

A  detailed  derivation  and  discussion  of  the  USSR  model  is  given  by  Walters 
[12].  This  model  does  not  include  transient  effects.  Typically,  in  the 
axisymmetric  hydrocode  models  used  at  the  BRL,  compressible  flow  is  assumed 
and  the  material  constitutive  relationships  are  based  on  elastic-perfectly 
plastic  or  work  hardening  models.  The  USSR  models  typically  assume  an 
incompressible  flow,  but  use  a  rate -dependent,  visco-plastic  material 
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constituitive  equation  [2,3,12]. 

Thus,  the  USSR  visco-plastic  models  require  a  knowledge  of  the  dynamic 
viscosity  coefficient  and  many  USSR  investigators  have  deduced  viscosity 
coefficients  from  experimental  measurements  under  shock  loading  conditions. 
Walters  [12]  summarizes  many  of  the  USSR  experimentally  deduced  viscosity 
values.  Additional  data  related  to  viscosity  measurements  and  the  collapse 
of  metallic  bodies  by  high  explosives  are  given  by  [13-36].  Material  vis¬ 
cosity  values  have  also  been  experimentally  determined  in  the  US  [12,37] 
under  shock  loading  conditions.  The  viscosity  values  deduced  from  various 
experimental  measurements  depend  on  many  parameters,  primarily  strain  rate, 
pressure,  and  temperature.  However,  the  US  measured  viscosity  values  under 
shock  loading  conditions  are  typically  two  orders-of-magnitude  lower  than 
the  viscosity  values  measured  in  the  USSR  [12-37]. 

The  USSR  shaped-charge  liner  collapse  model,  due  to  the  incompressible 
but  viscid  flow  assumption,  establishes  a  critical  Reynolds  number,  and 
analogously  a  critical  flow  velocity,  to  determine  a  jet-no  jet  criterion 
[2,3].  In  the  US  models,  the  criterion  used  for  predicting  a  jet-no  jet 
or  coherent  jet  condition  is  based  on  the  analysis  of  Chou,  et  al .  [40], 
where  a  subsonic  flow  condition  is  required  for  the  formation  of  a  coherent 
jet.  Reliable  models  of  the  shaped-charge  liner  collapse  and  accurate 
criteria  to  predict  the  transition  from  the  jet  regime  to  a  jetless  regime 
would  be  a  valuable  aid  to  the  shaped-charge  designer.  Thus,  detailed  com¬ 
parisons  between  the  BRL  and  USSR  collapse  models  are  warranted. 

ANALYSIS 


The  USSR  shaped-charge  jet  collapse  model  derived  by  Godunov  [2]  relaxes 
to  the  classical  US  model  [8-10]  when  the  dynamic  viscosity  is  zero.  Basi¬ 
cally,  the  USSR  model  yields  a  lower  jet  velocity  and  a  lower  flow  velocity 
than  the  US  models.  However,  the  USSR  predicts  a  higher  slug  velocity  than 
the  US  models. 


The  USSR  criterion  to  form  a  coherent  jet  is  that  the  Reynolds  number, 


Re  “ 


tusjn?B 
v  (1-sin?) 


(1) 


be  greater  than  two.  The  wall  thickness  is  denoted  by  t,  v  is  the  kinematic 
viscosity,  2o  is  the  collision  angle,  and  u  is  the  inviscid  flow  velocity  as 
given  by  Oefourneaux  [10],  for  example.  The  Reynolds  number  greater  than 
two  criterion  is  based  on  experimental  observations  [2,12],  Detailed  USSR 
formulae  for  the  jet  strain  rate,  jet  velocity,  viscid  flow  velocity,  and 
slug  velocity,  are  given  in  [2,12].  Also,  by  setting  Re*2  in  Equation  (1), 
an  expression  for  the  critical  flow  velocity  as  a  function  of  ft,  t  and  v 
can  be  obtained.  If  the  critical  flow  velocity  is  greater  than  the  flow 
velocity,  a  coherent  jet  will  not  form.  Simonov  [6]  and  others  [14-17,  19, 
21-23,  25,  26,  29,  30,  33,  34]  define  collapse  angles  for  the  transition 
from  the  jet  regime  to  the  jetless  regime  for  explosive  bonding  applications. 
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These  USSR  investigators  define  collapse  angles  below  which  only  incoherent 
jets  will  form  and  collapse  angles  below  which  no  jet  at  all  will  form. 

Walsh,  et  al.  [38]  served  as  the  basis  for  many  of  the  USSR  studies. 

For  both  the  BRL  and  USSR  models,  plane  wave  detonation  was  assumed 
although  spherical  detonation  waves  were  studied  to  determine  the  influence 
of  the  wave  shap^  on  the  shaped-charge  jet  collapse.  Also,  transient  flow 
was  assumed  in  both  models  based  on  the  analyses  of  [10,  11]  even  though 
the  basic  USSR  model  assumes  steady  flow  [2].  Transient  calculations  provide 
more  realistic  collision  angle  calculations.  The  overall  validity  of  the 
model  is  not  the  issue  of  this  report,  only  the  relative  comparison  between 
the  BRL  model  and  the  USSR  model . 

For  the  transient  flow  case, 
by 


where  is  the  speed  of  the  detonation  wave,  2a  is  the  conical  liner  apex 

angle  and  0  is  the  plate  bending  angle.  Equation  (2)  is  used  in  both  the 
US  and  USSR  models.  Its  derivation  is  given  in  [8-10].  The  inviscid  flow 
velocity  is  given  by 

U  8  0a 

a 

in  the  US  model  [8-11].  The  viscid  flow  velocity  is 

U2  “  U  (1  -  2/Re)1*  (4) 

in  the  USSR  model  [2]  for  Re>2.  Also,  U2  8  U  when  the  dynamic  viscosity 
is  aero. 

In  the  US  model,  the  jet  velocity  and  slug  velocity  are,  respectively, 

Vj  8  Vc  ♦  U,  (5) 

and 

Vs  =  Vc  -  U.  (6) 


s in(a+d )-sina 
sTne  “ 


(3) 


the  stagnation  point  velocity  (Vr)  is  given 

sin(8-a)-sln(B-«-ri) 

sins  v  1 
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In  the  USSR  model,  the  jet  and  slug  velocities  are 


V.  =  V  +  U2, 

J  c  2 

(7) 

and 

V  =  V  -  U2. 
s  c  z 

(8) 

For  a  steady  state  collapse,  analogous  formulae  are  available  [2,  8-10]. 
RESULTS 


Steady  state  collapse  models  such  as  [1,  8-10]  are  conceptually  simple, 
but  typically  overestimate  the  jet-tip  velocity.  For  example,  Figures  1  and 
2  present  the  jet  velocity  distribution  along  the  shaped  charge  liner  axis- 
of-symmetry  normalized  by  the  liner  altitude  (Z/H),  for'  steady  state  and 
transient  flow,  respectively.  The  resultant  jet-tip  velocities  are  recorded 
in  Table  I.  This  steady  flow- transient  flow  comparison  is  given  for  the 
BRL  105mm  charge  which  consists  of  a  copper  conical  liner  with  a  42°  apex 
angle,  a  86.4mn  cone  diameter  and  a  wall  thickness  of  2.69mm.  In  Figure  2, 
the  experimental  data  obtained  by  Allison  and  Vitali  [42]  are  also  plotted. 
Both  the  US  and  USSR  transient  models  exhibit  the  same  amount  of  agreement 
with  the  experimental  data.  Note  that  the  USSR  steady  state  jet-tip  velocity 
closely  approximates  the  BRL  transient  jet-tip  velocity  and  the  BRL  steady 
state  model  overestimates  the  experimental  jet- tip  velocity.  The  experimen¬ 
tal  jet-tip  velocity  is  associated  with  the  liner  and  not  with  a  specific 
shape  of  the  detonation  wave. 


The  USSR  model  reduces  to  the  BRL  model  for  low  values  of  the  dynamic 
viscosity,  i.e.,  when  US  measured  values  [37]  of  the  dynamic  viscosity  are 
used  in  the  USSR  model,  the  two  models  are  indistinguishable.  Also,  for 
wide  angle  conical  liners,  or  when  the  collapse  angle  is  large,  the  BRL  and 
USSR  models  yield  approximately  the  same  results  for  either  the  USSR  or  US 
viscosity  values.  In  order  to  amplify  the  difference  between  the  BRL  and 
USSR  collapse  models,  the  dynamic  viscosity  was  taken  to  be  104Pa-s,  which 
is  somewhat  higher  than  the  quoted  USSR  values  for  copper  [2,  12]  and  two 
orders-of -magnitude  higher  than  the  US  measured  values  [37].  This  value  of 
the  viscosity  (10':Pa-s)  was  fixed  in  all  test  cases  even  though  the  viscosity 
is  dependent  upon  the  strain  rate,  detonation  velocity,  etc. 


Figure  3  shows  the  jet  velocity  distribution  for  the  BRL  81mm  -  liner 
diameter  precision  shaped  charge.  The  liner  was  fabricated  from  copper,  the 
high  explosive  was  Composition  B,  the  liner  wall  thickness  was  1.9mm  and  the 
liner  apex  angle  was  42°  [43,47].  The  jet-tip  velocities  are  listed  in 
Table  I.  The  measured  slug  velocity  was  0.61  km/s  [47].  The  BRL  and  USSR 
models  predicted  0.53  and  0,93  km/s,  respectively.  The  USSR  model  predicts 
a  high  slug  velocity  since  the  sum  of  equations  (5)  and  (6)  or  (7)  and  (8) 

y1eld  vj  +  vs  a  2Vc‘  (9) 
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Table  I  Jet-Tip  Velocities  for  Several  Shaped-Charge  Liner  Designs 


Liner 

Description 

Cone  Apex 
Angle 
(Degrees) 

Wall 

Thickness 

(mm) 

Detonation 

Velocity  JET-TIP  VELOCITIES  (km/s) 

(km/s)  BRL/USSR/Experimental 

! 

BRL-105mm 

Charge 

42 

2.69 

0.8,  plane 
wave,  steady 

7.605/7.18/7.01 

BRL- 105mm 
Charge 

42 

2.69 

0.8,  plane 
wave,  transient 

7.23/6.87/7.01 

1 

| 

BRL-105mm 

Charge 

42 

2.69 

0.8,  spherical 
wave,  transient 

6.95/6.58/7.01 

BRL-81mm 

Precision 

Charge 

42 

1.9 

0.8,  plane 
wave,  transient 

8. 02/7. 62/7.62+. 2 

BRL-81 mm 

Precision 

Charge 

42 

1.9 

0.8,  spherical 
wave,  transient 

7.8/7.39/7.62+.2 

Parametric 

Study 

42 

1.0 

0.8,  plane 
wave,  transient 

9.58/9.14/-— 

.. 

Parametric 

Study 

42 

4.0 

0.8,  plane 
wave,  transient 

5.95/5.62/ - 

* 

Parametric 

Study 

42 

2.69 

0.6,  plane 
wave,  transient 

5.62/5.28/ - 

Parametric 

Study 

42 

2.69 

0.4,  plane 
wave,  transient 

3.92/3.60/ - 

Parametric 

Study 

14 

2.69 

0.8,  plane 
wave,  transient 

11.01/9.23/— 

\ 

i 

Parametric 

Study 

120 

2.69 

0.8,  plane 
wave,  transient 

3.985/3.891/— 

i 

1 

BRL  Small 
Caliber 
Charge  [48] 

20 

1.17 

0.8,  plane 

wave,  transient  10.43/8.03/9.9 

'i 

1 

1 

24$ 

I 

! 

i 

!*•/  •  v,: 

"■  .•/  . 

and  Vc  is  the  same  for  both  the  US  and  USSR  models.  Thus,  since  the  USSR 
value  of  V.  is  lower  than  the  US  value,  the  USSR  value  of  V  must  be  higher 

J  ^ 

than  the  US  value.  In  other  words,  the  sum  of  the  US  jet  and  slug  velocities 
are  equal  to  the  sum  of  the  USSR  jet  and  slug  velocities. 

Also,  the  strain  rates  calculated  by  the  USSR  models  [2]  are  of  the  order 
of  106/s  and  show  little  variation  with  liner  element  position.  Carleone, 
et  al.  [41,  44]  calculated  strain  rates  for  the  81mm-diameter  precision 
charge  and  found  a  larger  variation  of  strain  rate  with  liner  element  posi¬ 
tion  including  liner  elements  in  both  compression  and  tension.  The  peak 
strain  rate  was  105/s.  Experimental  measurements  of  the  strain  rate  of 
collapsing  liners  are  not  available,  but  Bauer  and  Bless  [45]  measured  the 
strain  rate  of  exploding  copper  tubes  to  be  about  104/s  and  Walters  [46] 
deduced  the  strain  rates  of  stretching  jets  to  be  of  the  order  of  104/s. 


Next,  parametric  studies  were  performed  on  the  BRL  105mm-charge  [42]. 

The  liner  apex  angle,  the  liner  wall  thickness,  and  the  high  explosive 
detonation  velocity  were  all  varied  independently.  The  jet-tip  velocities 
are  listed  in  Table  I.  Space  limitations  prohibit  inclusion  of  the  plots 
of  the  jet  and  flow  velocities.  However,  the  parametric  studies  indicated 
that  some  of  the  liner  designs  considered  may  fail  to  form  coherent  jets, 
i . e . ,  in  the  BRL  model  by  a  supersonic  flow  velocity,  or  in  the  USSR  model 
by  a  Reynolds  number  less  than  two  (as  indicated  by  the  absence  of  plotted 
data).  In  order  to  investigate  the  validity  of  any  semi -empirical  coherent 
jet  formation  criterion,  an  actual  jet  which  was  shown  experimentally  to 
have  an  incoherent  tip  was  analyzed.  Figure  4  presents  this  analysis  for 
a  copper  cone  with  a  20°  apex  angle,  a  38.1mm  liner  diameter  with  a  1.17mm 
wall  thickness  and  heavily  confined  in  a  steel  body  [48].  Both  the  USSR 
and  the  US  models  indicate  a  region  of  what  could  be  incoherent  jet  forma¬ 
tion.  The  USSR  model  predicts  a  Reynolds  number  less  than  two  for  the 
initial  jet  elements,  Z/H  from  0  to  0,07.  The  BRL  flow  velocity  is  super¬ 
sonic  over  the  central  range  of  the  liner,  Z/H  from  0.03  to  0.7.  In  the 
BRL  model,  the  initial  liner  elements  (near  the  apex)  proceed  along  the 
axis  with  a  subsonic  flow  velocity.  Liner  elements  formed  later  have  a 
higher  velocity  (supersonic)  and  compress  the  slower,  preceding  elements 
forming  a  bifurcated,  or  nearly  incoherent,  jet  tip.  The  USSR  model 
indicates  that  the  Initial  liner  elements  will  not  produce  a  coherent  jet 
and  the  inverse  velocity  gradient  is  smaller,  and  always  subsonic.  The 
BRL  model  is  in  closer  agreement  with  the  experimental  jet-tip  velocity  than 
the  USSR  model  and  for  this  reason,  is  deemed  to  be  more  accurate.  Note  that 
a  firm  criterion  to  predict  the  transition  from  a  jet  to  jetless  regime  does 
not  exist.  Hence,  both  the  simple  US  and  USSR  models  use  semi -empirical 
criteria  to  predict  this  transition. 

For  all  the  liner  designs  considered  in  this  study,  neither  the  BRL  nor 
the  USSR  model  appears  to  yield  a  consistently  accurate  criterion  for  the 
transition  from  a  jet  regime  to  a  jetless  regime.  However,  a  critical 
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collision  angle  (6)  may  be  calculated  from  Equation  (1)  by  setting  the 
Reynolds  number  equal  to  two  and  calculating  the  critical  3.  Any  3  greater 
than  this  critical  6  will  imply  a  jet  regime.  To  investigate  any  coincidence 
between  a  Reynolds  number  equal  to  two  and  a  sonic  flow  velocity,  Equation 

(I)  can  be  solved  for  a  Reynolds  number  of  two  and  u  equal  to  the  liner 
material  bulk  speed  of  sound  (c).  The  collision  angles  calculated  as  out¬ 
lined  above  are  given  in  Table  II  along  with  the  code  calculated  collision 
angles  corresponding  to  flow  velocities  near  3.9km/s  (the  speed  of  sound  of 
copper),  4. 8km/s  (1.23  times  the  speed  of  sound  of  copper),  and  a  Reynolds 
number  of  two.  A  flow  velocity  of  4.8km/sec  is  the  calculated  flow  velocity 
above  which  20°  copper  liners  have  been  observed  to  have  incoherent  jet  tips 

[II] .  The  criteria  for  coherent  jet  formation  based  on  a  Reynolds  number 
of  two,  or  a  flow  velocity  of  1.23  times  the  speed  of  sound  of  the  liner 
material  are  both  based  on  experimental  observations. 

Table  II  Comparison  of  Critical  Collision  Angles  for  Transition 
Into  a  Jetless  Regime  With  Calculated  Collision  Angles 
Based  on  a  Flow  Velocity  of  3.9km/s,  4.8Km/s,  and  a 
Reynolds  Number  of  2 


3  Critical 

Computer  Results 

Shaped-Charge 

3  Critical 

For  Re=2 
and  u=3.9 
km/s 

Reynolds  Flow  Veloc- 

3 

Liner 

For  Re=2* 

Number  it.y  (km/s) 

(degrees 

14°  apex  angle, 

22.1 

21.6 

1.55 

3.8 

19.6 

2.69mm  wall 

2.0 

4.42 

21.2 

2.75 

4.8 

22.5 

42°  apex  angle, 
1mm  wall 

37.7 

31.6 

9 

3.9 

49.5 

20°  apex  angle, 

35.5 

29.8 

1.47 

3.86 

26.5 

1.17mm  wall 

2.09 

4.48 

28.6 

2.54 

4.83 

29.9 

♦Assume  the  plate  bending  angle  [10]  to  be  10°. 


From  Table  II,  the  14°  apex  angle  liner  would  probably  not  jet  completely 
since  the  calculated  3  values  are  less  than,  or  nearly  equal  to,  the 
critical  e  values.  The  42°  apex  angle  liner  should  jet  coherently  since 
the  calculated  a  is  well  above  the  critical  3  value.  The  20w  apex  angle 
liner  should  not  jet  completely.  It  Is  noteworthy  that  the  3  value 
occurring  at  a  Reynolds  number  of  two  is  always  within  a  few  degrees  of  the 
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8  value  at  a  flow  velocity  of  4.8km/s.  The  calculated  flow  velocity 
depends  on  the  plate  being  angle  (0)  which  was  assumed  to  be  10°.  Of  course, 
this  angle  is  not  constant,  and  increasing  0  will  decrease  8.  Also,  a 
critical  Reynolds  number  of  two  is  not  a  firm  criterion  and  may  in  fact 
be  higher,  as  discussed  by  Mali,  et  al.  [39]. 

Thus,  the  critical  collision  angles  for  Re=2  and  u=c  appear  to  represent 
approximate  values  of  the  collision  angle  which  must  be  exceeded  to  remain 
in  the  jet  regime.  Within  the  limited  amount  of  experimental  data 
available,  this  value  would  appear  to  be  accurate  to  within  a  few  degrees. 
However,  since  the  8  versus  Z/H  curve  can  exhibit  a  plateau  for  liner 
elements  associated  with  the  central  region  of  the  liner,  a  error  in  8  of 
over  a  few  degrees  could  be  critical  in  determining  the  correct  transition 
from  a  jet  regime  to  a  jetless  regime. 


CONCLUSIONS 


The  BRL  and  USSR  models  both  provide  a  satisfactory  prediction  of  the 
shaped-charge  jet  velocity  distributions.  Agreement  between  the  USSR 
steady  state  visco-plastic  model  and  the  BRL  transient  flow  model  is  good. 
The  USSR  visco-plastic  model,  modified  to  include  transient  effects, 
predicts  lower  jet  and  flow  velocities  than  the  BRL  model.  For  large 
values  of  the  collision  angle,  such  as  experienced  with  wide  angle  cones, 
the  USSR  models  (transient  or  steady)  agree  closely  with  the  BRL  model. 
Also,  US  determined  viscosity  values  (up  to  two  orders-of-magnitude 
lower  than  the  USSR  measured  values)  when  used  with  the  USSR  shaped-charge 
jet  collapse  model  cause  the  USSR  models  to  agree  closely  with  the  BRL 
model.  In  fact,  the  models  coincide  for  a  zero  value  of  the  viscosity 
coefficient.  The  trends  exhibited  by  the  USSR  and  BRL  models  coincide. 

The  jet-tip  velocity  increases  as  the  high  explosive  detonation  velocity 
increases,  or  as  the  conical  apex  angle  decreases,  or  as  the  wall  thickness 
decreases. 

Both  the  BRL  and  the  USSR  models  appear  to  have  the  same  capability 
and  suffer  the  same  limitations.  Neither  model  is  capable  of  providing 
a  universal  criterion  regarding  the  transition  between  the  jet  regime 
and  the  jetless  (i.e.»  Incoherent  jet)  regime. 

However,  the  BRL  has  observed  that  the  maximum  obtainable  jet  velocity 
for  a  copper  conical  liner  corresponds  to  a  calculated  flow  velocity  of 
about  4.8km/sec,  where  the  maximum  jet  velocity  is  defined  as  the  velocity 
just  before  a  bifurcation  or  incoherency  of  the  jet  tip  occurs  [11].  The  8 
corresponding  to  a  flow  velocity  of  4.8km/s  is  nearly  the  same  as  the  0  for 
Re°2  in  the  USSR  model.  Only  further  experimental  studies  involving  inco¬ 
herent  (or  bifurcated)  shaped-charge  jets  will  clarify  this  point. 
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ABSTRACT 


This  paper  presents  a  numerical  investigation  of  the  effect  of  case  material 
on  fragment  velocity  from  explosively  filled  bombs.  Fragment  velocities  are 
found  to  be  sensitive  to  the  properties  of  the  explosive,  the  case  density,  and 
the  thickness  of  the  case.  The  fragment  velocities  are  shown  to  be  insensitve 
to  the  elastic  modulus,  Poisson's  ratio,  strength  coefficient,  and  work  harden¬ 
ing  index  of  the  case,  and  are  also  only  weakly  related  to  fracture  radius. 

The  four  theories  studied  predict  about  the  same  fragment  velocities. 

NOMENCLATURE 

G  Explosive  mass 

d0  Initial  wall  thickness 

S i  Elastic  modulus 

Plastic  modulus 

G  Gurney  energy  of  explosive 

K  Strength  coefficient 

k  Fracture  constant 

M  Metal  mass 

n  Strain  hardening  mass 

p  Elusive  pressure 

is  0,  a  Cylindrical  coordinates 

i»o  Radius  of  case  element 

t  Time 

t#a  Radial  velocity  of  c*se  element 

y  Gas  expansion  coefficient 

c  Strain 

v  Poisson's  ratio 

p  Density 

q  Stress 

$  Energy  ratio  parameter 
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INTRODUCTION 


Analyses  of  fragment  velocities  from  explosively  filled  bombs  have  devel¬ 
oped  based  on  improved  case  fracture  characterizations.  An  early  analysis  by 
Gurney  [1]  assumed  the  case  has  zero  strength.  The  Gurney  equation  for  fragment 
velocity  from  tubular  bombs  uses  only  two  parameters:  the  ratio  of  case  metal 
mass  to  total  explosive  mass,  M/C',  and  the  Gurney  energy  for  the  explosive,  c. 
The  designer  using  Gurney's  equation  with  any  specified  explosive  would  be  con¬ 
cerned  only  with  the  density,  inner  radius,  and  thickness  of  the  case.  The 
Gurney  equation,  v/ZZg  -  1 //(M/c)  +  .5,  does  not  depend  on  other  material  param¬ 
eters  that  characterize  the  stiffness  or  strength  of  the  case. 

Models  describing  bomb  dynamics  which  include  material  properties  of  the 
case  have  been  successively  devised  by  Taylor  [2],  Hoggatt  and  Recht  [3],  and 
Al-Hassani  and  Johnson  [4].  Each  study  extended  the  previous  work  that  began 
with  Gurney.  Hoggatt  and  Recht  provided  a  useful  method  for  predicting  the 
minimum  breakup  radius  based  on  the  assumption  that  fracture  of  the  case  occurs 
along  planes  of  maximum  shear  stress.  Al-Hassani  and  Johnson  provided  detailed 
insight  into  the  effect  of  material  properties  on  bomb  dynamics  and,  in  particu¬ 
lar,  derived  an  equation  for  calculating  the  wall  acceleration.  The  present 
investigation  uses  these  theories  of  bomb  dynamics  to  study  the  effect  of 
commonly  recognized  material  properties  on  fragment  velocity. 

To  study  the  effects  of  case  material  parameters  on  the  fragment  velocities, 
mathematical  models  are  developed  for  the  case  material,  the  explosive  pressure, 
the  wall  dynamics,  and  the  case  failure.  These  models  incorporate  the  following 
assumptions:  The  case  is  an  elastic-plastic  material;  the  detonation  gas  prod¬ 
ucts  expand  isentropically;  the  case  expansion  is  in  plane  strain;  the  case 
failure  is  a  function  of  the  stress  state;  and  case  failure  terminates  the 
buildup  of  velocity.  For  this  study  the  ratio  of  wall  thickness  to  inner  radius 
is  taken  to  be  in  the  interval  [.03,  .17]. 

ANALYTICAL  MODELS 


CASE  MATERIAL 


The  elastic-plastic  stress-strain  characterization  for  the  case  is  given 
by  two  equations: 


0  =  E:  '  z  (1) 

for  most  of  the  elastic  portion;  and 

o  a  K  •  en  (2) 

for  the  non-proportional  elastic  and  plastic  portion,  where  E\  is  the  elastic 
modulus,  k  is  the  strength  coefficient,  and  n  is  the  strain  hardening  exponent. 
The  two  curves  intersect  at  the  proportional  limit  point  (e  ,  ct  ). 
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(4) 


apl  =  E\  •  {K/E1)L/^1"n'j 


If  e2  is  defined  to  be  the  derivative  da/dc  at  e  ,  then  we  find  that 


n  -  E2/E\ 


(5) 


Thus  n  can  be  interpreted  as  the  reduction  factor  for  Young's  modulus  at  the 
proportional  limit.  Estimates  of  K  and  n  may  be  made  from  the  following 
algebraic  manipulation  of  equations  (1)  and  (2).  Defining,  as  is  frequently 
done,  the  yield  stress,  Oy,  to  be  the  stress  needed  to  obtain  a  0.2%  permanent 
set,  and  the  plastic  modulus,  e2,  to  be  the  slope  of  the  plastic  curve  at  the 
yield  point,  we  may  use  the  stress-strain  equations  to  obtain: 


n  =  (E2/E x)  +  .002  •  {E2/o  ) 


(6) 


This  results  in  an  expression  for  K  (  a  o te=1) 


K  =  o^/(.002  +  0  /Ei)n 


(7) 


Empirical  values  for  K  and  n  were  obtained  by  Martin  [51  for  steel  and  aluminum, 
and  show  for  these  materials  K  ranging  from  48  000  psi  (3.4  x  109  dynes  cm’2)  to 
170  000  psi  (1.2  x  1010  dynes  cm’2),  and  «  in  an  Interval  from  0.1  to  0.3. 

EXPLOSIVE  PRESSURE 


The  internal  explosive  pressure,  P,  exerted  on  the  inner  surface  of  the 
case  Is  related  to  the  cavity  volume  through  the  perfect  gas  law, 


P  •  (Y-1)  •  p„  •  * 


(8) 


where  y  is  the  expansion  coefficient,  p0  the  gas  density,  and  /■;  the  explosive 
energy.  This  pressure  is  assumed  to  be  uniform  throughout  the  cavity.  For 
adiabatic  reversible  flow,  an  isentropic  expansion  of  detonation  product  gases 
results  in  [6], 


P  *  P0“Y  a  constant 


(9) 


The  equation  derived  from  equations  (8)  and  (9)  is 


P  =  P0  •  (r0/^o(0))"2Y  0°) 


where  P0  is  the  effective  detonation  pressure,  «0  the  internal  radius,  and  r0(0) 
the  initial  internal  radius.  If  (<;ro(Q))  is  the  radius  of  a  cylindrical 
explosive,  then  P0  is  given  by 


Pq  3  Po  *  (Vro(°))2Y  00 

where  Pq  is  the  Chapman-Oouguet  coefficient  for  the  explosive.  C-J  coefficients 
for  particular  explosives  can  be  found  in  [7]  and  vary  from  1.5  x  106  psi  to 
5.5  x  106  psi  (100  to  390  Khars).  For  these  computations  y  has  been  taken  to 
be  3  throughout  the  expansion  although  it  varies  in  an  actual  expansion,  start¬ 
ing  near  5  and  soon  falling  to  smaller  values. 

WALL  ACCELERATION 

Figure  1  shows  a  case  element  at  radius  r(t).  The  equation  of  radial 
motion  for  the  element  is 


P  •  dzr/dt2  =  -  (oQ  -  o^/r  02) 


FIGURE  1.  Element  Within  Wall  of  Case. 
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Let  r0(t)  be  the  inner  case  radius,  r1{t)  be  the  outer  case  radius,  and  ra(t), 
0  <a  <  1,  be  the  radius  of  an  arbitrary  case  element,  Define  va  as  dra/dt. 
Constancy  of  volume  requires  that 

.  r2=  1*2(0)  -  *2(0)  (13) 

where  a  is  arbitrary.  By  twice  differentiating  (13)  and  simplifying  we  obtain 

dfr/dt  =  (i‘a  •  va)/r  (14) 

and 

d2z>/dt2  =  {v2  +  ra  •  dvjdt)/v  -  {r2  *  u2)/r3  (15) 

We  will  need  the  following  relationships  for  the  strains: 


-  eQ  =  3 (r  ♦  eQ)/3r  -  eQ  »  r*3eQ/3r  (16) 

From  constancy  of  volume  and  by  assumption  of  plane  strain  (using  cylindrical 
coordinates), 


e0  3  "S*  "  es  3  _e* 

At  the  inner  surface 

£g(ro)  3  08) 

Solving  (16),  (17),  and  (18)  for  eQ  by  integration,  etc.,  gives 

cQ(r)  “  (i»0(0)2/i»2)  •  tn(r0/r0(0))  (19) 

Define  e  and  <J,  the  effective  stress  and  strain  by 


Substituting  for  e  and  e  in  (20)  gives 

6  =  (2//3)  •  ee  (22) 

Further  substitution  into  the  Levy-Mises  equations, 

eQ  =  [oQ  -  (1/2)  •  (Oj,  +  ag)]  •  e/a  (23) 

etc.,  for  ey,  e^,  and  ?  yields 

a  =  (/3/2)  •  (oQ  -  o^)  (24) 

For  simplicity  assume  that  strain  rate  effects  are  negligible.  (Al-Hassani 
and  Johnson  have  shown  how  a  strain  rate  index  can  be  successfully  included  in 
the  solution.)  Thus  equation  (2)  says  that 

o  =  K  •  e  n  (25) 

Manipulating  (22),  (24),  and  (25)  gives  us 

oQ  -  ox>  *  {2//3)i+n  •  K  *  e0n  (26) 


We  can  now  combine  (12),  (15)  (with  a  8  l),  (19),  and  (26)  and  obtain 
Da^Dr  «  p  •  [(yf  +  •  dv\/dt)/r  -  •  uf/i'3] 

-  •  Ji  •  [r,(0)2  •  tu(>'o/r0(O))],1/.'(2B+1>  (27) 

Integrating  with  respect  to  i»  and  using  the  condition 

o>>o)  a  (28) 

and  equation  (14)  with  v  a  i»i  and  *  =  r0  gives 
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°r  =  ~p  +  P  ’  +  *0  *  dv^/dt)  •  «,n(j*/2»0)  +  (rg  •  y§/2) 

•  (p-2  -  I’d-2)]  -  (2//3)(1+k>  •  (K/2n) 

■  (4  •  *.n(i*o/r0(0)))n  •  (j.-2n  -  V2")  (29) 

On  the  outer  surface  of  the  case  a  (2^)  =  0,  so  substituting  rj  for  r  in 
(27)  and  solving  for  dvQ/dt  gives  * 


dvQ/dt  =  (l/(p  •  r0  •  inO’i/ro))  •  [P  -  p  •  y§  •  (Jto^/ro)) 

+  (p  *  r§  •  y§/2)  •  (r0“2  -  r*f2) 

-  (2//3)(1+m)  ‘  U/2n)  *  (r§  *  ln[r0/v0(Q)))n 
*  (r0~2w  -  rr2n)  (30) 

Since 

**?  B  i*8  +  *»?(0)  -  i>jj(0)  (31) 


we  can  use  equation  (30)  to  estimate  the  fragment  velocity  of  the  case  at  the 
failure  radius  *y  by  numerical  integration. 


CASE  FAILURE 

Taylor*  Hoggatt  and  Recht,  and  Al-Massani  and  Johnson  have  each  formulated 
criteria  for  case  failure.  These  criteria  each  involve  evaluating  the  hoop 
stress  at  the  inner  case  surface.  Combining  (19),  (26),  and  (29)  and  noting 
that  0o(i*t)  “  0  results  in  the  inner  surface  hoop  stress, 

o0M  a  (2/^)a^0  *  K  *  (0'o(0)/r0)2  *  iUt(V*’o{0)))M  -  P  (32) 


and  the  outer  surface  hoop  stress, 


o00*i)  *  (2M)(1+n)  *  K  *  ((i*0(0)/rj)2  *  £n(r0/r0(0)))w  (33) 
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During  expansion  of  the  case  to  failure  OA(r>0)  is  monotonically  increasing 
starting  with  a  value  of  0.  ae(r0)  is  initially  negative  and  eventually 
increases  to  a  positive  value  as  the  hoop  strain  term  increases  and  the  pressure 
term  decreases.  (The  first  term  in  equation  (32)  involves  the  hoop  strain,  and 
the  second  term  the  applied  internal  pressure.)  Thus  during  the  expansion  to 
failure  there  is  a  region  of  compressive  hoop  stress  extending  from  the  inner 
radius  to  a  radius  of  zero  hoop  stress,  and  a  region  of  tensile  hoop  stress 
between  the  zero  hoop  stress  radius  and  the  outer  radius.  The  radius  of  zero 
hoop  stress  is  initially  the  outer  radius  and  moves  to  become  the  inner  radius 
of  the  case,  after  which  time  failure  can  occur.  Taylor's  [2]  criterion  for 
failure  is  that  the  hoop  stress  at  the  inner  surface  is  zero.  This  radius  can 
be  found  from  equation  (32). 

Hoggatt  and  Recht  [3]  observed  that  the  fracture  surfaces  of  cylinders 
subject  to  high  order  explosions  run  in  planes  approximately  45  degrees  to  the 
radial  direction.  These  planes  parallel  planes  of  principal  shear  stress. 
Fractures  begin  as  radial  cracks  appearing  at  the  outer  surface  and  progress 
inward  as  the  stress  component  normal  to  the  shear  planes  changes  from  compres¬ 
sive  to  tensile.  This  condition  is  satisfied  when  the  tensile  hoop  stress 
becomes  equal  to  the  compressive  radial  stress;  therefore,  complete  failure 
occurs  when  the  tensile  hoop  stress  at  the  inner  surface  is  equal  to  the  internal 
pressure. 

Consider  a  cylindrical  differential  element  at  the  inner  surface  of  the  case. 
Subject  to  the  internal  pressure  P  of  equation  (10),  it  will  experience  high  com¬ 
pressive,  radial  and  hoop  stresses,  and  will  expand  plastically  from  a  radius 
j'o  to  a  radius  vp.  The  natural  strain  in  the  radial  direction  (assuming  e,.  =  0) 
is  given  by  1 


°  fcnO'oAp) 


(34) 


If  the  stress  condition  were  uniaxial  then  we  would  have  by  equation  (2) 


c,,  "  Mr, /A)1'" 


(35) 


whci fo  i'fi  Is  the  compressive  uniaxial  pressure.  If  o0  and  o.t  are  the  hoop  stress 
and  axial  stress  then 


P  °  -  { 1//2)  •  ft-P-oJ*  +  (u0-o,,)2  +  Ui'HV  (36) 


represents  an  octahedral  shear  stress  equivalent  to  the  uniaxial  stress  failure 
condition  [3]. 
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With  decreasing  P  and  cQ,  (aQ  eventually  positive),  the  differential  ele¬ 
ment  at  the  inner  surface  expands  elastically  until  case  failure  at  radius  ry 
and  inner  pressure  p^.  The  strains  are  given  by 

er  =  -  (v/PO  •  (oQ  +  az)  (37] 

eQ  =  (oQ/Pi)  -  (v/Px)  *  (o^  -  Pp  -  (jy/rp)  -  1  (38] 

£s  =  *  (°e  ’  Pp  *  0  (39^ 

where  v  is  Poisson's  ratio.  We  hypothesize  that  a6  =  Py  at  *y,  so  that  from 
(38)  and  (39)  we  find  J  J 

r  =  y(l  +  (1  +  v)  *  (pps  1))  (40 ] 

and  from  equation  (36) 

V'V  <4,: 

Combining  (34),  (35),  (40),  and  (41)  results  in 


0  =  U  +  *  (1  +  v)J  •  exp  (PjJk) 


To  find  the  inner  radius  at  failure,  first  find  by  trial  and  error  P,. 
satisfying  } 


,  i.,\ l/n 


(htty)iny  “  U  +  U’/K \)  *  U  ♦  v))  •  exp  (y/i) 


since 


>y  B  1*0  *  (Po/Pf  )1/2Y  <44) 

The  criterion  for  failure  suggested  b>  Al-Hassani  and  Johnson  involves  a 
fracture  constant,  k»  equal  to  the  ratio  of  the  hoop  stress  of  the  inner  radius 
at  failure  to  the  ultimate  tensile  strength  of  the  material,  «UfrS*  Neglecting 
strain  rate  effects,  the  ultimate  tensile  strength  is  calculated  from  equation 
(32)  as 


'V  - 


'  j  -.  y-j.'’  v'*'v  \ 
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°uts  =  (2/^3)1/(14^)  *  K  •  (fciOy* o(0)))n 


(45) 


Radial  cracks  may  propagate  only  if  the  hoop  stress  at  their  tips  are  greater 
than  k*outs.  Thus  the  failure  radius  is  found  by  solving 

i>o  •  (y* o(0))'2y  =  (1  -  k)  •  (2/^)14ti  •  x  •  (totyrolO)))"  (46) 

for  Vf .  When  k  =  0  the  calculated  fracture  radius  corresponds  to  that  proposed 
by  Taylor;  when  fc  =  l  the  case  does  not  fail.  The  fracture  radius  as  calculated 
by  Hoggatt  and  Recht  does  not  correspond  to  a  single  value  of  k. 

For  consistency  in  the  computations  which  follow,  the  radius  of  failure  pro¬ 
posed  by  Hoggatt  and  Recht  is  used.  This  radius  is  convenient  for  a  reference 
since  it  is  not  rate  dependent,  is  only  slightly  greater  than  Taylor's  failure 
radius,  involves  the  introduction  of  no  new  material  parameters,  and  is  supported 
by  some  experimental  observation.  We  shall,  however,  want  to  remark  on  the 
equivalent  k  value  obtained  for  this  failure  radius  and  comment  on  the  effect  of 
increasing  k  on  the  fragment  velocity. 

COMPUTATIONS 


PROCEDURE 


The  mathematical  models  formulated  for  failure  radius  and  wall  acceleration, 
equations  (43)  and  (30),  respectively,  in  the  preceding  sections  were  assembled 
In  a  computer  program.  For  given  values  of  r0(0),  >^(0),  Pq,  ?; j,  v,  A',  n,  and 
p,  the  fracture  radius  was  calculated  according  to  the  formulas  developed 
by  Hoggatt  and  Recht.  The  equation  for  the  wall  acceleration  was  then  used  to 
numerically  Integrate  o0  from  0  to  the  velocity  at  the  failure  radius.  The 
Integration  was  continued  until  the  inner  surface  reached  a  radius  of  1.5  »»,*. 
Values  for  the  fracture  constant,  fc,  suggested  by  Al-Hassani  and  Johnson  which 
would  have  resulted  in  case  failure  at  and  1.5  vf>  were  computed.  By  repeat¬ 
ing  the  computations  over  a  range  of  values  for  the’ material  parameters  we  were 
able  to  see  the  relative  Importance  of  the  material  parameters  on  the  fragment 
velocity.  The  intervals  in  which  the  material  parameters  were  taken  are: 
(i'i(0)“j‘o(0))/»*o(0)  in  [.03,  .17];  PQ  in  [1300000,  4000000]  psi  ([8*10«,  3-10“>] 
Pa);  A*,  in  [3000000,  90000000]  p$i  ([1.4-106,  4.3-107]  Pa);  v  In  [0.0,  0.5];  A 
In  [20000,  200000]  psi  ([9.7-103,  9.7-10“]  Pa);  «  in  [.01,  1.0];  and  p  in  the 
interval  [.0002,  .0015]  Ibm/in3  ([5.5,  41.5]  kg/m*). 


A  dimensional  study  of  the  variables  used  in  this  study  suggests  the  follow¬ 
ing  scaling  parameters  for  use  in  describing  the  results:  i*/i*0(O),  A/r0,  //*„, 

v,  p-ufi/Po,  and  n.  Since  the  mathematical  models  used  are  all  continuous  and 
dimensionally  consistent,  it  was  gratifying,  but  not  surprising,  that  the  results 
of  our  computations  scaled  according  to  these  parameters. 
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RADIUS  OF  FRACTURE 


Computations  using  equation  (43)  show  that  the  elastic  modulus,  Elt  and 
Poisson's  ratio,  v,  for  the  case  material  are  not  important  in  determining  the 
radius  of  failure  over  a  range  of  and  Pg  likely  to  occur  in  practice.  This 
is  illustrated  in  Figures  2  and  3.  Examining  equation  (43)  shows  that  when  the 
ratio  of  P0/£ i  is  small,  as  it  would  be  for  practical  case  materials,  and  with 
v  in  the  interval  [0.0,  0.5]  by  definition,  the  factor  (1  +  (p0/e })  •  (1+v)) 
varies  little  from  a  value  of  1.0  and  so  has  little  effect  on  the  fracture 
radius. 

The  same  equation,  on  the  other  hand,  says  that  the  radius  at  fracture  is 
a  function  of  K  and  n,  as  shown  by  Figure  4.  Higher  values  for  the  strength 
coefficient  are  paired  with  lower  failure  radii.  The  reason  becomes  apparent 
when  examining  equation  (43)  which  shows  that  (p/x)(1'”)  appears  as  a  power  of 
an  exponential  factor  so  that  the  solution  of  (43)  for  P«  is  sensitive  to  both 
K  and  n.  1 

The  values  for  the  equivalent  fracture  constant,  fc,  needed  to  obtain  the 
the  calculated  fracture  radii  fell  in  the  interval  from  [.15  to  .22],  values 
which  reflect  the  fact  that  the  calculated  radii  are  slightly  larger  than  the 
radii  that  would  be  calculated  by  Taylor's  method  (k-0).  The  equivalent  constant 
needed  to  obtain  fracture  radii  1.5  times  those  calculated  fell  in  the  interval 
[.93,  .96],  indicating  that  the  failure  radius  increases  slowly  until  k  reaches 
values  near  1. 


.v,/r„ 

FIGURE  2.  Radius  at  Fracture  vs.  Elastic  Modulus 
at  «  «  2.5,  v  =  .3,  K/Pq  b  .05. 
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VELOCITY  AT  FRACTURE 


Equation  (30)  can  be  used  to  calculate  fragment  velocities  for  a  wide 
range  of  case  parameters.  Letting  <30(0)  be  the  initial  case  thickness 
(d0(0)  =  r0(0)  -  r0(°))»  it  has  been  found  empirically  that  for  fixed  values 
of  k/Pq  and  n  that  the  ratio  of  kinetic  energy  at  large  deformations  to  the 
internal  explosive  energy,  (p«y§/P0).(cig(O)/rg(O)) •96%  was  a  constant  in  the 
interval  [.45,  .50]  to  within  5%  for  i0(0)/r0(O)  in  the  interval  [.03,  .17], 
and  that  (<i0(0)/r0(O)*968  accomplished  a  better  normalizing  factor  than  did  a 
volume  term  such  as  (1  -  (i»0(O)/^1  (0))2) .  Thus,  <j>  4  (p-y§/po)-(do(O)/r>0(O))-968 
will  be  used  as  a  descriptive  parameter  to  show  the  effects  of  case  properties 
on  fragment  velocity. 

Equation  (30)  for  the  wall  acceleration  can  be  rewritten  showing  the  terms 
p-v§/p0>  K/Pq,  and  n  as 


d(p*yjj/P0)/cft  =  (y0/r0)  *  (z,o(0)/r0)2Y/)ln(i’l/ro) 


-  (p-yg/Po)  •  -  -toW* o) — )  '  (2//J) 

/  l-(r0/^l)2n  \1 

•  (k/pq)  •  ( - nr)  (47) 

\2n*  fcn(f*o/n0(0))  1  /  J 


There  is  only  one  term  on  the  right-hand  side  of  equation  (47)  involving  K/t\ 
and  n.  This  term  indicates  that  increasing  K/P0  yields  lower  wall  accelerations. 
Coupled  with  the  lower  fracture  radius  for  higher  K/P0  as  discussed  in  the  previ¬ 
ous  section  this  results  in  lower  velocities  at  fracture.  This  is,  in  fact,  the 
result  shown  in  Figure  5.  The  effect  of  the  third  term  in  (47)  is  quite  small. 

Comparing  the  calculated  velocities  at  iy  and  1.5*iy,  or  equivalently  for 
fracture  constants  at  about  .2  and  .9,  we  found  that  a  5u%  increase  in  fracture 
radius  yielded  increases  in  fragment  velocity  of  less  than  1%.  It  can  be  con¬ 
cluded  that  fragment  velocity  is  Insensitive  to  case  material  properties  for 
values  of  k  between  0  and  .96.  Consequently,  the  mode  of  failure,  unless  quite 
different  In  nature  from  that  of  Taylor's  or  Hoggatt  and  Recht  is  not  an  impor¬ 
tant  factor  in  determining  fragment  velocity, 

Gurney's  equation  [1]  for  calculating  fragment  velocities  is  given  by 


M  f  ✓(«/£) ’♦"■•5 


(48) 


where  IG  *  and  MIC  is  the  ratio  of  metal  mass  to  total  explosive 
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n*  ■  i  .  .-i...- . -.1 - 1  i . -i - 1 

.00  .04  .08 

K/IJ  o 


FIGURE  5.  Kinetic  to  Explosive  Internal  Energy  Ratio  vs.  Strength  of  Case. 


mass.  To  check  the  validity  of  4>  for  filled  bombs,  substitute  t»0  front  (48) 
into  the  expression  for  <i>.  This  yields 


p*t’o  /^o(0)V 


If  the  explosive  mass  is  zero,  equation  (49)  results  in  $  a  0.47.  This  is 
equivalent  to  velocities  at  fracture  that  were  found  using  the  equation  for 
wall  acceleration  (30).  A  characteristic  value  of  equation  (49)  for  typical 
tubular  bombs  is  *»  0.3.  Thus,  neglecting  the  kinetic  energy  of  explosive 
products  increases  the  predicted  fragment  velocity  about  30£. 

CONCLUSIONS 


JNM\  I 

lAw  •  l2  + 


W 


-  (49) 


A  theory  for  explosively  loaded  case  failure  by  Hoggatt  and  Rocht  and  a 
theory  for  case  acceleration  by  Al-Hassani  and  Johnson  have  been  used  to  inves¬ 
tigate  the  effects  of  case  material  properties  on  fragment  velocity.  Velocity 

2oS 


calculated  using  this  integrated  theory  has  been  compared  with  that  predicted 
by  the  Gurney  equation.  These  velocities  are  very  close.  Fragment  velocity  is 
insensitive  to  the  material  properties  considered:  elastic  modulus,  Poisson's 
ratio,  strength  coefficient,  and  work  hardening  index.  Fragment  velocity  is 
also  insensitive  to  the  radius  of  fracture  for  values  roughly  equal  to  those 
predicted  by  Taylor.  Consequently,  for  case  materials  normally  encountered, 
fragment  velocity  depends  on  the  properties  of  the  explosive,  on  the  density  of 
the  case,  and  on  the  bomb  geometry.  The  parameter  <j>,  a  ratio  of  expanded  case 
kinetic  energy  to  explosive  internal  energy,  can  be  used  to  describe  the  effects 
of  these  parameters.  <i>  is  approximately  equal  to  0.5. 
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ABSTRACT 


This  paper  presents  the  results  of  an  analysis  of  the  in-bore,  transverse 
motion  of  the  155mm  XM712  projectile  when  fired  in  both  a  new  tube  and  a  worn 
tube  of  the  M198  howitzer.  The  worn  tube  condition  was  taken  as  one  with 
1,710  rounds  fired  in  the  tube  Serial  Number  83.  The  approach  taken  in  this 
investigation  utilized  the  equations  of  motion  derived  previously  and  reported 
in  several  references.  An  effective  rifling  angle  or  twist  is  introduced, 
since  this  projectile  uses  an  obturator  instead  of  a  rotating  band.  The 
gun  tube  is  considered  to  be  straight  and  stationary.  Effects  of  projectile 
bourrelet  friction  and  tube  droop  have  been  ignored  in  the  analysis.  The 
center  of  mass  eccentricity  of  the  projectile  was  assumed  to  fall  in  the  range 
of  0  to  .287  millimeters  or  .0113  inches.  This  is  equivalent  to  maximum 
imbalance  of  176.5  mm-N  or  25  in-oz  as  used  in  the  analysis. 

Tabulations  are  recorded  for  the  peak  values  of  yaw  angle  and  velocity, 
cross  spin,  normal  accelerations  at  the  c.g.,  bourrelet  center  and  two  axial 
points,  and  lateral  forces  at  the  c.g.,  bourrelet  and  obturator.  Time, 
velocity,  acceleration,  yaw  angle  and  velocity,  normal  acceleration,  and 
forces  at  the  bourrelet  and  the  obturator  are  plotted  to  show  their  variations 
with  respect  to  the  travel. 

The  computation  result  shows  that  the  lateral  bourrelet  forces  are  very 
small  (less  than  4,450  newtons  or  1,000  lbs)  for  all  cases  considered  and  the 
effects  of  the  c.g.  imbalance,  the  tube  wear  and  the  clearance  between  the 
bourrelet  and  the  tube  are  prominent. 

NOMENCLATURE 


BRT  =  Bourrelet 

c.g.  =  Center  of  gravity  or  mass 
D  =  Diameter  of  gun  tube  bore 
E  =  Young's  modulus  of  bourrelet  material 
F^  =  Elastic  force  at  bourrelet 

F  ,  F  ,  F  -  Total  force  components  acting  at  c.g.,  in 
x  y  XYZ  directions 

h  =  Distance  from  c.g.  to  bourrelet 
hj ,  h^,  h^  =.  Angular  momenta  in  1,  2,  3  directions 

k  ==  Spring  constant  at  bourrelet 
l  =  Distance  from  c.g.  to  obturator  center  section 
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Mj,  Mj,  =  Total  moment  components  in  1,  2,  3  directions 

m  =  Mass  of  projectile 

1/N  =  Effective  twist  of  rifling 

R  =  Radius  of  gun  tube  bore 

r  =  Radius  of  bourrelet 

t  =  Wall  thickness  at  bourrelet 

V  =  Velocity  of  projectile  at  muzzle  with  same  length  unit  as 
that  of  bore  diameter 

W  =  Displacement  of  obturator  in  Z  direction 

X,  Y,  Z  =  Fixed  Cartesian  coordinates  (Figure  1),  displacements 
of  c.g.  in  X,  Y,  Z  directions 

X,  y,  z  -  Body-fixed  moving  Cartesian  coordinates  (Figure  2) 

y  =  Effective  twist  angle  of  rifling 

6  =  Deflection  at  bourrelet 

i|>,  <i>,  6  =  Euler's  angles  (Figure  3) 

it  =  3.141592654 

fi  =  Cross  spin  of  projectile 

51^  =  Projectile  muzzle  spin 

,  ^2*  ^3  =  Angular  velocity  components  in  1,  2,  3  directions 

1,  2,  3  =  Moving  Cartesian  coordinates  (Figure  2) 

•  =  Dot  over  a  quantity  denotes  its  time  derivative 
=  Double  dots  over  a  quantity  denotes  its  second  time  derivative 

INTRODUCTION 


A  thorough  understanding  of  the  transverse  in-bore  motion  (also 
called  balloting)  of  a  projectile  during  launch  is  one  of  the  many  challenges 
of  developing  modern  weapon  systems  that  the  designer  has  to  consider 
seriously.  The  analysis  of  this  motion  can  provide  estimates  of  both  linear 
and  angular  displacements  as  well  as  velocities  and  accelerations,  when  the 
projectile  is  in  the  gun  or  at  the  muzzle.  Corresponding  forces  and  moments 
on  the  various  regions  or  components  of  a  projectile  can  also  be  assessed. 

In  addition,  the  interface  action  of  the  projectile  and  the  gun,  as  the 
projectile  travels  down  the  bore,  can  be  monitored.  The  behavior  of  the 
system  in  this  environment  is  important  to  the  designer.  Being  able  to 
describe  the  interaction  of  the  projectile  and  the  gun  as  well  as  the 
response  of  internal  projectile  components  to  the  anticipated  input  phenomena 
can  aid  greatly  in  the  early  evaluation  and  analysis  of  the  preliminary 
designs.  Furthermore,  the  motion  of  the  projectile  at  the  muzzle  provides 
the  initial  condition  of  the  transitional  exterior  ballistics.  It  is  with 
these  objectives  in  mind  that  the  investigation  of  the  motion  of  the  XM712 
projectile  in  the  M198  howitzer  was  performed. 

PROBLEM  FORMULATION 


In  this  analysis  the  projectile  configuration  is  taken  as  symmetrical 
about  its  longitudinal  axis.  The  base  pressure  is  assumed  to  be  uniformly 
applied  to  the  projectile  and  there  is  no  gas  leakage  around  the  obturator. 
Consequently,  the  point  where  the  cylindrical  axis  of  the  projectile  intersects 
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the  obturator  center  plane  is  assumed  to  move  along  the  gun  tube  center  line 
in  the  analysis.  The  mass  distribution  of  the  projectile  may  be  uniform  or 
non-uniform  and  may  thus  be  represented  by  a  c.g.  eccentricity  or  static 
imbalance  of  a  certain  value.  The  exact  c.g.  eccentricity  is  usually  not 
known.  Consequently,  an  assumed  range  of  0  to  .0113  in  (,287mm)  equivalent 
to  0  to  25  in-oz  (176.5mm-N)  imbalance  is  used  in  the  computation. 

The  gun  tube  is  considered  straight  and  stationary.  The  influence  of 
gun  tube  droop  is  ignored  in  this  analysis, since  its  effect  on  the  transverse 
force  and  accelerations  has  been  shown  to  be  rather  small  in  previous 
calculations  |2,  3],  Past  work  has  shown  that  the  effects  of  balloting 
motion  will  be  aggravated  if  firings  are  performed  in  gun  tubes  having  an 
advanced  state  of  wear.  To  study  this  effect,  computations  were  performed 
with  a  worn  tube  (with  wear  condition  after  1,710  rounds)  as  well  as  a  new 
tube. 


The  frictional  forces  at  the  bourrelet  and  the  obturator  are  ignored  in 
the  analysis.  Their  effect  on  the  projectile  motion  seems  to  be  small  as 
previous  computations  for  projectiles  with  rotating  bands  [2]  and  experimental 
results  obtained  at  Picatinny  Arsenal  have  shown.  Though  there  is  a  large 
slippage  between  the  rifling  lands  and  the  obturator,  the  rifling  action  on 
the  projectile  is  not  neglected.  To  account  for  this  action,  an  effective 
rifling  angle  or  twist  is  introduced  and  expressed  as  a  relationship  between 
the  velocity  and  the  spin  rate  of  the  projectile  at  the  muzzle.  Adequate 
experimental  data  is  available  to  substantiate  this. 

The  bourrelet  of  the  projectile  is  assumed  to  be  elastic.  The  spring 
constant  may  be  obtained  by  a  compression  test  of  the  bourrelet  or  approxima¬ 
tely  computed  by  using  the  cylindrical  shell  deformation  equations. 

Both  fixed  and  moving  coordinate  systems  are  necessary  to  define  the 
motion  of  the  projectile.  In  this  analysis  the  fixed  or  inertial  coordinate 
system  XYZ  (Figure  I)  is  located  with  its  origin  at  the  initial  position  of 
the  obturator  center,  which  is  equivalent  to  the  rotating  band  center  of  the 
projectile  with  a  rotating  band.  Tne  Z-axis  coincides  with  the  gun  tube  center 
line;  X-axis  is  horizontal  and  perpendicular  to  the  gun  tube  axis;  and  the 
Y-axis  is  positive  upward  in  a  vertical  plane  and  satisfies  the  right-hand 
coordinate  system  convention.  This  choice  conveniently  determines  the  gun 
location  of  the  moving  position  of  the  obturator  center  which  is  the  origin 
of  the  moving  coordinate  systems  123  and  xyz. 

The  moving  coordinate  system  1  2  3  (Figure  2)  has  its  origin  located  at 
the  moving  obturator  center.  The  3-axis  coincides  with  the  longitudinal  axis 
of  the  projectile,  so  that  the  1-  and  2-axis  lie  in  a  plane  perpendicular  to 
the  projectile  axis.  The  1-axis  is  always  colinear  with  the  nutation  axis 
determined  by  the  Euler’s  angles  ,  9,  and  $  (Figure  3).  As  a  result,  this 
coordinate  system  is  convenient  in  determining  the  cocking  motion  and  the 
bourrelet  force  of  the  projectile  and  the  Euler's  angles. 
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FIGURE  1.  Fixed  Coordinate  FIGURE  2.  Moving  Coordinate  System 

System  X,  Y,  Z  1 ,  2,  3  and  Body-Fixed  Coordinate 

System  x,  y,  z 


FIGURE  3.  Euler's  Anglos  i/;,  0  and  <j> 


The  body-fixed  moving  coordinate  system  x y z  (Figure  2)  is  confined  on 
the  projectile,  with  its  origin  coinciding  with  that  of  the  12  3  coordinate 
system.  In  fact,  the  z-axis  coincides  with  the  3-axis.  The  X-axis  is 
positioned  such  that  the  projection  of  eccentric  c.g.  of  the  projectile  on  the 
obturator  plane  lies  on  this  axis.  These  two  moving  coordinate  frames  are 
related  by  the  fact  that  the  x  £/ z  system  (hence  the  projectile)  spins  about 
the  12  3  system  with  both  the  z-axis  and  the  3-axis  as  the  axis  of  spin. 

The  angle  between  the  X-axis  and  the  1-axis  (nutation)  axis  is  the  Euler's 
angle  <j>  (Figure  3) .  This  coordinate  system  determines  conveniently  the 
positions  of  c.g.  and  the  other  projectile  components  such  as  fuze,  relative 
to  the  projectile. 

The  orientations  of  the  moving  coordinate  systems  12  3  and  x  ij  z  (hence 
the  projectile)  are  linked  to  the  fixed  system  x  y  z  by  Euler's  angles  <|>,  0, 
and  <j>  as  shown  in  Figure  3. 

Based  on  the  above-mentioned  assumptions  and  coordinate  systems  and 
employing  the  theory  of  dynamics  of  rigid  bodies  and  elasticity  principles, 
Newton's  and  Euler's  equations  for  the  analysis  and  associated  force  and 
moment  equations  are  derived  [l,  2,  3,  4],  These  equations  are  too  lengthy 
to  be  included  here.  However  the  simplified  main  equations  are  listed  in  the 
following  Governing  Equations  Section. 

GOVERNING  EQUATIONS 


The  simplified  main  governing  equations  in  this  analysis  are  as  follows. 
The  notations  are  explained  in  the  Notation  Section. 

Newton's  equations: 


mk  =  Fx  (1) 

mj>  =  Fy  (2) 

m2  “  F  (3) 

z 

Euler's  equations: 

i»i  -  f^h2  +  «2h3  =  Mj  (4) 

hj  ”  +  $2^  «  M2  (5) 

h3  -  a2 h1  +  n1h2  =  M3  (6) 


Bourrelet  force  and  deformation  equations: 


'b  * k5 

(7) 

Ee3/ . 135r2 

(8) 
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6  =  r  cos  0  +  (h  +  V)  sin  0  -  R 

(9) 

Rifling  effect  equations: 

1/N  =  ft  D/V 
m  m 

(10) 

y  =  tan  3  (tt/N) 

(ID 

Wtany  *  R  (tji  +  <j>  cos  0) 

(12) 

Cross  spin  rate  euqation: 

/  .  2  *2 
ft  =  /  (^  sin  0)  +  o 

(13) 

INPUT  DATA  FOR  ANALYSIS 


The  gun  tube  dimensions  used  in  this  analysis  were  obtained  from  the 
155mm  M198  howitzer.  The  projectile  travel  is  200  inches  or  5.08  meters  and 
the  land  diameter  is  6.100  +  .002  inches  (154.94  +  .05mm).  The  nominal  twist 
is  1/20.  The  effective  twist  angle  y  is  computed  from  the  experimental  muzzle 
velocity  and  spin  data  according  to  Equations  (10)  and  (11).  The  computed 
values  are:  y  =  1.430881  deg.  (0.25  rad)  for  a  muzzle  spin  of  30  rps  and  a 
velocity  of  1918  fps  (585  mps),  and  Y  °  .954031  deg.  (.0167  rad)  for  a  muzzle 
apl  l  of  20  rps  and  a  velocity  of  1918  fps  (585  mps). 

To  investigate  the  effect  of  tube  wear,  the  wear  condition  of  the  chrome 
plated  gun  tube  XM199  SN  83  after  1710  rounds  was  used  in  the  second  part  of 

the  analysis.  This  state  of  wear  is  shown  in  Figure  4.  This  worn  tube 

exhibited  large  wear  only  near  the  muzzle  and  has  slight  wear  elsewhere. 

In  the  analysis  all  gun  tubes  are  assumed  to  be  fired  at  an  elevation  of 

30  degrees  (.5236  radian)  and  they  are  considered  to  be  straight,  rigid  and 
stationary. 

The  chamber  pressure  used  in  the  computations  is  plotted  against  time  in 
Figure  5. 

The  simplified  dimensions  and  properties  of  the  projectile  XM712  and  the 
M198  howitzer  are  tabulated  in  Table  1.  As  the  actual  values  of  c.g.  imbal¬ 
ance  are  not  available,  values  of  0,  5,  10,  15,  20  and  25  in-oz  (0,  35.3, 

70.6,  105.9,  141.2  and  176.5  mm-N)  are  used  in  the  analysis.  These  values 
are  equivalent  to  c.g.  eccentricities  of  0,  .0023,  .0045,  .0068,  .0091  and 
.0113  inch  (0,  .0058,  .0115,  .0173,  .0231  and  .0287  cm)  respectively. 

The  actual  spring  constant  of  the  bourrelet  is  also  not  available  and 
was  therefore  computed  from  Equation  (8),  It  is  calculated  to  be 

k  =  .1306  X  106  lb/in  (22.86  X  103  N/mm) , 
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using 


E  =  30  X  106  psi  (206.8  X  103  N/mm2) 


t  =  .176  in  (4.47mm) 
r  =  3.046  in  (77.37mm) 


To  aid  in  visualizing  the  magnitude  of  normal  accelerations  at  various 
points  at  the  projectile  axis,  axial  points  A  and  F  in  addition  to  c.g.  and 
the  bourrelet  center  are  characterized.  The  distances  from  the  axial  points 
A  and  F  to  the  base  of  the  projectile  are  44.05  and  51.55  inches 
(111.89  and  130.94ctn)  respectively  (Figure  2). 


TABLE  1 


DIMENSIONS  AND  PHYSICAL  PROPERTIES  OF  PROJECTILE  AND  CUN  TUBE 


A.  Dimensions  and  Properties  of  Projectile 


Total  length  of  projectile,  cm  (in) 

Obturator  to  base  distance,  cm  (in) 

C.G.  to  base  distance,  cm  (in) 

Bourrelet  to  base  distance,  cm  (in) 

Bourrelet  diameter,  cm  (in) 

Bourrelet  spring  constant  computed, 

10156  N/cm  (10156  lb/in) 

Based  on  bourrelet  wall  thickness,  cm  (in) 

Axial  Point  A  to  base  distance,  cm  (in) 

Axial  Point  F  to  base  distance,  cm  (in) 

Weight  of  projectile,  kg  (lbs) 

Polar  moment  of  inertia,  kg-cm  sq  (lb-in  sq) 
Transverse  moment  of  inertia,  kg-cm  sq  (lb-in  sq) 

L.  Dimensions  and  Properties  of  Gun  Tube 

Bore  diameter,  nun  (in) 

Tube  inclination,  radian  (degrees) 

Travel,  m  (in) 

Effective  twist  angle  of  rifling,  radian  (deg) 

(30  rps  spin) 

Effective  twist  angle  of  rifling,  radian  (deg) 

(20  rps  spin) 


137.287 

(54.050) 

5.055 

(1.990) 

58.141 

(22.890) 

104.013 

(40.950) 

15.474 

(6.092) 

.229 

(.131) 

.447 

(.176) 

111.887 

(44.050) 

130.937 

(51.550) 

62.650 

(138.120) 

53.138 

(755.800) 

1998.376 

(28423.580) 

154.940 

(6.100) 

+  .05 

(+.002) 

.524 

(30.000) 

5.080 

(200.000) 

.025 

0.43!) 

.017 

(.954) 
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RESULTS  OF  ANALYSIS  AND  DISCUSSIONS 


The  computations  were  performed  for  the  four  categories  shown  in  Table  2. 
In  each  category,  seven  cases  have  been  computed.  In  the  first  six  cases, 
the  parameter  varied  in  the  computation  is  the  c.g.  imbalance.  It  is 
varied  from  0  to  25  in-oz  (176,5mm-N)  in  steps  of  5  in-oz  (35.3mm-N).  The 
first  six  cases  are  initialized  with  the  bourrelet  contacting  the  gun  tube. 

In  the  last  or  the  seventh  case  the  projectile  is  assumed  to  be  initially 
parallel  to  the  gun  tube  axis  with  the  c.g.  imbalance  taken  as  25  in-oz 
(176.5mm-N).  This  last  case  is  intended  to  show  the  effect  of  initial 
projectile  position.  All  other  parameters  involved  are  assigned  constant 
magnitudes  for  the  seven  cases. 


TABLE  2 

CATEGORIES  OF  COMPUTATIONS 

Category  1  Gun  Tube  1  Land  Diameter,  mm  (in)  l  Spin  Rate,  rps 


1 

1 

New  1 

154.94 

(6.100) 

1 

30 

1 

1 

1 

2 

1 

Worn  1 

154.94 

(6.100) 

1 

30 

1 

1 

1 

3 

1 

New  1 

154.99 

(6.102) 

1 

30 

1 

1 

1 

4 

1 

New  1 

154.99 

(6.102) 

1 

20 

The  governing  and  associated  equations  are  solved  using  a  numerical 
integration  method.  The  computations  were  performed  on  a 
CDC  6600  computer.  The  peak  values  of  calculated  results  are  tabulated  in 
Tables  3,  4,  5  and  6,  and  some  results  of  categories  2  and  3  are  plotted 
against  travel  in  Figures  6  to  18  to  show  their  variations.  From  these 
tables  and  figures  it  Is  seen  that  all  peak  values  are  very  low  and  the 
motion  has  less  variations  when  compared  with  those  of  projectiles  such  as 
the  155mm  M483  [4]  and  8  inch  XM753  [3].  The  peak  values,  however,  are 
increased  as  the  c.g.  eccentricity  increases.  This,  however,  is  not  true  for 
the  lateral  obturator  forces  in  new  and  worn  tubes  or  the  yaw  angles 
and  velocities  in  the  worn  tube  cases.  Peak  values  for  cases  with  land 
diameter  of  6.100  inches  (154.99mm)  differ  very  little  from  that  of  the  worn 
tube  (nominal  land  diameter  is  6.100  inches  or  154.94  millimeters)  except  for 
yaw  angles  and  velocities.  The  differences  are  large  between  cases  of  land 
diameter  of  6.100  incites  (154.94mm)  and  those  of  land  diameter  of  6.102  inches 
(154.99mm) . 

The  obturator  slips  on  the  gun  tithe  and  thus  considerably  reduces  the 
centrifugal  forces.  Consequently  the  centrifugal  force  effect  is  small  in 
this  analysis.  The  reduction  of  spin  rate  from  30  rps  to  20  rps  results  in 
small  changes  in  the  peak  values.  Therefore  it  seems  that  the  most  sensitive 
factors  in  this  analysis  are  the  c.g.  eccentricity,  the  wont  tube,  and  the 
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Initial  C.G.  o’clock  position  is  at  6  o'clock 

Axial  point  A  to  base  distance  is  111.89  eta  (44.050  inches) 

Axial  point  F  to  base  distance  is  130.94  cm  (51.550  inches) 


PEAK  VALUES  OF  BALLOTING  MOTION  ANALYSIS 
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Normal  Acceleration  at  Point  A  7.65  9-23  10.30  11.13  11.81  12.41  12.57 

Nornal  Acceleration  at  Point  F  8.78  10.61  11.84  12.80  13.58  14.28  14.46 


Normal  Acceleration  at  Point  A  6.34  7.41  8.44  9.21  9.85  10.36  10.50 

Sorcal  Acceleration  at  Point  F  7.27  8.50  9.69  10.60  11.33  11.92  12.08 
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clearance  between  the  gun  tube  and  the  bourrelet.  This  is  also  true  for 
projectiles  with  ordinary  rotating  bands  [l,  2,  3,  4] .  The  effect 
of  worn  tubes  on  the  peak  values  is  small  in  this  analysis  compared  to  the 
large  effect  experienced  for  projectiles  with  ordinary  rotating  bands. 

This  minimal  effect  is  due  to  the  reduction  in  the  spin  rate  resulting  from 
slippage  between  the  gun  tube  and  the  obturator.  Thus  degradation  of  the  spin 
rate  acts  to  reduce  the  centrifugal  force  at  the  c.g.,  which  in  turn  reduces 
the  balloting  motion.  With  small  balloting  motion  the  effect  of  a  worn  tube 
becomes  small.  Furthermore,  the  wear  of  the  worn  tube  is  moderate 
from  the  breech  to  about  70  inches  (177.8cm)  from  the  muzzle  but  severe  near 
the  muzzle.  The  base  pressure  is  high  near  the  breech  but  low  near  the 
muzzle.  This  combined  influence  tends  to  make  the  worn  tube  effect  on  the 
peak  values  not  so  evident  as  those  on  projectiles  with  a  rotating  band. 
However  the  effect  of  the  worn  tube  on  the  variations  of  the  various 
quantities  are  prominent  as  seen  from  a  comparison  of  curves  of  new  and  worn 
tube  cases  as  shown  in  Figures  7  to  18. 

The  effect  of  initial  projectile  orientation  can  be  seen  by  comparing  the 
cases  having  the  gun  tube  in  contact  with  the  bourrelet  with  that  of  a 
projectile  positioned  parallel  to  the  gun  tube.  This  may  be  seen  in  cases 
6  and  7  of  each  category.  The  peak  values  are  not  significantly  influenced 
by  whether  the  projectile  is  initially  parallel  to  the  gun  tube  or  contacting 
the  tube. 


H CURL  6.  Computed  Time,  Velocity  and  Acceleration  vs.  Travel 
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FIGURE  10.  Yaw  Velocities,  Worn  Tube 
Spin  30  rps 
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FIGURE  13.  Path  of  Mass  Center, 
New  Tube,  Spin  30  rps 


FIGURE  14.  Path  of  Mass  Center, 

Worn  Tube ,  Spin  30  rps 
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FIGURE  15. 


Normal  Bourrelet  Forces, 
New  Tube,  Spin  30  rps 


FIGURE  16. 


Normal  Bourrelet  Forces, 
Worn  Tube,  Spin  30  rps 
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FIGURE  17.  Lateral  Obturator  Forces, 
New  Tube,  Spin  30  rps 
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FIGURE  18.  Lateral  Obturator  Forces 
Worn  Tube,  Spin  30  rps 


CONCLUSIONS 


Based  on  the  results  of  computations  and  discussions, it  is  seen  that  the 
balloting  motion  of  the  XM712  projectile  is  not  severe.  The  peak  values  and 
the  variations  of  motion  are  much  less  than  those  of  projectiles  having  a 
rotating  band.  The  approximate  maximum  peak  values  are  as  follows. 


Bourrelet  contact  force 

990 

lbs  (4400  N) 

C.G.  lateral  inertial  force 

720 

lbs  (3200  N) 

Obturator  lateral  force 

300 

lbs  (1330  N) 

C.G.  normal  acceleration 

8 

g's 

Bourrelet  center  normal  acceleration 

Axial  point  A  (44.05  in  or  111.89  cm 

12 

g's 

to  base)  normal  acceleration 

Axial  point  F  (51.55  in  or  130.94  cm 

13 

g’s 

to  base)  normal  acceleration 

15 

g‘s 

Yaw  angle 

.0005 

rad. 

Yaw  velocity 

.11 

rad/sec: 

Cross  spin  rate 

.11 

rad/ sec 

The  effects  of  increase  in  the  bore  diameter  and  the  c.g.  eccentricity 
are  prominent.  The  increase  of  the  c.g.  imbalance  from  0  to  15  (specifically 
10  in  some  cases)  in-02  or  0  to  105.9  (especially  70.6  in  some  cases)  mm-N 
causes  a  considerable  change  in  balloting  but  lesser  variations  when  it  is 
further  increased  to  25  in-02  or  176.5  rom-N.  An  increase  in  the  bore  diameter 
causes  less  variation  in  the  motion  pattern  but  rather  large  Increases  in  the 
amplitude  or  magnitude  of  the  motion. 

The  effect  ot  the  tube  wear  is  such  as  to  produce  more  fluctuations  in 
the  balloting  motion  as  shown  by  the  curves  of  worn  tube  cases.  The  change 
in  the  peak  values  however  is  small. 

The  effect  of  the  initial  position  of  the  projectile,  whether  it  is 
parallel  to  the  gun  tube  or  contacting  the  tube  at  the  bourrelet,  is  small. 
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ABSTRACT 

An  impact  apparatus  was  developed  for  firing  regular  and  irregular-shaped  rock 
projectiles.  Sedimentary  and  igneous  rock  projectiles  were  fired  at  the  center  of  a 
simply  supported  aluminum  beam  in  a  series  of  impact  tests.  The  experimental  in¬ 
vestigation  was  conducted  to  determine:  dynamic  response  of  the  beam,  localized 
permanent  deformation  of  the  beam  in  the  region  of  impact,  and  fracturing  behavior 
of  weak  and  strong  sandstone.  Strain  gages  attached  to  the  beam,  disclosed  that  ouch 
rock  material  upon  impact  exhibits  its  own  mechanical  signature.  10-mm  high  speed 
films  of  the  impact  process,  provided  valuable  projectile  and  beam  displacement  data 
both  during  and  after  impact.  The  expert  mental  data  were  invaluable  to  the  subsequent 
development  of  analytical  models  wliich  approximate  the  dynamic  behavior  of  a  rook 
projectile-beam  system. 


INTRODUCTION 

Many  of  the  radars  associated  with  missile  defense  are  "hardened"  to  withstand 
nuclear  weapon  environments.  For  a  nuclear  weapon  explosion  classified  as  a  surface 
burst,  large  amounts  of  soil  and  rock  debris  are  carried  up  from  the  earth's  surface 
into  a  radioactive  cloud  |  1  1.  A  crater  produced  in  dry  soil  at  ground  zero,  as  a  re¬ 
sult  of  the  explosion  of  a  20  megaton  wea)>on  is  approximately  3000  ft  (014  m)  in  diam¬ 
eter  mid  300  ft  (01.4  m)  deep  (  2  )  .  The  crater  size  will  he  .somewhat  less  in  sand¬ 
stone  and  granite.  The  quantity  ami  size  of  rook  debris  which  can  rain  down  from  the 
radioactive  cloud,  <*n  a  hardened  radar  structure  in  the  vicinity  of  the  explosion,  can 
be  of  major  significance  in  the  design  of  these  structures. 


During  the  past  decade  a  new  member  has  been  added  to  the  radar  family,  the 
phased-array  radar.  This  radar  differs  from  the  conventional  rotating  parabolic  dish 
antenna,  in  that  it  is  electronically  steerable,  and  does  not  require  moving  parts. 
Phased-array  radars  are  characterized  by  large  numbers  of  antenna  elements  mounted 
to  the  front  face  of  a  flat  support  structure. 

Only  a  limited  amount  of  debris  impact  work  has  been  performed  during  the  past 
several  years.  The  majority  of  the  work  has  been  in  the  area  of  failure  of  antenna 
element  ceramic  windows.  Presently  there  is  an  interest  not  only  in  individual  anten¬ 
na  elements,  but  in  the  response  of  the  ari'ay  face  structure  to  rock  debris  impact. 
Satisfactory  radar  performance  requires  that  one  be  concerned  with  array  face  vibra¬ 
tion,  localized  indentation,  embedding  of  rock  in  the  array  face  and  total  penetration 
of  the  structure. 

Experimental  investigations  were  performed  to  study  tho  impact  of  rock  pro¬ 
jectiles  on  a  simply  supported  beam.  Projoetiles  usod  in  the  study  included  sedimen¬ 
tary  and  igneous  rock  materials  having  both  rogulnr  and  irrogulur  shapes.  Projectiles 
had  a  range  of  impact  velocity  sufficiently  high  to  cause  severe  fracturing  to  the  sedi¬ 
mentary  rook  group.  Projoctile  initial  kinetic  onorgios  were  limited,  so  that  tho  beam 
would  only  experience  localized  permanent  deformation  in  tho  form  of  an  indentation  at 
tho  point  of  impact. 

High  speed  film  and  beam  strain  gage  data  provided  the  crucial  measurements 
necessary*  to  the  understanding  of  tide  complex  impact  problem.  This  data  contributed 
significantly  to  the  development  of  analytical  models,  for  impact  of  fracturing  and 
nonlrac  Luring  rock  with  a  simply  supported  beam, 

HOCK  MATKIUAIjS  TESTED 

The  materials  selected  for  the  impact  study  included  both  sedimentary  and  ig¬ 
neous  rocks.  Two  tyjws  of  fine  grained  sandstone,  and  a  Idgh  strength  gabbro,  were 
used  for  the  projoetiles.  Indiana  sandstone  which  is  classified  as  a  weak  rock  1 3 )  in 
that  it  has  a  uniaxial  compressive  strength  less  than  10, 000  lb/in.  “  (70,  .1  MPa), 
was  selected  for  two  reasons.  First,  it  is  desirable  to  include  rocks  in  the  study 
which  would  ex|)erience  severe  fracturing  without  inducing  plastic  deformation  of  the 
beam,  other  than  local  deformation  at  the  point  of  contact.  Secondly,  this  sandstone 


exhibited  good  machining  qualities  which  facilitated  the  grinding  of  a  number  of  sam¬ 
ples  into  a  grouping  having  the  same  shape  and  mass.  This  made  it  possible  to  con¬ 
duct  a  series  of  controlled  impact  tests  where  velocity  was  the  only  variable. 

Indiana  sandstone  which  can  be  classified  as  fine  grained,  quite  porous,  and  not 
well  cemented  sandstone  bonded  with  a  silica  cementing  agent.  This  sandstone  is 
reddish-brown  in  color.  The  higher  strength  sandstone  is  also  a  fine  grained  sub¬ 
stance,  composed  almost  entirely  of  pure  quartz.  This  sandstone  is  light  tan  in  color. 
This  material  is  fairly  porous.  However,  it  is  not  as  porous  as  the  Indiana  sandstone. 
The  quartz  grains  are  also  bonded  together  with  a  silica  cement. 

Gabbro  is  a  coarse-grained  igneous  rock,  which  is  greenish-black  in  color. 

This  gabbroio  material  is  primarily  feldspar  and  does  not  contain  quartz.  Granite  is 
quite  similar  to  gabbro  in  that  it  is  a  coarse-grained  igneous  rook.  However,  it  con¬ 
tains  a  minimum  of  5%  quartz  in  addition  to  feldspar  [4  ] . 

Hardness  tests  were  made  on  all  rook  materials  using  the  Rockwell  Superficial 
Hardness  Tester.  Tho  light  areas  on  a  polished  surface  of  the  gabbro  had  a  hardness 
of  9G,  while  the  dark  areas  measured  92.  The  hardness  of  the  high  strongth  sandstone 
was  found  to  be  77.  It  was  not  possible  to  obtain  a  hardness  for  the  Indiana  sandstone 
bcoause  the  surface  would  tend  to  crumble  upon  application  of  the  load. 

Uniaxial  compression  tests  are  frequently  used  to  evaluate  rock  strongth  ( 5 ) . 
The  standard  test  uses  regular  shaped  specimens,  such  as  cubes,  prisms  or  cylinders. 
The  1. 0  in.  (2. 54  cm)  Sandstone  samples  were  prepared  in  the  shape  of  a  cube  in  ac¬ 
cordance  with  the  procedure  of  reference  [6 ) .  The  sandstone  siiecimcns  upon  being 
subjected  to  a  compressive  load  were  observed  to  experience  axial  splitting.  The 
mechanical  properties  obtained  from  these  tests  arc  given  in  Table  1. 
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Table  I.  Mechanical  Properties  of  Sandstone 


Sandstone  Compressive  Strength  Modulus  of  Elacticity 


Tvoe 

(lb/in. 2) 

MPa 

(lb/in. 2) 

MPa 

Indiana 

4000 

28 

0.58  xlO6 

4080 

High  Strength 

11400 

80 

1.03X  106 

7240 

PREPARATION  AND  CLASSIFICATION  OF  PROJECTILES 

In  order  to  have  ouch  projectile  consistently  impact  the  beam  within  0. 250  in. 
(0.64  cm)  of  the  center  position  at  a  desired  velocity,  it  was  necessary  that  it  have  an 
almost  perfect  fit  with  the  1. 0  in.  (2. 54  cm)  inside  diameter  gun  barrel.  The  normal 
polyothylene  sabot,  used  for  a  housing  on  symmetrical  bodies  such  ns  cylinders  and 
spheres,  could  not  conveniently  be  used  in  this  instance.  The  only  feasible  way  to 
control  rook  projectile  trajectory,  motion  and  velocity  was  to  encapsulate  the  projec¬ 
tile  in  a  material  having  a  cylindrical  base  as  shown  in  Figure  1.  Plaster  of  Paris 
was  found  to  be  most  suitable  for  this  application.  This  potting  material  is  easily 
prepared,  adheres  quite  well  to  rock  specimens,  conforms  well  with  a  cylindrical 
mold,  and  provides  for  minimum  friction  with  the  gun  barrel. 


A  rock  projectile  classification  has  been  developed  which  characterizes  irregular 
1. 0  in.  (2. 54  cm)  rock  with  regard  to  shape.  This  classification  is  illustrated  in  Fig¬ 
ure  2.  The  ideal  boundary  shown  in  this  figure  is  an  outline  of  the  desired  projectile 
profiles.  A  tolerance  zone  has  been  applied  to  the  surface  to  allow  for  natural  surfaco 
irregularity  and  roughness,  which  is  indeed  characteristic  of  rock. 
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Figure  2.  ttock  Projectile  Classification 


IMPACT  TEST  APPARATUS 

Hock  projectiles  are  fired  against  a  simply  supported  beam  using  the  air  guti 
apparatus  shown  in  Figure  3.  The  air  gun  is  energised  by  a  3-in.  diameter  pressure 


chamber  supplied  with  air  through  a  fitting  at  the  right  and  an  electrically  operated 
solenoid  valve  at  the  other  end.  This  valve  separates  the  pressure  vessel  from  the 
25-in.  (63. 5  cm)  gun  barrel  which  has  a  1. 0  in.  (2. 54  cm)  Inside  diameter.  The 
switch  controliit£  power  to  the  solenoid  valve  is  mounted  at  the  left  end  of  the  appara¬ 
tus.  The  simply  supported  6061T6  aluminum  beam  which  meusures  0. 125  in.  x  1. 00 
in.  x  18.60  in.  (0.32  cm  x  2.54  cm  x  45.7  cm),  is  supported  with  0. 015-in.  (0.038-cm) 


thick  stainless  steel  column  supports.  This  typo  of  support  was  used  by  Goldsmith  |  7  | 
because  the  connection  approaches  that  of  an  ideal  simple  support. 


The  horizontal  beam  projects  through  both  sides  of  a  protective  plexiglass  housing. 
This  housing  serves  a  number  of  functions  in  addition  to  the  most  important  one  being 
operator  protection.  It  provides  a  means  of  capturing  all  material  winch  may  break 
away  from  the  projectile  should  severe  fracturing  occur.  In  addition,  it  provides  a 
support  for  two  photocells  winch  are  used  to  measure  projectile  velocity  just  prior  to 
impact. 


Figure  S.  Apparatus  Fsed  to  investigate  tmapet  behavior  of 
Hock  Debris  with  a  Simply  i'Upporied  beam 


Figure  \  shows  cross  wires  connected  to  terminals  {tosiiioncd  above  and  below 

one  of  the  photocells.  The  lower  wire  locate  '  In  the  projectile  path  makes  contact  with 

* 

tin?  upper  wire  and  triggers  the  sweep  ot  the  oscilloscope.  These  wires  are  extremely 
light  ami  have  a  negligible  effect  on  projectile  trajectory  and  velocity. 

In  order  to  protect  the  center  of  the  Warn  in  the  contact  region,  d.  in,  \  l.U 
in*  sl.ii  in.  (0. 3*2  cm  x '2.  f*4  cm  x  2. at  eml  tHHUTb  aluminum  contact  plates  won*  used. 
These  plates  are  securely  fastened  to  the  beam  with  four  d-d *2  llathead  screws.  Alter 
each  test,  one  simply  replaces  the  indented  contact  plate.  This  avoids  the  need  for  tlte 
the  complete  replacement  of  a  beam  instrumented  with  strain  gages. 


Figure  4.  Impact  Taut  Area 


IMPACT  TEST  METHOD 

The  camera  used  tor  the  impact  studies  was  a  10-mm  Fastis,  Type  WF3  (see 
Figure  5).  This  camera  tuts  a  maximum  speed  of  8000  frames/s  ujwn  application  of 
280  V.  A  control  unit  is  normally  used  tor  filming  at  speeds  greater  than  4000 
framea/s.  lids  equipment  contains  a  time  delay  circuit  which  permits  tlie  camera  to 
accelerate  at  love  voltage  before  application  of  the  high  voltage  mtuimi  to  attain  a 
desired  st>ced  (81*  The  timing  circuits  of  lids  control  unit  wore  particularly  valuable 
in  that,  one  timer  controlled  power  to  Hie  cameras  while  the  other  regulated  imwer  to 
tiic  event,  the  event  being  firing  of  the  air  gun.  toy  setting  a  suitable  time  delay  be¬ 
tween  timers,  it  was  possible  to  achieve  desired  film  speed  before  firing  the  gun. 

Tlie  majority  of  the  high  speed  films  were  taken  at  just  under  0000  frames/s. 
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Figure  5.  High  Speed  Camera  and  Associated  High  Intensity  Lamps 


& 


v  A  schematic  representation  of  the  impact  test  apparatus  and  associated  instru¬ 
mentation  is  given  in  Figure  6.  A  storage  osoilloscope  was  used  to  record  one  channel 
of  strain  gage  data  and  two  channels  of  photocell  data.  The  osoilloscope  was  triggered 
by  feeding  an  18-V  dc  signal  to  the  ’’EXTERNAL  TRIGGER  IN’’  connector  on  the  oscil¬ 
loscope.  This  trigger  was  initiated  when  the  projectile  caused  the  oross  wire  within 
the  test  area  enclosure  to  make  contact.  Strain  gage  data  was  also  obtained  using  an 
oscillograph  recorder.  This  equipment  was  used  to  record  long-time  beam  exposure. 
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Figure  6.  Impact  Test  Apparatus  aud  Instrumentation 
RESULTS  OF  IMPACT  EXPERIMENTS 

The  experimental  studies  provided  the  crucial  measurements  necessary  to  the 
understanding  of  the  rock-beam  process.  The  high  speed  films  were  truly  invaluable 
to  the  understanding  of  this  complex  phenomenon.  The  high-speed  film  quality  was 
good  and  it  facilitated  plotting  beam  center  displacement  as  a  function  of  timo.  It  was 
possible  to  plot  82  frames  of  beam  displacement  for  one  cycle  of  first-mode  beam 
vibration.  For  projectiles  whioh  did  not  fracture  upon  impact,  it  was  possible  to 
track  their  motion,  detect  multiple  impact  and  determine  time  of  ocourrenoo  and  dura¬ 
tion  of  the  primary  and  secondary  impacts,  For  projectiles  whioh  fractured  it  was 
possible  to  measure  projectile  shortening  on  a  frame-by-frame  basis,  as  material 
spalled  away  from  its  contacting  surface.  The  dynamic  strain  gage  data  revoalod  that 
each  rock  projectile  of  a  given  material  exhibits  its  own  unique  characteristic  sha|x>  or 
mechanical  signature. 

IMPACT  BEHAVIOR  OF  INDIANA  SANDSTONE 

Figure  7  shows  five  IC-mm  frames  of  the  impact  process  for  projectile  II.  S. 

For  this  test  the  film  speed  was  5760  framos/s.  Frame  1  shows  the  projectile  ap¬ 
proaching  the  beam  at  a  velocity  of  1330  in.  /s  (33. 8  m/s).  Frame  2  shows  the  pro¬ 
jectile  making  initial  contact  with  the  beam  impact  plate.  Frames  3  through  5  are  the 


Klgure  7.  Indiana  Sandstone  Projectile  (11.  S. )  Impacting  Hearn  (Projectile 
Velocity  11130  In.  /s  (33.  H  m/«l  Klim  Speed  07(50  Kramec/sl 
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frames  of  major  contact  force  between  the  fracturing  projectile  and  the  beam.  A 
measurement  of  projectile  shortening,  as  a  result  of  loss  of  material  at  the  contact 
point,  shows  the  following:  frame  3  [  0. 18  in.  (0. 46  cm)  ] ,  frame  4  [  0. 12  in.  (0. 30 
cm)  ] ,  and  frame  5  [0. 06  in.  (0. 15  cm)  j .  This  film  indicates  the  contact  time  for 
sample  II.  S.  is  approximately  0. 50  ms.  This  time  coupled  with  negligible  contact 
plate  surface  damage  would  indicate  that  the  impulse  has  a  peak  contact  force  of  rela¬ 
tively  small  magnitude  and  long  time  duration. 

A  plot  of  beam  displacement  at  the  contact  point  vs  frame  number  or  time  is 
given  in  Figure  8.  Frames  5,  14,  and  22  in  this  figure  show  the  first  few  peak  values 
of  third  mode  vibration.  The  period  associated  with  the  3rd  mode  contribution  to  the 
total  vibration  is  1. 58  ms.  Data  points  between  frames  28  and  33  are  missing  due  to 
the  masking  of  debris  passing  over  the  beam.  It  should  also  be  noted  that  a  second 
impact  took  plaoe  at  frame  45. 


Figure  8.  Beam  Response  to  Impact  with  Indiana  Sandstone  Projectile  (11.  S. ) 


The  Indiana  sandstone  has  a  fracturing  behavior  quite  different  from  that  of  the 
higher  strength  sandstones.  At  velocities  as  high  as  1100  to  1200  in./s  (27,9  to  30.5 
m/s)  the  projectile  experiences  spalling  completely  around  the  area  of  contact.  This 
spalling  or  flaking  away  at  the  surface  con  be  seen  In  Figure  9  for  test  samples  8  I.  S. 
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Figure  9,  Indiana  Sandstone  Projectiles  Showing  Surface 
Spalling  and  Pulverized  Material 

IMPACT  BEHAVIOR  OF  FINE  GRAINED.  HIGH  STRENGTH  SANDSTONE 

The  harder  sandstones  exhibit  a  rather  interesting  behavior  upon  impact  with  un 
aluminum  beam.  This  type  of  sandstono  leaves  a  permanent  indentation  in  the  contaot 
plate.  In  addition,  a  conical  shaped  mound  of  the  rock  matoriul  remains  permanently 
embedded  in  the  plate.  Figure  10  shows  rock  specimens  for  5S  and  OS  along  with  the 
respective  contact  plates.  Sample  SS  exhibits  the  characteristic  fracture  that  ocours 
for  projoctile  velocities  above  1000  in./s  (25. 4  m/s).  One  can  see  the  conical  shaped 
cavity  both  radially  and  longitudinally  through  the  sample.  Figure  10  shows  a  side  view 
of  the  contact  plate  with  the  ombedded  conical  rook.  This  contact  plate  wus  potted  in  a 
hysol  epoxy  and  sectioned.  Figure  11  is  a  BOX  photomicrograph  that  shows  u  partial 
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IMPACT  BEHAVIOR  OF  GABBRO 


Representative  indentations  which  resulted  from  the  impact  of  gabbro  projectiles 
with  the  aluminum  beam  are  shown  in  Figure  12.  The  contact  plate  indentation  caused 
by  sample  2G  is  elliptically  shaped  and  measures  0. 18  in.  x  0. 12  in.  (0. 46  cm  x  0. 30 
cm)  while  that  associated  with  3G  is  D-shaped,  measuring  0. 18  in.  x  0. 15  in.  (0.46 
cm  x  0. 38  cm).  The  maximum  crater  depths  are  0, 013  in.  (0.  033  cm)  and  0. 016  in. 

(0.  041  cm)  respectively  for  2G  and  3G.  The  indented  surface  which  resulted  from  3G 
clearly  shows  a  replica  of  the  undulations  of  the  contact  surface  of  the  projectile. 


Figure  12.  Intact  Gabbro  Projectiles  and  Indented  Contact  Plato  |  Projectile 
Velocities  for  2G  and  3G  are  868  in./s  (22,0  m/s)  and  970  in./s 
(24.6  m/s)  1 

Both  projoctilos  experienced  a  secondary  impact  upon  rebound  of  tho  beam.  Tills 
secondary  impact  reduces  the  maximum  negutivc  displacement  of  the  beam  which  oc¬ 
curs  at  frame  number  60  in  Figures  13  and  14,  Both  curves  shown  significant  3rd 
mode  contribution  to  tho  total  displacement  as  well  as  evidence  of  5th  mode  participa¬ 
tion. 
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Figure  13.  Beam  Response  to  Impact  with  Gabbro  Projectile  2G 
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Figure  14.  Beam  Response  to  Impact  with  Gabbro  Projeotile  3G 


COMPARISON  OF  ROCK-BEAM  IMPACT  BEHAVIOR 

In  addition  to  the  extremely  valuable  16 -mm  high  speed  Rim  data,  strain  gage 
data  was  obtained  for  each  impact  experiment.  Strain  data  at  the  center  of  the  beam  is 
equally  as  important,  since  it  provides  additional  information  that  cannot  be  deduood 
from  the  film  data. 

After  collecting  strain  data  for  ouch  material  treated  in  this  investigation  it  bo- 
oaxne  apparent  that  each  material  exhibited  its  own  characteristic  dynamic  strain  re- 
or~mse,  or  mechanioal  signature.  A  comparison  of  beam  strain  response,  to  each 
t  '  -  of  rock  material  tested,  is  presented  in  Figure  15.  The  strain  responso  to  Indiana 
sandstone  projectilo  II.  S.  is  given  for  approximately  7.0  ms,  whioh  is  one-half  the 
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section  of  the  permanently  deformed  surface.  The  local  variations  along  the  profile 
are  due  to  the  deeper  penetration  of  the  hard  silica  grains  of  the  sandstone.  Figure  10 
also  shows  a  mound  of  embedded  sandstone  for  6S.  The  outline  with  the  plate  surface 
in  this  case  is  triangular. 


Figure  10,  High  Strength,  Fine  Grained  Figure  11.  Photomicrograph  (5QX) 

Sandstone  Projectiles  Following  Showing  Partial  Section  of 

Impact  (Impact  Plato  of  (5S)  Indentation 

Potted  and  Sectioned) 
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fundamental  period  of  the  beam.  The  periods  associated  with  the  1st,  3rd,  5th  and 
7th  normal  modes  of  vibration  of  the  beam  are  14  .  2,  1. 58,  0. 56  and  0. 289  ms  respec¬ 
tively.  The  first  few  milliseconds  for  each  response  is  the  zero-strain  reference, 
which  commences  when  the  cross  wires  in  the  path  of  the  projectile  touch,  thus  trig¬ 
gering  the  time  sweep  of  the  oscilloscope.  The  strain  record  for  II.  S.  indicates  a 
rather -slow  increase  in  strain  during  the  first  0.4  ms  following  contact.  This  be¬ 
havior  is  characteristic  of  all  Indiana  sandstone  projectiles  tested.  It  is  the  result  of 
an  impulse  upon  impact,  which  has  a  small  peak  contact  force  and  a  long-time  duration 
of  loading.  The  response  primarily  exhibits  1st  and  3rd  mode  participation.  Modal 
participation  can  be  deduced  from  the  strain  time  response  by  observing  the  time  in¬ 
terval  between  major  peak  values. 

The  strain  response  due  to  impact  with  gabbro  projectile  1G  has  an  entirely 
different  behavior.  Within  0. 100  ms  following  contact,  the  strain  at  the  center  of  the 
beam  is  over  1500  microstrains.  In  the  first  millisecond  one  oan  observe  significant 
5th  mode  participation  as  well  as  some  evidence  of  7th  mode.  This  response,  with 
considerable  high  frequency  content,  is  due  to  an  impulse  with  a  large  peak  force  hav¬ 
ing  a  short  time  of  oontact.  The  maximum  strain  for  II.  S.  is  2000  microstrains,  com¬ 
pared  with  1700  microstrains  for  1G,  However,  note  that  the  initial  kinetic  energy  of 
the  projectile  for  II.  S.  was  almost  3  times  that  of  1G. 

Figure  15  also  gives  strain  response  of  the  beam  upon  impaot  with  sandstone 
projectile  4S.  This  material  exhibits  .an  early  time  behavior  similar  to  the  gabbro. 
After  an  Initial  period  of  0.60  ms,  the  strain  behavior  appears  quite  similar  to  that  of 
the  Indiana  sandstone.  Although  this  material  is  not  as  hard  or  strong  as  the  gabbro, 
it  has  a  compressive  strength  of  three  times  that  of  the  Indianu  sandstone.  It  should 
therefore  be  able  to  develop  a  fairly  high  contact  force  upon  impact  before  fracturing. 
Secondary  impacts  occur  onoe  fracturing  begins.  Significant  pulverization  takes  place 
along  the  circumferential  edges  surrounding  the  embedded  mound  of  sand.  These 
secondary  impulses  tend  to  be  of  longer  time  duration  with  a  significantly  reduced 
magnitude. 
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ANALYTICAL  MODEL 


A  method  was  developed  for  predicting  the  dynamic  response  of  the  projectile  - 
beam  system.  The  problem  was  divided  into  three  areas:  (1)  Prediction  of  beam  mo¬ 
tion,  (2)  Prediction  of  projectile  motion,  and  (3)  Prediction  of  force  interaction  between 
the  beam  and  the  projectile  including  effects  of  localized  plastic  deformation  of  the 
beam  and  projectile,  and  fracture  of  the  projectile. 


The  motion  of  the  beam  can  be  conveniently  studied  using  the  normal  mode  method 
(9],  For  the  case  of  the  simply  supported  beam  which  was  studied,  the  characteristic 
mode  shapes  are  given  by 

<(>n(x)  -  sin  (1) 


where  i  represents  the  length  of  the  beam  and  n  -  1,  2,  For  this  analysis  the 

mass  of  the  contact  plate  was  negleoted,  being  less  than  3  percent  of  the  total  mass  of 
the  beam.  The  undamped  natural  frequencies  are  given  by 


2  2 
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where  El  is  the  flexural  rigidity  and  m  is  the  mass  per  unit  length.  The  total  deflection 
of  the  beam  can  be  written  as 

00 

y(t.x)  =2  An(t)<yx)  (3) 

n=l 

where  An(t)  is  the  modal  amplitude  which  is  obtained  by  solving  the  differential  equation 
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and  the  generalized  force 


i 

Pn(t)  =j  PM  Vx)dx  (6) 

0 

and  p(x,  t)  is  the  load  per  unit  length  acting  on  the  beam.  Also,  /3  =  c/2m  where  c  is 
the  beam  damping  per  unit  length. 

The  interaction  force  between  the  projectile  and  the  beam  was  estimated  from 
static  load-deflection  considerations.  In  the  case  of  a  strong  material  which  does  not 
fracture,  the  interaction  force  depends  on  the  elastic  deformation  of  the  beam  and  pro¬ 
jectile  and  on  the  localized  plastic  deformation  in  the  vicinity  of  the  impact  point. 

A  number  of  force  deformation  laws  have  been  developed  to  describe  the  static 
deflection  of  two  bodies  having  regular  shapes  (spheres,  cylinders,  plane  surfaoes). 
The  Hortz  Law  of  Contact  (  10]  ,  was  one  of  the  first  relationships  developed  to 
account  for  local  indentations  between  two  contacting  elastic  bodies.  This  law  is 
given  by 


If  one  considers  the  compression  of  a  sphere  against  a  flat  plato  for  example,  the 
constant  (k9)  is  a  funotlon  of  the  radius  of  the  sphere  and  the  matorlal  properties  of 
both  bodies.  The  (a)  torm  is  dofined  as  the  approach,  and  represents  the  maximum 
relotivo  compression  of  the  two  bodies, 

Other  laws  have  been  dovolopcd  to  account  for  plastic  contact  indentation.  One 
suoh  law  is  the  Meyers  Law  (10)  given  by  tho  omperioal  equation 

AM 

F  «  NAn  (8) 

where  (A)  is  tho  radius  of  the  pormnnont  crater.  For  the  case  of  a  sphere  contacting 
a  plane  surface,  constants  (N1  and  (it)  arc  a  function  of  material  properties  of  tho 
bodies  and  tho  radius  of  the  sphere.  For  metallic  materials  n  lias  been  found  to  vary 
between  2. 0  and  2. 5. 
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Ia  any  particular  case,  the  appropriate  form  of  the  relationship  can  be  deter¬ 
mined  by  a  static  compression  test.  An  example  of  the  form  of  this  relation  which 
was  used  in  this  study  for  nonfracturing  impact  cases,  such  as  those  involving  gabbro 
or  glass,  is  shown  in  Figure  16. 


Figure  16,  Contact  Spring  Force  Deflection  During  Loading  and 
Unloading  Phase  for  Computer  Model  Initial  Impact 

In  those  cases  involving  projectile  fracture,  a  simitar  procedure  can  be  followed, 
if  an  analytical  procedure  is  desired,  calculations  involving  fracture  initiation,  crack 
propagation  and  crack  arrest  can  lead  to  the  development  of  the  appropriate  force  in- 
teraetion  relation.  In  the  present  study,  this  relation  was  determined  by  static  com¬ 
pression  testing.  The  type  of  relation  which  was  used  is  illustrated  by  Figure  1?  which 
depicts  the  essence  of  the  results  of  the  static  test  for  Indiana  sandstone.  In  addition 
to  determining  the  nature  of  the  force  interaction,  information  must  also  be  obtained 
concerning  the  reduction  in  mass  of  the  projectile  which  is  associated  with  the  fracture 
process. 
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Figure  17.  Simplified  Resistance  Function  for  Indiana  Sandstone  Projectile 

The  analytical  computations  were  carried  using  the  component -element  method 
1 11  ).  The  component-element  method  computer  model  is  illustrated  in  Figure  IS. 

The  various  elements  used  to  describe  the  beam  response  are  obtained  from  the  ap¬ 
propriate  values  of  M  ,  o?n.  and  p*.  One  deg  ree  -  of-  freedom  is  assigned  to  the  motion 
of  the  projectile.  The  interaction  force  is  modeled  using  the  stop-elements  depicted 
in  the  figure  as  a  nonlinear  contact  spring.  The  entire  behavior  of  the  system  can  be 
predicted  if  care  is  taken  to  break  up  the  analysis  to  account  for  different  loading  and 
unloading  relations,  reduction  in  mass  of  the  fracturing  projectile,  rebounding,  mul¬ 
tiple  Impacts,  etc.  A  complete  discussion  of  the  analytical  model  and  results  is  given 
in  reference  1 12 ). 

The  degree  of  success  which  is  achieved  in  predicting  the  behavior  of  the  system 
is  illustrated  in  Figures  lb  and  i!0  which  show  the  experimental  and  predicted  strain 
restmnse  for  a  nonfracturing  and  fracturing  impact  situation.  The  procedure  appears 
to  be  capable  of  describing  rather  complex  behavior  with  a  comparatively  simple 
computational  methodology. 


SUP 


Zj  !  GEN  DISP  OF  PROJECTILE 

z2  :  GEN  DISP  OF  1st  MODE  OF  VIBRATION  OF  BEAM 

Zg  I  GEN  DISP  OF  3rd  MODE  OF  VIBRATION  OF  BEAM 

Z4  !  GEN  DISP  OF  Sth  MODE  OF  VIBRATION  OF  BEAM 

Zr  i  GEN  DISP  OF  7th  MODE  OF  VIBRATION  OF  BEAM 
5 

Zfl  !  GEN  DISP  OF  9th  MODE  OF  VIBRATION  OF  BEAM 


Figure  18.  Computer  Model  for  Impact  of  Nonfraoturing  Projoctile 
with  Aluminum  Simply  Supported  Beam 
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(a)  Experimental  Strain  Response 


(a)  Experimental  Strain  Response 
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Figure  10.  Comparison  of  Experimental  Ftguro  20.  Comparison  between  Export - 
and  Analytical  Beam  Strain  mental  and  Analytical  Strain 

Rosponso  (Glass  Sphere  Response  (Indiana  Sandstone 

Projectile)  Projoctile) 

The  analytical  results  also  provided  information  regarding  energy  distribution 
upon  Impact.  For  Indiana  sandstone,  70%  of  its  energy  goes  into  the  fraoturing  process 
while  only  22%  is  absorbed  by  the  beam  in  the  form  of  vibrational  energy.  The  beam 
indentation  is  superficial  and  accounts  for  only  n  few  percent  of  tho  system  energy. 

o 

Tho  higher  strength  sandstono,  having  a  compressive  strength  of  11400  Ib/ln,  ** 

(80. 1  MPa)  produces  a  significant  indentation,  in  addition  to  loaving  a  conical 
mound  of  material  embedded  in  tho  beam.  Ear  tho  igneous  rook,  approximately 
35%  of  its  energy  goes  into  producing  permanent  localised  indentations,  for 
projoctile  velocities  In  the  range  of  800  to  1000  in./s  (20.3  to  25.4  m/s). 
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SUMMARY 


Beam  strain  response  is  strongly  influenced  by  projectile  strength  and  hardness. 
Projectile  shape  appears  to  have  only  minor  effect  on  the  beam  vibration  and  its  as¬ 
sociated  mechanical  signature.  Regardless  of  projectile  shape  in  a  given  material 
type,  the  mechanical  signatures  are  similar  over  a  range  of  velocity.  The  mechanical 
signatures  are  for  the  most  part  a  function  of  the  time  duration  of  contact  between  the 
projectile  and  the  beam.  The  major  difference  is  that  strain  amplitudes  naturally  will 
increase  with  increased  projectile  velocity.  It  has  been  observed  that  the  blunt  shaped 
projectiles  of  a  given  mass  in  Indiana  sandstone  require  greater  velocity  to  fracture 
than  those  of  equivalent  mass  having  a  pointed  shape.  In  any  event,  regardless  of 
whether  or  not  the  projectile  completely  fractures  or  remains  intact  following  some 
material  loss,  the  mechanical  signatures  of  Indiana  sandstone  are  quite  similar. 

A  viable  procedure  has  been  developed  for  predicting  dynamic  response,  impulse 
and  localized  permanent  deformation  of  a  beam  upon  impact  with  both  fracturing  and 
nonfracturing  rock  projectiles.  Experimental  and  analytical  results  from  computer 
models  were  compared  and  found  to  be  in  fairly  good  agreement. 
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JOHN  V.  KELLEY 

Army  Materials  and.  Mechanics  Research  Center 
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ABSTRACT 


In  this  work  we  present  the  results  of  shock  loading  experiments  on  MAR- 
M200.  MAR-M200  is  a  vacuum  induction  melted  and  vacuum  cast  nickel  base  pre¬ 
cipitation  hardening  alloy.  It’s  ambient  density  is  0.310  lb/cu.in.  (8.59 
Mg/m3).  The  values  of  Young’s  and  Shear  moduli,  and  Poisson's  ratio  are  deter¬ 
mined  to  be  27.7  MSi  (191  GPa),  10.4  MSi  (72  GPa),  and  1/3,  respectively.  The 
results  of  shock  loading  experiments  show  that:  (a)  MAR-M200  deforms  in  a 
linear  elastic  manner  to  a  maximum  stress  of  0.42  MSi  (2.87  GPa)  at  zero  depth, 
(b)  the  elastic  deformation  of  MAR-M200  is,  however,  limited  to  a  stress  of 
0.13  MSi  (0.92  GPa)  at  a  depth  of  0.301  in  (7.8mm),  (c)  the  deformation  of 
MAR-M200  above  the  appropriate  elastic  stress  limit  does  not  appear  to  be  like 
that  of  an  elastic-plastic  solid  under  shock  compression,  and  (d)  the  spall 
threshold  of  MAR-M200  lies  between  0.551  and  0.653  MSi  (3.8  and  4.5  GPa). 

INTRODUCTION 


MAR-M200  is  a  vacuum  induction  melted  and  vacuum  cast  nickel  base  pre¬ 
cipitation  hardening  alloy.  It  contains  relatively  large  amounts  (12,8%  by 
weight)  of  tungsten  for  solid  solution  strengthening  (Table  I)  and  carbide 
formation.  Cobalt  is  added  to  increase  the  solubility  temperature,  i.e.,  the 
solvus  temperature  of  the  gamma  prime  hardening  phase,  a  primary  precipitate 
phase  of  MAR-M200,  This  alloy  was  developed  to  retain  useful  strength  to 
1899  F  (1310  K),  mainly  as  a  cast  turbines  and  vanes  in  gas  turbine  applica¬ 
tions.  Recently,  there  has  been  some  interest  in  determining  the  response  of 
this  material  when  subjected  to  both  high  pressures  and  elevated  temperatures. 
The  above  interest  is  generated  primarily  because  of  the  low  thermal  expansion 
coefficient,  high  thermal  conductivity,  high  elastic  modulus,  and  moderate 
density  of  MAR-M200.  There  exists  a  fairly  good  amount  of  data  pertaining  to 
variation  in  its  physical  and  metallurgical  properties  at  elevated  temperatures 
at  one  atmospheric  pressure  because  of  its  earlier  applications  in  gas  turbines, 
aircraft  engine  blades,  etc.  The  information  with  regard  to  variation  in  these 
properties  of  MAR-M200  at  high  pressures,  however,  has  not  been  collected. 

The  present  investigation  was  undertaken  to  initiate  the  process  of  offsetting 
the  said  lack  of  information  on  MAR-M200.  The  present  work  reports  the  observed 
response  of  MAR-M200  to  shock  loading  at  room  temperature  72  ±  8  F  (295  ±  5  K) . 
The  maximum  stress  that  MAR-M200  was  subjected  to  in  the  present  investigation 
was  around  1.3  x  106  psi  (9.0  GPa).  The  observed  response  comprises  of  Hugoniot 
of  MAR-M200,  the  nature  of  deformation,  stress  wave  profile,  and  spall  thres¬ 
hold  in  MAR-M200. 
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TABLE  I  COMPOSITION  OF  MAR-M200 


Element 

Weight 

Percent 

Element 

A1 

5.11 

Cr 

B 

Cu 

C 

Fe 

Cb 

0.97 

Mn 

Co 

10.18 

Si 

Weight  Weight 


Percent 

Element 

Percent 

8.82 

Ti 

2.19 

0.10 

W 

12.85 

0.20 

Zr 

0.05 

S 

0.01 

0.10 

Ni 

Balance 

-59.2 


Figure  1.  A  Photomicrograph  of  As-Received  MAR-M200 

Showing  the  Heterogeneity  of  the  Grain  Size 


DESCRIPTION  OF  MAR-M200 


The  composition  of  MAR-M200  used  in  the  present  investigation  is  given 
in  Table  I.  The  presence  of  the  various  elements  are  carefully  controlled  to 
provide  desirable  mechanical  property  in  the  range  of  serviceable  temperature. 
Briefly,  nickel,  cobalt,  tungsten,  chromium,  and  iron  make  up  the  face  centered- 
cubic  austenite  (y)  matrix.  The  elements  aluminum,  titanium  and  niobium,  make 
up  the  gamma  prime  (y1)  precipitate  Ni3  (Al,  Ti,  Cb) .  Boron,  carbon,  and 
zirconium  are  the  elements  which  segregate  to  grain  boundaries  and  are  mostly 
carbides  of  the  type  M23C6  and  MgC.  The  principal  thing  to  note  is  that  desir¬ 
able  high  temperature  properties  of  a  nickel  alloy  stems  from  coherent  pre¬ 
cipitation  of  y1  phase  with  austenite.  A  detailed  discussion  of  nickel  alloy 
composition  and  their  effect  on  physical  metallurgy  and  mechanical  properties 
will  be  found  in  [1], 

The  as-cast  MAR-M200  used  in  the  present  investigation  has  a  density  of 
0.310  ±  0.001  lb/cu.in.  (8.59  ±  0.04  Mg/m3).  The  material  is  extremely  inhomo¬ 
geneous  with  respect  to  the  grain  size  as  shown  in  Figure  1.  This  inhomogeneity 
of  MAR-M200  pervades  through  the  bulk  of  the  material.  As  a  consequence  it  has 
been  difficult  to  measure  velocities  of  elastic  waves  in  MAR-M200  by  means  of 
ultrasonic  techniques  with  a  very  high  precision.  The  magnitudes  of  longitud¬ 
inal  and  shear  elastic  wave  velocities  in  MAR-M200  determined  by  an  ultrasonic 
method,  due  to  Martin  [2],  were  found  to  be  19.07  ±  0,3  kft/s  (5.78  ±  0.09 
km/s),  and  9.54  ±  0.1  kft/s  (2,89  ±  0.04  km/s) ,  respectively.  These  coupled 
with  the  density  of  MAR-M200  yield  a  value  of  27.7  ±0.1  MSi  (191  ±  10  GPa) 
for  its  Young's  modulus.  The  reported  value  of  Young's  modulus  for  MAR-M200 
in  Ref,  [3]  is  31.5  MSi  (217  GPa),  It  is  not  possible  to  comment  on  the  dif¬ 
ference  between  these  two  estimates  of  the  Young's  modulus  of  MAR-M200  at 
least  partly  because  the  precision  of  the  magnitude  31.5  x  106  psi  (217  GPa) 
is  not  reported  in  Ref.  3,  Since  the  ratio  of  the  longitudinal  and  shear  wave 
velocities  is  2,  it  implies  that  Poisson's  ratio  of  MAR-M200  is  1/3  and  the 
values  of  Young's  and  bulk  moduli  are*. the  same. 

Mar-M200  was  cast  by  Hitchner  Manufacturing  Co.,  Milford,  NH,  in  the 
form  of  rectangular  plates  roughly  11.8  in.  x  5.9  in,  x  0.16  in,  (30cm  x  15cm 
x  0.4cm)  in  dimensions.  The  specimens  of  MAR-M200  fabricated  from  these  plates 
were  square  disks  with  1,2  in,  (3cm)  sides  and  thickness  between  0.079  in. 

(0.2cm)  and  0.157  in.  (0.04  cm).  The  specimens  were  lapped  flat  to  2  x  10"4 
in.  (5ym)  and  the  opposing  faces  of  the  disks  were  mutually  parallel  to  each 
other  within  2  x  10"4  over  the  entire  faces. 

SHOCK  EXPERIMENTS 

The  shock  loading  experiments  were  performed  on  tho  4-inch  (10.2cm)  dia¬ 
meter,  28  ft  (8,5m)  long  light  gas  gun  at  AMMRC.  Tho  description  of  the  gun 
and  associated  recording  instruments  to  determine  the  response  of  a  material 
to  shock  loading  are  given  in  Ref.  4,  The  shock  loading  response  of  MAR-M200 
was  determined  by  performing  six  direct  impact  and  two  transmission  experi¬ 
ments,  Brief  description  of  those  two  types  of  experiments  are  given  below. 


In  a  direct  impact  experiment,  a  specimen  of  MAR-M200  mounted  on  a  pro¬ 
jectile  impacted  either  an  x-cut  quartz  gauge  or  a  thin  buffer-quartz  gauge 
composite  in  a  target.  The  buffer  used  was  either  a  tungsten  carbide  or  a 
sapphire  or  a  lucalox  disc.  These  buffer  materials  deform  in  an  almost  linear 
elastic  manner  to  1,45  MSi  (10  GPa)  under  shock  loading.  In  either  type  of 
direct  impact  experiment,  stress  (o)  and  particle  velocity  (u)  at  the  impact 
surface  are  obtained  from  the  response  of  an  x-cut  quartz  gauge  and  from  a 
knowledge  of  the  Hugoniot  of  the  buffer  (in  the  present  case  the  buffer  are 
linearly  elastic),  and  impact  velocity  of  the  projectile.  For  the  range  of 
stress,  i.e.,  a  maximum  of  1,3  MSi  (9.0  GPa)  in  which  these  experiments  were 
performed  both  sapphire  and  tungsten  carbide  are  very  nearly  linearly  elastic 
under  shock  compression  and  release  [5,6].  The  final  stress  in  quartz  never 
exceeded  0.6  MSi  (4,0  GPa)  limit  of  the  gauge  operation  [7],  The  data  obtained 
from  the  direct  impact  experiments  provided  information  about  the  initial  shock 
compression  states  of  MAR-M200  and  subsequent  release  states  attained  in  it 
when  the  buffers  used  were  thin  disks.  The  method  of  extracting  these  infor¬ 
mation  and  a  detailed  description  of  these  experiments  are  given  in  Refs.  8, 

9,  and  10. 

In  a  transmission  experiment,  a  projectile  containing  a  material  whose 
shock  response  is  known  impacted  a  disk  of  MAR-M200  behind  which  an  x-cut 
quartz  gauge  was  bonded.  The  x-cut  quartz  gauge  provided  the  stress-time  pro¬ 
file  which  in  turn  yielded  the  information  about  the  manner  in  which  shocked 
states  or  shock  induced  deformations  were  brought  about  in  MAR-M200  of  a  given 
thickness.  This  type  of  experiment  has  been  routinely  performed  since  the 
inception  of  shock  wave  experiments  to  determine  equation  of  state  of  a  mater¬ 
ial  and  a  description  of  this  type  of  experiment  may  be  found  in  Ref.  8. 

In  the  present  series  of  experiments  the  physical  entities  moasurod  wore 
impact  velocity,  stress-time  profile  at  the  impact  surface  or  the  propagated 
impact  stress-time  profile  at  a  finite  thickness  of  MAR-M200  and  shock  wave 
velocity  through  MAR-M200  in  transmission  experiments,  x-cut  quartz  gaugos  with 
1  in.  (25.4mm)  diameter  and  0,126  in.  (3,2mm)  thicknoss  wore  used  to  obtain 
stress  profiles.  These  gaugos  were  used  in  shunted  mode  except  in  those  diroct 
impact  experiments  where  oither  sapphire  or  lucalox  disks  wore  usod  as  buffer. 
In  these  experiments  tho  gaugos  were  usod  in  shorted  mode  with  tho  ratio  of 
guard  ring  width  and  thicknoss  of  tho  gauge  exceeding  a  valuo  of  3,  This 
enablod  us  to  uso  the  calibration  coefficient  of  Graham  in  reducing  tho  quartz 
gauge  records  [7], 

Tho  maximum  uncertainties  in  tho  oxperimontally  determined  values  of 
impact  volocity,  stress,  particle  volocity,  and  shock  velocity  uro  0.5,  3,  3, 
and  4%,  respectively.  Tho  tilt  botwoon  tho  impacting  surfacos  was  loss  than 
0.5  mrad. 

RESULTS  OF  SHOCK  HXPHRlMliNTS 

Tho  results  of  shock  experiments  are  summarized  in  Tables  II  and  III, 
and  thoso  rosults  aro  plotted  in  stress  (a)  and  particle  volocity  (u)  plane  in 
Figure  2.  The  rosults  aro  givon  in  SI  units.  However,  wherever  possiblo, 
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graphical  representation  of  the  results  are  given  in  both  SI  and  English  units, 
A  conversion  tablo  for  the  computation  of  various  entities  from  SI  to  English 
units  are  given  in  Appendix  A. 

A.  Compression  States 

Tho  rosults  of  six  direct  impact  experiments  on  MAR-M200  are  summarized 
in  Tablo  II.  Those  rosults  show  that  the  response  of  MAR-M200  when  shockod 
below  around  0,435  MSi  (3.0  GPa)  appears  to  be  olastic  and  its  rosponso  above 
this  stress  is  non-elastic.  The  rosponso  of  MAR-M200  below  0,435  MSi  (3.0  GPa) 
is  termod  olastic  bocauso  (o,u)  coordinates  of  experiments  1  and  14  lie  on  a 
straight  line  givon  by  an  equation 

o  «*  49,8  u  o  <  2.87  GPa  (1) 

Whore  49.8  Gg  m“2s"1  is  tho  longitudinal  elastic  impodanco  of  MAR-M200  derived 
from  tho  product  of  moasured  longitudinal  sound  speed  of  19.07  kft/s  (5.8  kra/s) 
and  its  density  0.310  lb/in.3  (8.59  Mg/m3)  given  earlier  in  the  section 
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"Description  of  MAR-M200". 

The  locus  of  the  compressed  state,  i.e.,  (o,u)  coordinates  of  the  remain¬ 
ing  four  experiments  may  be  represented  by  the  following  equation  (2) 

o  =  0.6581  +  38.37  u,  2.87  <  a  <  8.56  GPa  (2) 

Tile  above  equation  is  the  least  squared  fit  to  the  four  points.  The  standard 
error  of  the  estimate  of  stress  (c)  is  ±  0.1  GPa. 

The  intersection  of  equations  (1)  and  (2)  is  taken  to  be  the  limit  of 
linear  elastic  behavior  of  MAR-M200  under  shock  loading,  i.e.,  Hugoniot  Elastic 
Limit  (HEL)  of  MAR-M200.  The  value  of  HEL,  i.e.,  aQ  =  0.416  MSi  (2.87  GPa) 
and  the  value  of  associated  particle  velocity  (u)  is  189  ft/s  (0.0576  km/s). 

The  density  of  MAR-M200  at  the  HEL  is  0.313  lb/cu  in.  (8.7  Mg/m3). 

B.  Release  State 


The  release  behavior  of  MAR-M200  from  its  compressed  states  were  obtained 
in  three  experiments  (Table  II).  The  buffers  in  these  experiments  were  disks 
of  sapphire,  or  lucalox  or  tungsten  carbide.  The  results  of  these  experiments 
indicate  that  the  stress  in  MAR-M200  is  released  elastically  from  its  various 
compressed  states.  The  values  of  release  impedances  calculated  from  the  (c,u) 
coordinates  of  the  compressed  and  end  release  states  vary  botween  10.4  and 
11.5  Mlb  ft"2s~l  (51  and  56  Gg  nr2s-1),  Sinco  the  values  of  impedances  are 
uncertain  to  ±  6%,  the  initial  release  impedance  of  MAR-M200  can  bo  represented 
by  the  average  of  these  impedances^  i.e. ,  10.8  ±  0.6  Mlb  ft'2s-1  (53  ±  3 
Gg  m"2s-1). 

C.  Transmitted  Stress  Wave  Profile 


Two  experiments  were  done  on  specimens  of  thicknesses  0,156  in.  (3.96mm) 
and  0.307  in.  (7.81mm)  to  induce  a  peak  stress  in  the  neighborhood  of  0.87  MSi 
(6  GPa).  The  thickor  spoeimon  was  actually  two  disks  of  MAU-M200  bonded  to¬ 
gether  by  means  of  epoxy,  bocauso  of  the  limited  thicknoss  of  the  MAR-M200 
plates  supplied.  The  purposo  of  these  experiments  in  addition  to  determining 
the  transmitted  stress  wave  profile  in  MAR-M200  was  to  induce  a  tension  in  the 
neighborhood  of  0.435  MSi  (3  GPa)  and  see  if  it  has  boon  spalled. 

The  quantitative  results  derived  from  tho  observed  wave  profiles  shown 
in  Figure  3  are  given  in  Table  III,  Hie  observed  or  calculated  values  of  o 
and  u  are  also  plotted  in  Figure  2.  Theso  coordinates  appear  to  bo  consistent 
with  tho  (o,u)  coordinates  dorivod  from  the  direct  impact  experiments  where 
stross  oxeeodod  the  value  of  HEL.  Those  experiments  also  show  that  the  defor¬ 
mation  or  loading  of  MAU-M200  under  shock  proceeds  in  two  stages.  Tho  initial 
deformation,  represented  by  tho  first  stress  jumps  in  the  profiles,  is  elustic. 
However,  tho  stress  limits  of  elastic  deformation  are  only  0.154  MSi  (1.06  GPa) 
and  0.133  MSi  (0,92  GPa)  for  the  specimens  with  thicknesses  0,156  in.  (3.96mm) 
and  0.307  in.  (7*81mm),  respectively.  Those  values  are  much  smaller  than  the 
obsorved  value  of  HEL  at  tho  irapuet  surface  of  MAR-M200,  i.o.,  0.416  MSi  (2,87 
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Figure  3.  Transmitted  Stress  Wave 
Profiles  As  Recorded 
By  Quartz  Gauges 


Tensile  Stress  3.8  GPa 


Figure  4,  Spall  Threshold  in 
MMUN200  -  Shock 
Propagates  From  The 
Bottom  To  lit©  Top  Of 
Fach  Photograph , 

Mag.  SOX 


Pulse  Width:  0.9  fis  width:  0.1 8  Mt 


Pulse  Width:  0.9  Hi  Pulse  Width:  0.36  Ms 
Tensile  Strew  4,5  GPa 
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GPa)  at  zero  thickness.  Such  a  decay  in  elastic  precursor  has  been  also 
observed  in  other  alloys  like  6061-T6  Al.  In  other  words,  the  strain  rate 
effect  of  shock  loading  on  the  elastic  precursor  is  significant  in  MAR-M200 
and  must  be  taken  into  account  for  wave  propagation  calculations  and  their 
interactions. 

The  transmitted  wave  profile  also  appears  to  be  centered,  i.e.,  the  mag¬ 
nitude  of  final  deformation  wave  velocity  following  the  elastic  precursor  is 
invariant  with  respect  to  the  specimen  thickness.  The  average  value  of  the 
final  deformation  or  compression  wave  velocity  is  14.96  kft/s  (4.56  km/s),  and 
it  is  this  deformation  wave  which  subsequently  takes  MAR-M200  to  its  final  com¬ 
pressed  state  of  0.944  MSi  (6.5  GPa)  in  these  two  experiments. 

D,  Spall  Threshold 


It  was  mentioned  earlier  that  the  transmitted  wave  experiments  described 
previously  were  designed  to  induce  a  tension  of  approximately  0,435  MSi  (5.0 
GPa)  in  MAR-M200.  A  subsequent  calculation  based  on  the  rosults  of  these  two 
experiments  and  Hugoniots  of  sapphire  and  quarts  indicated  that  MAR-M200  spec¬ 
imens  were  subjected  to  a  tensile  stress  of  magnitude  0.537  MSi  (3.7  GPa). 

The  spall  planes  in  the  thinner  and  thicker  specimens  were  estimated  to  be 
located  at  0.051  in.  (1.3nui.)  and  0.224  in.  (5.7mm)  from  the  respective  impact 
surfaces  of  these  specimens.  The  tension  pulses  were  approximately  of  0.9us 
durations  for  both  specimens.  Examinations  of  the  recovered  specimens  of  MAR- 
M200  did  not  indicate  any  evidence  of  spall  in  them.  Hence  it  was  decided  to 
do  two  experiments  to  determine  spall  threshold  in  MAR-M20Q.  The  details  of 
these  two  experiments  are  given  in  Table  IV.  These  experiments  were  done  to 
induce  tensile  pulses  of  0,653  MSi  (4.5  GPa)  with  durations  of  0.56  and  0.9us 
and  0.551  MSi  (3.8  GPa)  with  durations  of  0.18  and  Q.9us  in  two  specimens  of 
MAR-M200  in  each  of  the  two  experiments.  Hie  results  of  these  two  experiments 
are  shown  in  Figure  4.  This  figure  indicates  that  for  a  pulse  duration  in  the 
range  of  0,18  and  0,9ps,  the  spall  threshold  of  HAR-M2Q0  lies  between  0.551 
and  0.653  MSi  (3.8  and  4.5  GPa). 


TABLE  IV  DETAILS  OF  SPALLATION  EXPERIMENTS 
IN  MAR-M2O0  (IMPACTEE) 


tmpactor  i mime tee  Tension  Pulse 


Experiment 

Material 

Thickness 

(mm) 

Vblocity 

(km/S) 

Thickness 

(we). 

Magnitude 

(GPa) 

Duration 

(as) 

20 

Lucalox 

** 

0.195 

1,65 

4.4 

0,30 

21 

Sapphire 

5 

0.195 

3.87 

4.5 

0.94 

.  22 

Sapphire 

1 

0,161 

1.10 

3,8 

0.18 

23 

Sapphire 

S 

0.161 

3.77 

3.8 

0.92 
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Figure  5.  Compression 
Of  MAR-M200.  Semi- 
Continuous  Curve  Is 
Estimated  From  The 
Ambient  Ultrasonic 
Wave  Velocity 
Measurements  On 
MAR-M20O 


DISCUSSION 


The  results  of  the  experiments  on  MAR-M200  which  merit  some  discussion 
are  the  observed  low  values  of  congressional  wave, velocity  following  the 
elastic  precursor.  We  will  elaborate  the  above  results  to  understand  the 
observed  response  of  MAR-M20Q  to  shock  loading. 

It  is  clear  from  Table  II  and  III  that  the  velocity  of  the  slow  moving 
stress  wave  (U)  which  is  responsible  for  the  inolastic  deformation  of  MAR-M200 
following  the  elastic  deformation  r  ges  between  13,95  kft/s  (4,25  km/s)  and 
15,09  kft/s  (4/60  km/s).  If  the  equation  (2)  is  taken  to  represent  the  state 
of  MAR-M200  above  the  HEL,  then  the  velocity  has  an  invariant  value  of  14,7 
kft/s  (4,47  km/s).  These  values  are  consistently  lowor  than  the  bulk  sound 
speed  (UB)  of  15.48  kft/s  (4.72  km/s).  The  difference  in  the  values  of  the 
hulk  sound  and  inelastic  deformation  velocities  is  small  but  would  be  of 
significance  if  the  inequality 
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U  <UB  (3) 

continues  to  hold  for  experiments  where  peak  stress  induced  in  MAR-M200  is 
just  above  HEL.  This  inequality  is  one  of  the  properties  of  a  solid  which 
deforms  like  an  elastic-isotropic  solid  under  shock  loading  [5],  The  effect 
of  such  a  deformation  is  that  when  shock  compression  of  an  elastic-isotropic 
solid  is  compared  with  its  hydrostatic  compression  curve,  the  coordinates  of 
the  former  tend  to  move  towards  the  latter  with  increasing  value  of  stress. 

This  appears  to  be  the  case  when  one  plots  the  stress-relative  volume  (V/y 
or  P0/p)  for  MAR-M200  obtained  from  the  shock  compression  experiments  and  0 
the  hydrostatic  compression  curve  calculated  from  the  bulk  sound  speed  in  MAR- 
M200  (Figure  5).  The  hydrostatic  compression  curve  in  Figure  5  is  the  limit 
of  maximum  compressibility  of  MAR-M20Q  since  it  assumes  no  increase  in  its  bulk 
modulus  with  pressure.  The  above  result  suggests  that  the  deformation  of  MAR- 
M200  appears  to  proceed  more  like  an  elastic-isotropic  solid  than  an  elastic- 
plastic  solid  under  shock  compression.  The  inability  of  a  metallic  material 
to  withstand  a  decreasing  amount  of  shear  stress  at  high  compression  is 
uncommon  but  is  not  unknown.  Polycrystalline  tungsten  shows  such  a  behavior 
[11,12].  Hcwever,  to  put  the  observed  behavior  of  MAR-M200  on  a  more  sound 
basis,  more  transmission  experiments  must  be  performed  on  it  at  various  stress 
levels.  If  these  experiments  tend  to  confirm  the  results  of  the  present  inves¬ 
tigation,  an  explanation  for  the  deformation  behavior  of  MAR-M20O  must  be  pre¬ 
sented  or  sought  in  terms  of  the  deformation  behavior  of  its  constituents, 

SUMMARY 

The  principal  results  of  shock  compression  experiments  reported  hero  may 
be  summarized  as  follows: 

1.  The  deformation  of  MAR-M2G0  appears  to  proceed  in  linear  elastic 
manner  provided  stress  is  below  0,416  MSi  (2*87  GPa). 

2.  The  value  of  HEL  is  dependent  on  the  thickness  of  MAR-M200,  It 
declines  from  2.87  GPa  at  zoro  depth  to  0.92  GPa  at  (7.81mm)  of  MAR-M200, 

3.  Tho  deformation  above  the  HEL  proceeds  by  the  propagation  of  a  shock 
with  a  velocity  lower  than  tho  bulk  sound  speed  in  MAR-M200, 

4.  A  two-wave  shock  structure  is  developed  in  MAR-M200  which  uppeurs  to 
be  centered. 

5.  Tho  deformation  of  MAR-M20G  under  shock  loading  appears  to  bo  akin 
to  the  deformation  of  on  elastic-isotropic  solid. 

6.  The  spall  threshold  of  MAR-M200  lies  between  (3.8  GPa)  and  (4.8  GPa) 
for  a  tension  of  duration  botween  0.18  and  0*9ys. 
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APPENDIX 


TABLE  AI  CONVERSION  TABLE  FOR  CALCULATING  THE  MAGNITUDE 
OF  VARIOUS  ENTITIES  FROM  SI  TO  BRITISH  UNITS 

_ Units _  Multiply  SI  Units  by  the 

Following  to  Calculate  Values 


Item 

SI 

British 

in  British  Units 

Length 

Meter  (m) 

Feet  (ft) 

3.280 

Weight 

Kilogram  (kg) 

Pound  (lb) 

2.205 

Velocity 

km/s 

ft/s 

3.280 

Density 

Mg/m3 

lb/in3 

0.03616 

Stress 

GPa 

MSi 

0.14504 

Impedance 

Gg  nr2s_1 

M  lb  ft"2s-1 

0.2048 
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ABSTRACT,. 

A  preliminary  study  of  the  nature  of  dynamic  fracture  in  a  bi -phase 
lamellar  eutectic  metal  is  made  by  a  finite-difference  computer  code 
simulation.  Through  the  simulation,  the  mode  and  location  of  incipient 
fracture  are  predicted,  and  these  are  compared  to  experimental  results. 

The  case  where  an  initially  planar  shock  pulse  traveling  parallel  to  the 
direction  of  the  lamellae  is  considered.  Incipient  fracture  is  predicted 
through  the  use  of  the  cumulative  damage  spall  model,  based  on  a  maximum 
principle  stress  criterion  for  the  damage  threshold. 

Results  of  the  simulation  show  that  incipient  fracture  occurs  in  the 
intermetallic  CoAl  phase,  and  along  the  interphase  boundary.  Dynamic 
fracture  experiments  with  soft  recovery  of  the  lamellar  cobalt-aluminum 
eutectic  using  a  bi-crystal  have  been  performed.  The  experimental  results 
indicate  that  incipient  dynamic  fracture  occurs  throughout  the  CoAl  phase 
and  .along  the  interphase  boundary  and  at  approximately  the  stress  level 
predicted.  Thus  good  agreement  between  the  experimental  results  and  the 
simulation  was  achieved. 


INTRODUCTION 


Solid  mechanics  in  modern  defense  system  design  is  frequently  concerned 
with  either  reducing  or  maintaining  the  integrity  of  structures  under  impact 
loading.  Traditional  structural  design  analyses  typically  model  structural 
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materials  with  a  single  phase  macroscopic  description.  The  actual  micro¬ 
structure  of  structural  materials  is  usually  neither  homogeneous  nor 
single  phase.  More  often  it  is  multiphase  in  a  manner  similar  to  a  com¬ 
posite  material  where  there  is  a  matrix  and  reinforcing  second  phase,  al¬ 
though  the  characteristic  dimensions  of  such  microstructures  are  generally 
quite  small.  Nevertheless,  the  microstructure  of  a  material  is  known  to  in¬ 
fluence  its  response  to  some  loading  conditions  [1].  For  example,  it  is 
believed  that  the  interphase  boundary  in  these  multiphase  materials  is  re¬ 
sponsible  for  some  of  the  strengthening  effect  observed  in  dynamic  loading 
conditions.  To  exploit  the  strengthening  effect,  as  well  as  other  effects, 
it  is  necessary  to  understand  the  effect  of  the  interphase  boundary  during 
dynamic  loading  and  the  nature  of  fracture  in  multiphase  materials. 

Shock  induced  fracture  has  been  studied  since  the  early  1900's,  but 
most  of  the  studies  have  been  in  single  phase  materials  or  multiphase 
mixtures  considered  to  be  single  phase  and  homogeneous.  Little  work  has 
been  done  to  predict  fracture  in  multiphase  materials  where  the  individual 
phases  retain  their  character.  Some  investigators  have  studied  various 
laminated  composites  in  different  orientations  to  the  wave  front  and  have 
found  that  the  primary  fracture  mode  under  shock  loading  conditions  was 
debonding  in  most  cases  [2,3].  In  these  works  the  materials  studied  were 
manufactured  from  their  individual  components.  It  is  to  be  noted,  however, 
that  in  manufactured  composites  the  bond  is  usually  weaker  than  either  of 
its  constituent  phases;  debonding  is  not  unusual.  With  other  multiphase 
materials,  this  may  not  be  the  case. 

One  interesting  class  of  those  multiphase  materials  which  do  not 
necessarily  debond  are  the  naturally  occurring,  "as-formed",  in  situ 
metallic  eutectics.  Compared  to  the  relatively  weak  interphase  bonds  in 
most  manufactured  composites,  the  interphase  interfaces  in  eutectics  are 
known  to  be  interfaces  of  "best  fit"  and  are  not  necessarily  weak  [4], 

The  additional  strength  at  the  interphase  boundary  in  the  eutectics  results 
from  a  chemical  equilibrium  between  the  phases  [5].  To  the  authors'  know¬ 
ledge  there  have  been  no  dynamic  fracture  studies  reported  in  the  literature 
on  such  materials  where  properties  of  constituent  phases  are  considered 
individually. 


OBJECTIVE 


In  this  work,  an  in  situ  lamellar  eutectic  of  the  cobalt-aluminum 
system  is  considered  in  an  analytical  and  experimental  program  to  predict 
and  verify  the  mode,  location,  and  conditions  of  shock-induced  incipient 
fracture.  The  objective  is  to  further  understand  the  role  of  the  inter¬ 
phase  boundary  in  shock  induced  fracture  of  multiphase  materials. 

Although  the  cobalt-aluminum  eutectic  is  not  a  common  structural 
material,  it  was  chosen  because  of  its  known  ability  to  form  a  symmetrical 
and  regular  bi-phase  structure.  Because  of  the  difficulties  in  describing 
shock  produced  fracture  in  any  arbitrary  orientation,  only  one  specific 
case  will  be  considered:  an  initially  planar  shock  front  of  known  pressure 
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and  duration  is  to  be  impinged  on  the  lamellar  eutectic  such  that  the  shock 
front  is  propagating  parallel  to  the  lamellae,  as  shown  schematically  in 
Figure  1,  with  the  planar  wave  front  propagating  in  the  x-direction. 

5  -1 

Because  of  typical  strain  rates  of  10  seconds  or  greater  and  loading 
and  unloading  time  in  the  nanosecond-microsecond  range,  observing  the  shock 
induced  fracture  process  is  difficult.  This  difficulty  is  compensated  for 
by  analytical  techniques  used  to  simulate  the  wave  motion  from  fundamental 
principles  through  use  of  a  digital  computer  and  appropriate  numerical  tech¬ 
niques. 

The  material  constitutive  equations  are  required  to  compute  the  wave 
response  to  some  loading  condition.  Properties  for  describing  dynamic  re¬ 
sponse  are  different  from  those  used  to  describe  quasi-static  response,  the 
most  outstanding  of  these  is  the  dynamic  stress-strain  relation  in  compression 
termed  a  "Hugoniot".  From  the  data  obtained  in  shock  wave  experiments  and 
the  application  of  the  well  known  Rankine-Hugoniot  jump  conditions,  the 
Hugoniot  stress-strain  relation  is  defined. 

To  determine  when  fracture  occurs  in  the  lamellar  eutectic,  a  fracture 
criterion  must  be  specified.  Many  dynamic  fracture  models  have  been  de¬ 
veloped  and  could  be  used,  but  one  is  needed  that  can  accommodate  only  a 
small  amount  of  experimental  data.  In  this  study  it  is  assumed  that  if 
fracture  can  be  predicted  in  a  single  phase  with  its  loading  history  known, 
then  it  can  be  predicted  in  a  bi -phase  material,  if  the  fracture  properties 
of  each  phase,  the  loading  history,  and  the  appropriate  interphase  boundary 
conditions  are  known.  In  this  study  four  modes  of  fracture  are  possible: 
inter-lamellar  fracture  where  internal  separation  crosses  lamellar  boundaries; 
intra-lamellar  fracture  where  fracture  takes  place  within  one  of  the  phases; 
interphase  boundary  fracture,  where  the  lamellae  separate  along  the  inter¬ 
phase  boundary;  or  any  combination  of  the  above  modes.  The  exact  mode  of 
fracture  is  not  known  a  priori  for  the  case  considered. 

In  summary,  this  study  will  be  presented  in  the  following  manner. 

First,  the  dynamic  material  properties  will  be  determined  for  each  phase 
of  the  eutectic  individually  through  shock  wave  experimentation.  Second, 
utilizing  a  Lagrangian-explicit  two-dimensional  finite-difference  computer 
code,  a  computer  simulation  of  a  plate-impact  experiment  will  be  undertaken. 
The  code  is  to  be  applied  to  the  two-dimensional  dynamic  plane  strain  case 
of  a  two-phase  lamellar  cobalt-aluminum  eutectic  under  shock  pulse  loading 
where  the  shock  pulse  will  propagate  parallel  to  the  lamellae.  Third, 
through  the  fracture  model  used  and  the  computer  simulation,  the  location 
and  mode  of  incipient  fracture  will  be  predicted.  Lastly,  shock  loading 
experiments  on  the  actual  lamellar  eutectic  will  be  conducted  and  compared 
to  the  computer  simulation  and  predictions. 


Li- — ►z  front 

Figure  1.  Orientation  of  Lamellar  Eutectic  to  Wave  Front 


PROPERTIES  FOR  Co-Al  EUTECTIC  CONSTITUENTS 


The  eutectic  composition  of  the  cobalt-aluminum  system  forms  a  bi -phase 
lamellar  structure  as  seen  in  Figure  2.  The  lamellar  structure  is  produced 
by  directionally  solidifying  the  proper  composition  through  a  steep  tempera¬ 
ture  gradient  obtained  in  a  water-cooled  chill  block.  The  branching  and 
inclusion  visible  in  Figure  2  are  shown  for  completeness.  Such  defects  are 
somewhat  common  but  not  prevalent  and  are  not  considered  in  this  work, 
instead  an  ideal  bi-phase  lamellar  geometry  is  assumed.  The  interlamellar 
speacing  may  be  varied  by  altering  the  solidification  rate;  typical  spacings 
are  on  the  order  of  10-40  pm.  The  two  constituent  phases,  when  formed  in 
the  eutectic,  have  precise  compositions  and  volume  fractions  as  determined 
by  the  phase  diagram  for  the  Co-Al  system.  Stout,  et  al .  [6]  have  deter¬ 
mined  the  invarient  compositions  and  volume  fractions  in  the  eutectic. 

Besides  the  composition  and  volume  fractions  in  the  eutectic  being  invariant, 
the  constituents  exist  as  single  crystals  and  the  orientation  relationships 
between  phases  are  well  defined  [7],  Table  1  summarizes  some  of  the 
physical  characteristics  of  the  eutectic  constituents. 

Recent  work  at  Michigan  Technological  University  [8,9,10]  has  yielded 
static  measurements  of  some  properties  which  will  be  used  in  this  work. 

The  elastic  constants  of  Co(Al)  single  crystals  have  been  determined  by  an 
acoustic  pulse-echo-overlap  technique  and  are  given  in  Table  2  for  the  alloy 
nearest  the  Invarient  composition  (93.1  vit.%  Co-Al).  Table  3  summarizes 
useful  strength  measurements  obtained  through  tensile  tests  on  the  eutectic 
and  the  Co{Al)  phase. 
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Figure  2.  Lamellar  Eutectic  of  Cobalt-Aluminum  System 

TABLE  1. 

Characteristics  of  Cobalt-Aluminum  Eutectic 
Alloy  Designation  Co(Al)  Eutectic  CoP 


Composition,  wt.%  Co  93.1 
Density  kg/nv^  7920 
Volume  Fraction  0.705 
Growth  Direction#  <11 2> 
Interface  Plane#  (111) 
Crystal  Structure  FCC 

#  See  Reference  [71. 


81.9 

6900 

0.295 

<10T> 

(101) 

Ordered-BCC# 
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The  properties  and  characteristics  listed  in  Tables  1-3  are  not  enough 
to  fully  specify  the  materials  constitutive  relations  for  shock  wave  problems. 
In  addition,  the  Hugoniot,  or  dynamic  stress-strain  relation,  must  be  speci¬ 
fied,  as  well  as  fracture  properties. 

Experimental  Hugoniot  Data 

To  determine  the  Hugoniot  properties  of  the  Co-Al  system,  projectile 
impact  experiments  were  contracted  to  Drs.  E.  R.  Lemar  and  G.  E.  Duvall  at 
Washington  State  University.  The  experiments  were  conducted  at  their  gas 
gun  facility  which  is  described  in  [11]  and  [12].  Six  uniaxial  strain  ex¬ 
periments  were  carried  out  on  the  Co(Al)  phase  and  two  on  the  CoAl  phase. 

Due  to  the  difficulty  in  producing  samples,  more  experiments  were  not  con¬ 
ducted.  It  was  desired  to  conduct  the  experiments  on  single  crystals  of 
the  constituent  phases  so  that  grain  boundary  effects  would  be  eliminated. 

The  single  crystal  would  be  oriented  as  it  occurs  in  the  eutectic.  Although 
treated  as  an  isotropic  material  (an  assumption  in  the  interpretation  of 
the  uniaxial  strain  experiments),  this  orientation  reflects  the  generally 
anisotropic  nature  of  the  material. 

For  the  Co(Al)  phase,  three  6  mm  diameter  specimens  and  three  12  mm 
diameter  specimens  were  prepared.  The  6  mm  diameter  specimens  were  single 
crystals  obtained  in  an  electron  beam  zone  melting  device  and  oriented  in 
the  <11 2>  direction  consistent  with  the  observed  direction  in  the  eutectic. 

The  Hugoniot  experiments  on  these  samples  are  numbered:  77-053,  77-059, 
and  77-060.  The  12  rrni  diameter  specimens  were  not  single  crystals,  but  tri- 

TABLE  2. 

Elastic  Constants  of  Co(Al)  Invariant 
93.j~wt.~g  Cq^ATT 

C1  =  1/2  (Cn  +  C12  +  2C44)  =  298.0  Gpa  =  2.980  Mbars 
Longitudinal;  <110>  direction. 

C  =  1/2  (Cu  -  C12)  ■  28.7  GPa  =  0.287  Mbars 
Shear;  <lT0>  direction. 

C44  =  116.2  GPa  =  1.162  Mbars 
Shear;  <001>  direction. 

C12  =  153.1  GPa  =  1.531  Mbars 

Cu  =  210.5  GPa  =  2.105  Mbars 

K  =  1/2(2C12  +  Cn)  =  172.2  GPa  =  1.722  Mbar 

Bulk  modulus  estimate  (average  stress  or  strain  model). 
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Table  2  (Cont.) 


[R  =  [b(Cu  -  C12)(Cn  +  2C12)  t  5C 
=  142.6  GPa  =  1.426  Mbars 


(3Cn  +  C^) 


l-]  1 

44  J 


Young's  modulus  estimate  (Reuss  average  stress  model). 

44) 


Y»* 


<C11  *  2C12>  <C11 


^12  + 


"(2C^  +  3C^2  +  ^44) 

=  210.5  GPa  =  2.105  Mbars 

Young's  modulus  estimate  ( Voight  average  strain  model). 

_  -1 
4 


V* 

m 


5(C-| ,  -  C. 0) 


+  _J_1 

5C44j 


11  U12J 
=  52.3  GPa  =  0.523  Mbars 

Shear  modulus  estimate  (Reuss  average  stress  model). 


'11 


C12  +  3C44 


GV  = 


=  81.2  GPa  =  0.812  Mbars 

Shear  modulus  estimate  (Voight  average  strain  model). 


TABLE  3. 

Strength  Properties  of  Co-Al  lamellar  Eutectic  System. 


Co(Al) 

Eutectic* 

Yield  Stress,  YA 

0.176  GPa 

0.690  GPa 

0 

[1.758  kbars] 

[6.895  kbars] 

Fracture  Stress,  F 

0.896  GPa 
[8.964  kbars] 

CoAl 


2.069  GPa# 
[20.69  kbarsl 


*  Volume  fraction  CoAl  =0.29 

Young's  modulus  E  «  206.9  GPa  [2.069  Mbars] 

#  Estimated  by  theory  of  mixtures 
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crystals,  all  cut  from  the  same  ingot  with  the  largest  grain  about  90  percent 
of  the  cross-sectional  area.  A  vertical  Bridgman  technique  was  used  to 
directionally  solidify  the  Co(Al)  at  25  cm/hr.  The  major  grain  was  also 
oriented  in  the  <112>  direction  which  was  found  to  be  about  5°  off  the  growth 
axis.  The  minor  grains  are  assumed  to  be  near  the  same  orientation  due  to 
the  direction  of  solidification.  The  experiments  for  the  12  mm  samples  are 
numbered:  79-018,  79-019,  and  79-020. 

Obtaining  specimens  of  CoAl  was  more  difficult  than  the  other  phase. 

The  vertical  Bridgman  method  yielded  the  12  mm  specimens  used.  Although 
the  CoAl  specimens  were  not  single  crystal,  considerable  effort  was  made 
to  obtain  even  homogeneous  polycrystalline  specimens  without  voids  or  quench 
cracks.  The  resulting  specimens  had  about  five  grains  and  were  cut  per¬ 
pendicular  to  the  growth  direction.  Two  specimens  were  used  in  Hugoniot 
experiments  and  numbered:  79-021  and  79-022.  Each  of  the  specimens  were 
solutionized  and  properly  oriented  before  the  Hugoniot  experiments  were 
conducted. 

In  the  gas  gun  Hugoniot  experiments,  stress  and  particle  velocity  data 
were  obtained;  Table  4  summarizes  the  data  collected  [12] .  On  shot  79-018, 
the  stress  gage  wires  were  damaged  during  the  experiment  and  the  data  was  3 
lost.  The  initial  density  of  the  Co (A!)  phase  was  measured  to  be  8000  kg/nr 
and  for  the  CoAl  phase,  6914  kg/nw. 

Interpretation  of  Data 

The  data  obtained  in  the  Hugoniot  experiments  is  interpreted  by 
application  of  the  Rankine-Hugoniot  jump  conditions: 

p0  us  =  p  <us  -  up)  (1) 


O 


XX 


-p  U  u 
s  p 


(2) 


where  the  Hugoniot  compressive  stress  data  collected  is  assumed  to  be  -oxx. 
Assuming  that  yielding  has  occurred  and  using  the  von  Mises  yield  condition, 

P  .  -UXX  -  2/3  V0  (3) 


where  Y0  is  a  constant  and  is  the  yield  stress  in  simple  tension.  For  the 
Co(Al)  phase,  these  assumptions  are  thought  to  be  valid  since  the  yield 
stress  and  Hugoniot  elastic  limit  are  low  compared  to  the  levels  of  stress 
encountered.  The  experimental  oscillograph  records  of  stress  indicated  no 
elastic  stress  precursor  wave,  although  it  may  have  been  present,  but  lower 
than  the  resolution  capabilities  of  the  measurement  system.  Thus  for  the 
Co(Al)  phase,  the  propagating  wave  is  almost  entirely  plastic,  with  a  very 
small  elastic  precursor  presumed  to  exist  because  of  a  known  tensile  yield 
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TABLE  4. 


Experimental  Results  of  Hugoniot  Experiments 


Shot  No. 

Material 

<112>  Stress 

GPa  kbar 

Particle  Velocity 
km/ sec 

77-053 

Co(Al) 

2.05  A  20.5 

0.061  a 

77-059 

Co(Al) 

3.76  A  37.6 

0.098  A 

77-060 

Co(Al) 

2.93  A  29.3 

0.079  a 

79-018 

Co(Al) 

-- 

— 

79-019 

Co(Al) 

7.36  V73.6 

0.179  o 

79-020 

Co(Al) 

4.26  V42.6 

0.099  o 

79-021 

CoAl* 

9.83  V98.3 

0.259  o 

79-022 

CoAl* 

7.40  V74.0 

0.179  o 

A  +  3  percent,  Quartz  Gage 
V  +  5  percent,  Manganin  Gage  . 
o  ±  6  percent,  Manganin  Gage 

*  Directionally  solidified  large  grained  material. 
Stress  measured  in  «110>  growth  direction. 


stress. 

As  previously  discussed,  only  two  Hugoniot  data  points  for  the  CoAl 
phase  have  been  obtained  as  of  this  dafce^  however,  future  work  is  planned. 
Interpretation  of  the  currently  available  data  is  that  the  CoAl  phase 
exhibits  only  elastic  behavior  over  the  pressure  range  considered.  High 
shock  speeds  and  the  brittle  nature  of  this  material  under  quasi-static 
loading  tend  to  support  this  interpretation.  The  lack  of  extensive  experi¬ 
mental  data  required  that  some  assumption  be  made;  the  elastic  assumption 
seems  most  reasonable. 

Co(Al)  Phase 

The  elastic-plastic  nature  of  the  Co(Al)  phase  will  be  discussed  first. 
The  shock  velocity  Us  is  calculated  from  the  experimental  data  for  -exx 
together  with  the  conservation  of  momentum  equation  expressed  in  Equation  (2) 
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From  conservation  of  mass,  Equation  (1),  the  instantaneous  density  is  also 
calculated. 


p  U 
os 

p  "  U  -  u  * 
s  p 

The  compression  n  is  found  from  the  definition  and  Equation  (5). 

u„ 

n  "  p  u  -  u  * 

Mo  us  p 


(5) 


(6) 


The  results  of  calculating  pressure,  shock  velocity,  density,  and  compression 
for  the  experimental  Co(Al)  data  are  shown  in  Table  5. 


TABLE  5. 

Reduced  Hugoniot  Data  for  Co(Al) 


r  y- 

?  i\ 

t. 

*/> 

“<*XX 

P* 

up 

Us 

&.£■ 
e  i' 

Shot  No. 

GPa 

GPa 

km/s 

km/s 

n 

f  :\'S 
•  %■ 

■J  Y  . 

77-053 

2.05 

1.93 

0.061 

4.20 

0.015 

*. 

77-060 

2.93 

2.81 

0.079 

4.64 

0.017 

77-059 

3.76 

3.64 

0.098 

4.80 

0.021 

i  '  •ii' 

77-020 

4.26 

4.14 

0.099 

5.38 

0.019 

f, 

77-019 

7.36 

7.24 

0.179 

5.14 

0.036 

r  •'  -e  • 

*  P  ■  *^xx 

-  2/3  V0;  V0  » 

0.176  GPa. 

if 


From  the  reduced  Hugoniot  data,  it  is  necessary  to  get  an  expression 
for  pressure  p  in  terms  of  the  compression  n  for  the  computer  simulation. 
A  commonly  used  form  that  is  compatible  with  the  computer  code  used  is 


p  *  p  (n)  44  An  +  +  On'3 


(7) 


A  smooth  curve  was  fitted  to  the  experimental  points  from  Table  $  which 
is  sh&wn  in  Figure  3.  The  curve  in  Figure  3  was  fit  by  a  cubic  equation  by 
the  least-squares  method  where  the  coefficients  from  Equation  7  are*  in 
GPa: 

A  *  165 

B  *  512 

C  »  1074  • 
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Co(AI)  Hugoniot 


Experimental  data  from  Lemar 
and  Duvall,  Reference  12 
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Figure  3,  Pressure-Compression  Representation  of 
Co (AT)  Hugoniot 


Note  that  the  first  order  coefficient  A  is  the  bulk  modulus,  For  comparison, 
the  bulk  modulus  determined  by  Bennett  [8]  was  K  =  172.2  GPa  (“  4  percent 
difference) . 

Next,  calculation  of  strength  related  properties  is  required.  Using 
measured  property  values  where  possible,  the  following  relations  are  invoked: 

Elastic  Modulus,  E  =  K  +  4/3  G  «  279.0  GPa  (8) 

Huqoniot  elastic  limit,  HEL  =  Y0  CgJj  +  y  )  *  0*3  GPa  (9) 

Y 

Strain  at  elastic  limit,  ny  a  gG  “  0.0011  (10) 


340 


b  It  is  also  important  to  note  an  observation  of  Lemar  and  Duvall  that 

|  the  behavior  of  the  Co(Al)  is  very  similar  to  that  of  copper  [12].  Figure  4 

|  shows  the  Co(Al)  Hugoniot  in  the  compressive  stress  versus  particle  velocity 

f  plane  including  strength.  Also  included  in  Figure  4  is  an  accepted  copper 

|.  Hugoniot  given  by 

P  (kbar)  =  (10)  (8.93)  (3.94  u  +  1.489  ••  2)  (11) 

r  r 

where  the  particle  velocity  up  is  in  km/sec.  For  comparison,  the  Co(Al) 
and  CoAl  experimental  points  are  also  shown. 

DoAl  Phase 

Experimentally,  the  material  properties  of  the  CoAl  phase  are  more 
difficult  to  determine  than  the  Co(Al)  because  of  its  high  melting  temperature 
and  extremely  brittle  nature  in  preparation  and  handling.  Very  few  investi¬ 
gators  have  obtained  any  data  for  this  phase,  in  static  or  dynamic  experiments. 
Because  the  Hugoniot  experimental  data  is  limited  to  two  data  points,  some 
simplifying  assumptions  are  required.  The  apparent  elastic  nature  of  the 
material  provides  a  fortunate  simplification  for  the  stresses  considered. 

The  two  Hugoniot  data  points  were  at  stress  levels  of  7.40  GPa  and  9.83  GPa, 
with  no  observed  HEL  in  the  stress  record.  Since  the  reported  average 
longitudinal  wave  speed  of  6.38  km/sec  was  relatively  constant  for  the  two 
shots  and  no  definitive  HEL  was  observed,  the  CoAl  phase  is  assumed  to  behave 
elastically  for  the  range  of  stresses  encountered.  For  this  brittle  phase, 
the  yield  stress  is  the  fracture  stress  presented  in  Table  3.  This  value  is 
approximate  and  inferred  from  the  eutectic  and  Co(Al)  phase  by  the  theory  of 
mixtures  and  quasi-static  tension  tests.  An  elastic  shear  modulus  G  and 
density  p0  was  found  to  be  103.0  GPa  and  6914  kg/m3,  respectively.  The 
resulting  bulk  modulus  K  for  CoAl  is  144.0  GPa. 

Fracture  Properties 

;  To  date,  no  separate  shock-induced  fracture  experiments  of  each  in¬ 

dividual  phase  of  the  eutectic  have  been  completed*.  Therefore,  the 
fracture  parameters  presented  and  used  in  this  study  are  necessarily 
speculative.  A  detailed  discussion  of  high  tensile  stress  will  be  left 
somewhat  open-ended  here,  since  it  is  expected  that  extensive  damage  and 
fracture  will  occur  before  the  material  will  build  up  to  very  high  (greater- 
than-yield)  tensile  stresses.  The  need  to  accurately  describe  material 
behavior  after  incipient  fracture  is  beyond  the  scope  of  this  study.  Later, 
more  extensive  studies  will  require  complete  fracture  properties.  The 
?  fracture  model  used  in  this  study  predicts  the  onset  of  microfractures 

(unspecified  voids  or  cracks)  through  the  critical  damage  threshold  stress 
a0.  In  reality,  the  occurrence  of  new  surface  formation  or  micro-fracturing 

V. 

i-  '  ' 


*  These  experiments  are  currently  being  conducted. 


Figure  4.  Stress-Particle  Velocity  Comparison: 

Co(Al)  -  Cu 

causes  stress  relaxation  and  dissipation  of  the  propagating  energy,  thus 
altering  the  propagating  disturbance.  This  phenomena  Is  not  accounted  for 
by  the  model  used.  However,  in  any  time-dependent  dynamic  fracture  model 
there  exists  a  threshold  of  damage  which  is  determined  by  correlation  with 
microscopically  observed  void  or  crack  formation.  Thus  it  is  felt  that  this 
Is  reasonable  for  a  preliminary  study  in  incipient  fracture.  After  Incipient 
fracture  occurs,  the  material  accumulates  damage  according  to  the  Tuler- 
Butcher  [14]  model 

D  (o  -  <*0)*  At  (12) 

where  the  damage  0  increases  by  the  x  power  for  the  length  of  time  At  that 
the  stress  a  Is  greater  than  o0.  For  this  two-dimensional  problem,  the 
state  of  stress  a  is  represented  by  the  maximum  principal  stress,  extending 
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the  Tuler-Butcher  fracture  model  to  two  dimensions.  For  convenience,  X  is 
assumed  equal  to  2. 

For  the  Co(Al)  phase,  the  author  is  not  aware  of  any  fracture  data. 

The  low  yield  stress  and  very  plastic  nature  of  the  material  would  make  any 
prediction  of  fracture  somewhat  uncertain,  particularly  when  statically 
determined  values  are  used  in  the  dynamic  case.  Since  the  Co(Al)  phase 
seems  to  be  very  similar  to  copper  in  structure  (FCC),  in  their  Hugoniots, 
and  in  their  similar  ductile  behavior  under  conventional  loading,  and  since 
dynamic  fracture  data  is  available  for  copper,  the  damage  threshold  stress 
a0  for  Co(Al)  is  assumed  to  be  that  of  copper.  This  value  of  o0  is  reported 
by  Smith  [15,  Table  2]  to  be  0.95  GPa  for  pulse  duration  of  3/4  ysec. 

From  Table  3,  the  fracture  stress  F  of  the  CoAl  phase  was  given  as 
2.069  GPa.  It  is  assumed  that  this  value  of  stress  resulting  in  fracture 
in  a  static  tensile  test  (inferred  from  eutectic  measurements)  is  also  the 
damage  threshold  stress  o0  for  the  CoAl.  Note  that  this  assumed  damage 
threshold  stress  for  CoAl  is  more  than  double  that  assumed  for  Co(Al). 

Error 


Because  of  the  lack  of  material  property  data  and  speculative  nature  of 
those  properties  used,  an  error  analysis  is  not  conducted.  It  is  to  be 
emphasized  that  the  results  obtained  using  these  properties  are  highly  de¬ 
pendent  on  the  accuracy  of  the  assumed  values.  It  is  believed  that  the 
values  used  represent  a  "best  fit"  of  all  data  available  at  this  time.  It 
is  clear,  however,  that  more  experiments  are  necessary.  Within  this  frame¬ 
work  of  accuracy,  a  simulation  of  dynamic  fracture  may  now  be  executed. 


FRACTURE  SIMULATION  OF  EUTECTIC 


With  the  material  properties  and  the  geometry  known,  the  cobalt- 
aluminum  bi -phase  eutectic  under  shock  pulse  loading  can  now  be  simulated 
on  the  STEALTH  [163  computer  code.  The  STEALTH  version  used  was  shortened 
and  modified  for  this  application.  From  this  simulation  it  is  desired 
to  predict  the  location  of  incipient  fracture  and  estimate  the  mode  of 
fracture  most  likely  to  occur  under  experimental  conditions.  The  first 
step  in  the  simulation  is  the  problem  specification.  Then  the  dynamics 
are  described  and  the  simulation  is  carried  out.  Later,  actual  experiments 
will  be  discussed  and  compared  to  the  computational  predictions. 

Problem  Specification 

The  cobalt-aluminum  eutectic  has  been  described  as  a  lamellar  bi-phase 
material.  The  lamellar  nature  is  not  perfect,  with  lamellar  terminations 
and  branching  being  the  most  common  defects.  On  a  much  smaller  scale,  the 
nearly  Ideal  character  is  more  apparent  as  seen  in  Figure  2.  The  lamellar 
nature  seen  in  the  plane  of  the  photograph  Is  also  observed  approximately 
in  a  perpendicular  section. 
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For  the  simulation,  a  representative  region  of  the  eutectic  is  chosen; 
Figure  5a  shows  the  problem  geometry.  The  boundary  ABC  is  a  specified 
velocity  boundary  history  representing  the  shock  pulse  input.  The  segments 
CD  and  AF  are  boundaries  of  symmetry;  thus  the  material  is  assumed  to  be 
infinite  and  periodic  in  the  y-direction  shown.  The  boundary  DEF  is  a  free 
surface  with  a  vacuum  outside  the  material  boundary.  The  material  in  the 
z-direction,  the  direction  perpendicular  to  the  x-y  plane  shown,  is  assumed 
to  be  infinite  in  extent  such  that  strain  in  that  direction  is  constant. 
Also,  shear  strains  related  to  that  direction  are  zero,  hence  the  state  of 
two  dimensional  strain. 

The  zoning  of  this  geometry  for  simulation  is  shown  in  Figure  5b  using 
a  total  of  1300  zones;  250  for  the  CoAl  and  1050  for  the  Co(Al).  The  CoAl 
phase  is  represented  by  the  block  of  larger  zones.  The  Co(Al)  consists  of 
the  smaller  zones  because  the  plastic  behavior  expected  is  likely  to  produce 
larger  deformations.  Finer  zoning  tends  to  increase  accuracy  by  reducing 
deviations  from  "exact"  solution.  The  physical  dimensions  chosen  were 
scaled  from  an  interlamellar  spacing  of  30  ym.  The  volume  fraction  used 
is  0.30  CoAl  for  convenience.  The  length  of  the  material  was  chosen  to  be 
three  times  the  interlamellar  spacing.  Although  this  length  is  quite  small 
compared  to  typical  specimen  lengths,  it  was  chosen  to  yield  approximately 
square  zones  and  satisfy  a  maximum  number  of  grid  points  available  in  the 
x-di recti  on. 

The  interphase  boundary  is  modeled  as  a  perfect  bond  between  the  Co(Al) 
and  CoAl  phases.  This  is  thought  to  be  a  good  assumption  considering  the 
nature  of  the  in  situ  boundary.  Other  models  of  interphase  boundaries  were 
not  available  in  the  finite-difference  STEALTH  code,  but  their  development 
and  use  is  planned  for  future  work. 


a)  Problem  Geometry 


b)  Initial  Grid  Layout 


Figure  5.  Simulation  of  Co-Al  Eutectic 


The  constitutive  relations  and  the  specific  properties  of  the  cobalt- 
aluminum  eutectic  constituents  were  previously  given.  In  addition,  both 
quadratic  and  linear  artificial  viscosity  are  used.  The  coefficient  of 
quadratic  artificial  viscosity  has  a  value  of  2  and  the  coefficient  of  linear 
artificial  viscosity  has  a  value  of  0.8. 

Dynamic  Simulation 

The  entire  grid  is  assumed  to  be  at  rest  initially  with  the  transient 
disturbance  introduced  at  the  left  hand  boundary  shown  in  Figure  5a.  The 
transient  disturbance  is  specified  as  a  particle  velocity  boundary  history. 
The  material  particle  velocity  in  the  direction  of  propagation  is  specified 
as  a  constant  for  some  period  of  time  representing  a  plate  impact  problem. 
When  the  pulse  has  passed  completely  into  the  material,  the  velocity  drops 
off  to  a  value  to  which  the  material  has  been  accelerated.  The  particle 
velocity  pulse  is  given  as  0.061  km/sec  corresponding  to  a  projectile 
velocity  of  0.122  km/sec  with  the  pulse  length  representing  a  plate  pro¬ 
jectile  which  is  approximately  one-tenth  the  thickness  of  the  given  impacted 
target.  The  velocity  that  the  material  has  been  accelerated  to  is  0.0015 
km/sec  as  determined  by  simulations  using  pressure  as  the  boundary  history 
specification.  The  stresses  produced  from  the  particle  velocity  input  of 
0.061  km/sec  correspond  to  about  2.2  GPa  in  Co(Al)  and  about  2.7  GPa  in 
CoAl.  Although  these  stresses  are  compressive,  note  that  they  are  greater 
in  magnitude  than  the  damage  threshold  stresses  of  0.95  GPa  in  Co(Al)  and 
2.07  GPa  in  CoAl . 

The  simulation  was  started  on  the  STEALTH  code  and  allowed  to  run 
until  some  damage  had  accumulated,  indicating  the  occurrence  of  micro- 
fracturing,  or  incipient  fracture.  The  problem  was  run  long  enough  for 
reflection  to  occur  from  the  free  end  and  a  tensile  state  to  build  up  in 
the  eutectic.  Both  tabulated  and  plotted  output  was  produced  by  the  STEALTH 
program  and  its  companion  GRAphic  Display  program,  GRADIS. 

Results  and  Discussion 


The  wave  propagation  was  qualitatively  monitored  through  a  series  of 
three-dimensional  Isometric  contour  plots  of  the  x-particle  velocity  in 
the  entire  grid.  Figure  6  shows  a  sample  plot  at  cycle  100.  The  cycle 
is  the  calculation  cycle  or  number  of  time  steps  the  grid  has  been  entirely 
recalculated.  The  time  is  in  scaled  units;  the  specific  conversion  does  not 
yield  any  clarity  to  this  study  and  will  not  be  discussed.  The  vertical 
scale  is  determined  by  the  maximum  and  minimum  values  of  velocity  at  that 
moment.  Reflection  of  the  wave  begins  later  at  cycle  130  when  the  compressive 
pulse  turns  to  tension. 

Before  the  fracture  results  are  presented,  some  general  features  of  the 
wave  propagation  seen  in  Figure  6  should  be  noted.  The  wave  travels  faster 
in  the  CoAl  initially  as  can  be  seen  at  the  right-hand  side  of  the  grid 
(CoAl  has  the  larger  zones).  The  Co(Al)  is  undergoing  large  deformations 
and  distortions  near  the  interphase  boundary  as  may  be  inferred  from  the 
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large  grid  distortions.  The  two-peak  appearance  of  x-particle  velocity  plots 
results  from  x-components  in  the  total  particle  velocity  vector.  Intuitively, 
the  compressed  region  is  further  ahead  in  the  CoAl  phase  than  the  Co(Al)  phase. 
The  compressed  CoAl  tends  to  spread  in  the  y-di recti  on  into  the  as  yet  un¬ 
stressed  Co(Al).  Lagging  behind  the  CoAl  compressed  region  is  the  Co(Al) 
compressed  region,  spreading  into  the  rarefying  CoAl.  The  result  is  that 
the  particle  velocity  vector  has  y-components  not  showing  up  in  the  x-particle 
velocity  plots.  The  intuition  is  backed  up  by  calculated  displacements 
in  the  tabulated  STEALTH  outputs.  The  process  just  mentioned  imparts  a 
rotation  to  the  material  near  the  interphase  boundary  causing  a  shear  wave 
to  propagate  back  into  the  more  deformable  Co(Al).  Shear  waves  were  not 
discernible  in  the  CoAl.  Upon  inspection  of  the  STEALTH  output,  the  shear 
in  the  zones  were  generally  about  one  order  of  magnitude  less  than  the 
normal  stresses,  even  at  the  interphase  boundary.  In  the  Co(Al)  phase,  the 
shear  stress  is  limited  by  plastic  flow. 

Fracture  in  the  eutectic  did  not  occur  during  the  first  passage  of  the 
wave,  as  modeled  in  this  simulation.  Incipient  fracture  did  not  occur  until 
the  wave  reflected  from  the  free  surface.  The  elastic  wave  traveling  through 
the  CoAl  phase  reaches  the  free  surface  and  begins  to  reflect  before  the 
elastic-plastic  wave  in  the  Co(Al)  reaches  the  free  boundary.  The  occurrence 
of  incipient  fracture  or  damage  accumulation  first  occurs  within  the  CoAl 
phase  just  before  the  150th  cycle  nearest  the  CoAl  symmetry  boundary  and 
diminishes  toward  the  interphase  boundary.  This  is  shown  in  the  isometric 
contour  plot  of  accumulated  damage  (DAC),  Figure  7a,  where  the  vertical 
scale  is  damage  in  relative  units.  At  a  later  time,  more  damage  in  more 
zones  accumulates  toward  the  interphase  boundary  as  shown  in  Figure  7b, 
at  cycle  160.  Note  that  the  vertical  scales  are  different  between  Figures 
7a  and  7b.  Note  also  that  there  is  damage  in  all  of  the  zones  across  the 
width  of  the  CoAl  phase,  implying  incipient  fracture  throughout  the  CoAl 
layer,  and  that  no  visible  damage  exists  in  the  Co(Al)  phase.  Although 
part  of  the  Co(Al)  phase  is  hidden  in  Figure  7,  the  tabulated  output  verifies 
this  statement.  Thus,  it  can  be  concluded,  as  a  result  of  this  simulation, 
that  intraphase  CoAl  fracture  would  be  the  most  likely  mode  of  fracture  to 
occur.  The  specific  location  where  damage  occurs  first  in  the  CoAl  is  at 
the  theoretical  spall  plane  which  is  roughly  the  distance  away  from  the  free 
surface  equal  to  the  thickness  of  the  impacting  projectile,  if  the  projectile 
and  target  materials  are  the  same. 

In  this  fracture  simulation,  as  in  most  simulations,  the  results  must 
be  qualified.  The  first  qualification  pertains  to  the  material  properties 
used.  Many  of  the  elastic  properties  were  estimated  from  the  mixing  of 
anisotropic  and  isotropic  properties,  some  of  which  were  determined  from  one 
experimental  data  point.  The  Hugoniots  were  defined  from  limited  data  and, 
in  the  case  of  the  CoAl,  from  only  two  data  points.  The  fracture  properties 
of  both  materials  for  the  simulation  were  contrived  without  experimental 
data.  Indeed,  the  properties  of  both  phases  are  only  rudimentarily  defined. 
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Figure  6.  Isometric  Contour  of  XVL  Cycle  -  100 


Secondly,  the  fracture  model  used  considered  a  tensile  type  fracture 
mode  where  cracks  or  voids  (unspecified)  are  assumed  to  form.  The  cumulative 
damage  fracture  model  that  was  used  for  this  simulation  of  incipient  fracture 
degenerated  to  a  simple  threshold  fracture  criterion.  To  refine  this  in¬ 
vestigation,  perhaps  separate  ductile  and  brittle  fracture  models  should  be 
considered  for  the  two  cobalt-aluminum  eutectic  constituents. 

The  third  qualification  involves  the  simulation  itself.  The  model  of 
the  interphase  boundary  and  the  method  of  introducing  the  shock  pulse  into 
the  material  were  very  simple.  The  considerable  plastic  flow  thought  to 
occur  along  the  interphase  boundary  may  result  in  greater  stress  relief  than 
simulated  by  perfect  bonding.  However,  theoretical  models  of  the  interphase 
boundary  are  not  well  developed  to  account  for  this,  nor  are  their  specific 
properties  known  for  the  cobalt-aluminum  eutectic  interphase  boundary. 

The  pulse  shape  introduced  to  the  material  was  approximately  a  square 
pulse  equal  for  both  phases  of  the  eutectic.  In  general,  if  a  single  phase 
projectile  impacts  a  bi-phase  material,  as  it  does  in  this  study,  impedance 
matching  must  be  considered  to  determine  the  input  velocity  and  duration  of 
a  simulating  pulse  in  each  phase.  More  sophisticated  means  of  representing 
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a)  ISOMETRIC  CONTOUR  OF  DAC 
CYCLE  =  150 


b)  ISOMETRIC  CONTOUR  OF  DAC 
CYCLE  =  160 


Figure  7.  Damage  Accumulation  After  Wave  Reflection 


the  shock  pulse  input  may  be  in  order. 

The  simulation  was  not  checked  by  a  convergence  study  due  to  time  and 
to  an  extent,  computer  storage  limitations.  Finer  zoning,  however,  should 
provide  more  accurate  results.  During  the  eutectic  and  other  simulations, 
it  was  noticed  that  an  unusual  amount  of  oscillation  was  present  in  the 
solution,  particularly  upon  free  surface  reflection.  This  oscillation  is 
suspected  to  be  due  to  the  STEALTH  treatment  of  boundary  and  corner  con¬ 
ditions. 


COMPARISONS  WITH  DYNAMIC  FRACTURE  EXPERIMENTS 


To  date,  three  soft  recovery  plate  impact  fracture  experiments  of  the 
eutectic  have  been  conducted  using  the  gas  gun  facility  at  Washington  State 
University,  Pullman,  Wa.  Each  specimen  was  a  bi -crystal  of  the  eutectic 
with  each  grain  occupying  about  50%  of  the  cross-sectional  area.  The 
specimens  were  nominally  12.7  mm  in  diameter  and  3  mm  thick.  The  flyer 


plate  material  was  the  Co(Al)  phase,  and  nominally  1  mm  thick.  The  impact 
velocities  in  km/sec  for  the  three  experiments  were  0.23,  0.214,  and  0.153. 

These  experiments  have  only  recently  been  completed  and  the  data  and 
recovered  specimens  have  not  been  thoroughly  analyzed.  Therefore,  at  this 
time  only  qualitative  comparisons  can  be  made.  Each  of  the  three  specimens 
exhibited  internal  micro-cracks;  with  damage  decreasing  with  decreasing 
impact  velocity.  The  least  damage  was  observed  in  the  0.153  km/sec  impact 
velocity  case.  The  two  lower  impact  velocity  specimens  were  cut  perpen¬ 
dicular  to  the  impact  surface,  polished,  etched  and  observed  using  the 
optical  microscope  at  magnifications  of  400x  and  800x.  Results  so  far  are 
that  all  of  the  observed  cracks  are  in  the  CoAl  phase  of  the  eutectic. _ 

Also,  in  some  instances,  cracks  were  observed  along  interphase  boundaries 
within  the  eutectic  specimen.  These  results  are  in  good  qualitative  agree¬ 
ment  with  the  simulation  prediction.  Further,  the  simulation  was  conducted 
at  a  corresponding  impact  velocity  of  approximately  0.122  km/sec,  when 
damage  (unspecified  cracks  or  voids)  in  the  CoAl  phase  was  predicted.  At 
this  date,  no  fracture  experiments  have  been  conducted  at  an  impact  velocity 
below  the  simulation  velocity  to  fully  test  the  simulation  predictions. 
However,  since-the  experimental  results  for  the  impact  velocities  considered 
all  indicated  fracture  in  the  CoAl  phase,  it  can  be  concluded  that  the 
simulation  and  the  experimental  results  are  not  inconsistent.  Additional 
experiments  at  other  impact  velocities  nearer  the  simulation  velocity  and 
below  are  planned.  More  simulations  should  also  be  made  with  lower  impact 

velocities  to  predict  a  lower  limit  for  damage  threshold  conditions. 

With  additional  theoretical  work  to  develop  a  better  interphase  boundary 
model  and  more  theoretical  and  experimental  work  to  determine  appropriate 
fracture  models  of  the  individual  phases,  the  investigation  of  more  macro¬ 
scopic  spall  fracture  can  be  pursued. 
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ABSTRACT 


Theoretical  analyses  were  made  of  the  axial  compression  test  using  the 
HEMP  computer  code,  and  the  results  were  compared  with  experimental  observa¬ 
tions  for  4340  steel.  When  suitable  boundary  conditions,  including  fric¬ 
tional  effects,  were  employed  the  agreement  was  excellent.  The  constitutive 
relations  used  were  elastic-plastic  including  work -hardening.  Comparisons 
were  made  at  large  strain  levels  (more  than  fifty  percent  reduction  in 
height) . 

One  of  the  objectives  of  this  study  was  to  obtain  theoretical  and  ex¬ 
perimental  data  for  tho  development  of  a  ductile  fracture  modol  involving 
shear  modes  and  large  strains  such  as  are  present  in  ordnance  applications. 
To  date  fracture  has  not  been  observed  in  the  experiments  conducted  in 
steel.  Wo  have  noted  fracture  in  both  Aluminum  and  Titanium  specimens.  Tho 
analytical  results  are  nevertheless  of  interest  in  quantifying  the  largo  and 
complex  strain  fiolds  produced  prior  to  tho  onsot  of  fracturo. 

INTRODUCTION 


Tho  ultimate  objectives  we  have  in  mind  in  the  discussions  to  follow 
concern  the  role  of  material  properties  in  ordnance  applications  such  as 
urmor-projoctilo  interactions,  fragmentation  munitions  and  explosively  formed 
devices  such  as  Misznay-Schardin  and  shaped  charge  weapons.  Computer  simu¬ 
lations  of  such  complex  ovents  are  available  using  two  or  three  dimensional 
timo-dependent  codes  such  as  HEMP,  Hlil.P,  or  EPIC.  In  gonoral  the  results  of 
such  simulations  provide  quite  credible  descriptions  of  the  events  trans¬ 
piring,  provided  attention  is  confined  to  kinematic  issues  such  as  momentum 
transfer  or  a  genorul  picture  of  particle  velocities.  When  more  specific 
questions  are  raised  concerning  issues  which  depend  heavily  on  material 
response  under  such  extreme  loading  conditions,  the  results  are  less  satis¬ 
factory. 

As  examples  of  the  issues  which  need  clarification,  we  might  cite  (a) 
massive  plastic  deformation  under  very  brief  but  very  intense  pressure 
fields,  (b)  spall,  which  is  fracture  under  a  tensile  stress  field  with  very 
little  plastic  flow  und  (c)  fracture  in  u  shear  mode  under  nominally  comprcs- 
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sive  loading  conditions.  This  latter  situation  is  probably  the  most  commonly 
occurring  and  the  most  important  in  ordnance  applications,  yet  it  is  the 
least  well  understood.  It  is  usually  preceded  by  extensive  plastic  deforma¬ 
tion.  It  may  or  may  not  involve  an  extreme  localization  of  a  deformation 
pattern,  sometimes  termed  adiabatic  shear  banding.  As  an  example  of  this, 
see  Figure  1  in  which  cross  sections  are  shown  of  targets  of  the  same  mate¬ 
rial  (4340)  but  heat  treated  to  different  hardness  levels. 

Unfortunately,  little  correlation  has  been  found  to  date  between  mate¬ 
rial  behavior  in  the  noted  ordnance  applications  and  the  mechanical  proper¬ 
ties  of  materials  as  determined  by  conventional  test  procedures.  Such  cor¬ 
relations  have  been  sought  for  example  in  terms  of  yield  strength,  ultimate 
strength,  reduction  in  area  values  from  static  tensile  tests,  or  in  terms  of 
energy  absorbed  in  Charpy  tests,  as  well  as  fracture  toughness  parameters 
such  as  Kjc.  While  general  trends  may  be  observed  in  such  correlations, 
anomalous  behavior  is  observed  frequently  and  With  sufficient  magnitude  that 
such  correlations  are  best  regarded  as  qualitative  rather  than  quantitative. 

The  objection  may  be  raised  that,  in  view  of  the  obvious  differences 
between  strain-rates  involved  in  ordnance  applications  and  in  those  quasi¬ 
static  mechanical  tests  mentioned,  the  observed  lack  of  correlation  is  not 
surprising.  In  the  view  of  the  writers,  however,  differences  in  stress  and 
deformation  states  are  at  least  as  responsible  for  the  failuro  of  attempts 
at  correlation  as  are  strain-rate  effects.  As  noted  earlier,  the  most  com¬ 
monly  occurring  mode  of  failure  in  ordnance  applications  is  shear,  frequently 
preceded  by  very  extensive  plastic  deformation.  Another  dominant  feature  of 
the  applications  of  interest  is  that  of  a  prevailing  compression  field  which 
is  noticeably  not  present  in  the  conventional  mechanical  tests. 

A  parallel  situation  exists  for  those  interested  in  fractures  which 
develop  in  forming  operations  involving  large  plastic  deformation.  As  Kuhn 
[1]  obsorves,  tension  or  torsion  tost  data  are  of  little  value  in  workability 
evaluations  involving  surface  fractures,  largely  because  of  the  differences 
in  stress  and  deformation  states  which  exist  between  the  laboratory  tot*  and 
the  forming  operation.  Kuhn  notes  that  the  upset  test  does  provide  a  useful 
deformation  test  which  produces  a  stress  state  more  closely  allied  to  those 
occurring  in  forming  processes.  In  the  upset  test  (as  distinct  from  the 
simple  uniaxial  compression  tost)  barreling  of  the  cylindrical  surface  is 
encouraged,  and,  in  fact,  provides  flexibility  for  providing  information 
useful  for  workability  testing.  Such  data  is  frequently  presented  in  the 
form  of  a  locus  of  strains  present  at  the  equatorial  surface  of  the  cylin¬ 
drical  specimen  when  fracture  is  first  observed  there  during  axial  compres¬ 
sion.  Seo  figure  2  for  representative  data  for  mild  steel.  . 

An  examination  of  the  computer  simulations  of  several  ballistic  pene¬ 
tration  problems  as  well  as  several  fragmentation  problems  shows  that  the 
strain  fields  developed  in  certain  critical  regions  would  indeed  be  approach¬ 
ing  the  failure  locus  denoted  in  figure  2.  It  is,  therefore,  of  interest  to 
examine  in  more  detail  the  utility  of  upset  tests  in  helping  to  relate 
mechanical  properties  to  ordnance  performance. 


2650  fps 


low  Strength  4340  Target 


High  Strength  4340  Target 


figure  1.  Differences  In  failure  Mode  In  Steel  Targets 
(Note  Drop  In  Ballistic  Limit  As  Shear  Band 
Develops  In  High  Strength  Target) 


AXIAL  STRAIN 


Figure  2.  Strains  At  Fracture  At  Equatorial  Surface  In 
Upset  Test  On  Cold  Drawn  1045  Steel  Rod 

BACKGROUND 


In  axial  compression  of  a  cylinder  without  friction  at  the  die  contact 
surfaces,  the  test  specimen  undergoes  uniform  axial  compression.  No  barrel¬ 
ing  of  the  cylindrical  surface  occurs  and  the  circumferential  and  radial 
strains  are  tensile  and  each  equal  to  one-half  the  axial  compressive  strain 
throughout  the  specimen  body.  In  practice  this  condition  is  never  realized 
in  static,  large  strain  compression  tests.  When  friction  is  present  at  the 
die  contact  surfaces,  bulging  or  barreling  of  the  free  surface  occurs  and 
the  stress  and  strain  distributions  become  highly  nonuniform. 

Geometric  effects  are  also  important.  Decreasing  the  aspect  ratio 
(height  to  diameter)  increases  the  bulge  curvature.  The  equatorial  diamoter 
and  associated  tensile  circumferential  strain  becomes  greater  than  it  would 
have  been  for  the  same  height  reduction  in  higher  aspect  ratio  cylinders. 

L/D  ratios  commonly  employed  range  from  one-half  to  two.  Beyond  this  ono 
faces  a  possibility  of  column  buckling. 

It  is  important  to  note  that  in  an  upset  test  carried  out  to  the  onset 
of  fracture  we  have  a  competition  developing  between  at  least  two  candidate 
failure  modes.  At  the  equator,  tensile  circumferential  stresses  and  strains 
develop  due  to  radial  expansion;  at  the  same  location  there  are  strong  com¬ 
pressive  axial  stresses  and  strains,  moderate  radial  strains  and,  of  course, 
zero  radial  stress.  Under  certain  conditions  failure  occurs  first  in  this 


general  location,  but  as  we  shall  see  later  there  is  another  failure  mecha¬ 
nism  which  may  prevail.  The  deformation  produced  within  the  specimen  is 
highly  nonuniform  and  very  strong  shear  fields  develop  in  the  interior  of  the 
specimen  which  may  promote  failure  along  a  plane  beginning  near  the  outer 
edge  of  the  specimen-die  contact  surface  and  making  a  shallow  angle  with  the 
cylinder  axis. 

The  mode  of  fracture  associated  with  the  equatorial  plane  is  somewhat 
easier  to  relate  to  and  even  very  rudimentary  analyses  give  reasonable 
estimates  of  the  stress  fields  present  at  the  surface  in  terms  of  easy-to- 
measure  gross  deformation  characteristics  such  as  change  in  height,  change 
in  diame.er. 

As  Murphy's  law  would  have  it,  the  more  interesting  fracture  mode  for 
our  purposes  is  far  more  difficult  to  analyze  and,  because  it  occurs  in  the 
interior  of  the  specimen,  it  is  not  possible  conveniently  to  measure  experi¬ 
mentally  any  analogous  deformation  parameters. 

It  is,  perhaps,  this  very  lack  of  an  adequate  analytical  model  which 
has  inhibited  more  widespread  use  of  the  compression  test.  The  primary 
purpose  of  this  paper  is  to  demonstrate  that  the  dynamic  wave-propagation 
code  HEMP  can  provide  a  very  detailed  analysis  of  the  (static)  upset  test, 
including  the  very  large  plastic  deformations  involved  prior  to  fracture. 

As  the  reader  may  have  already  inferred,  our  ultimate  objective  will  be  to 
cover  the  dynamic  upset  test  as  well.  In  this  paper,  wo  confine  attention 
to  a  discussion  of  some  representative  cases  which  were  simulated  computa¬ 
tionally  and  to  a  comparison  with  experimental  results  obtained  to  test  the 
validity  of  the  calculations. 

It  should  be  pointed  out  that  thero  do  exist  in  the  litorature  several 
descriptions  of  finite  element  solutions  to  the  problem  of  upset  testing. 

See,  for  example,  C.  Lee  and  S,  Kobayashi  (2)  and  J,  Price  and  J.  Alexander 
[3],  However,  the  first  of  these  does  not  reproduce  several  of  the  experi¬ 
mentally  observed  foaturcs  important  to  largo  doformatiou.  The  second  pre¬ 
sents  computer  printouts  of  deformed  grids,  but  no  information  on  stress  and 
strain  patterns  induced.  Such  solutions  aro  quite  useful  in  certain  forming 
applications  concerned  with  kinematic  issues  such  as  velocity  fields  but 
provide  little  insight  into  the  problom  we  have  in  mind.  Finally,  the  need 
to  address  dynamic  tests  makes  it  imperative  to  consider  the  problem  from 
the  vantage  point  of  the  elastic-plastic  wave  piopagation  code  HEMP,  origi¬ 
nally  developed  by  Wilkins  (4]. 

The  HEMP  code  couples  conservation  laws  with  an  appropriate  equation  of 
state  for  dynamic  as  well  as  static  high  pressure  conditions.  A  finite  dif¬ 
ference  formulation  is  used  to  integrate  the  equations  of  motion  step-by- 
step  in  time.  Problems  of  two  spatial  dimensions  (plane  strain  or  rotation- 
ally  symmetric)  can  bo  treated  and  virtually  any  elastic-plastic  constitutive 
law  may  bo  employed. 

Input  to  the  code  consists  of  specification  of  tho  problem  geometry, 
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appropriate  initial  velocities  or  applied  stress  fields  and  the  dynamic  mate¬ 
rial  flow  properties.  Output  consists  of  a  detailed  space-time  history  of 
all  important  physical  properties  such  as  stress,  strain,  displacement,  and 
velocity.  It  is  thus  a  valuable  tool  for  providing  a  dynamic  whole-field 
analysis  required  to  decipher  the  sequence  of  events  occurring  in  complex 
problems.  Numerous  comparisons  of  HEMP  code  predictions  and  experimental 
results  indicate  excellent  agreement  when  material  properties  can  be  ade¬ 
quately  specified.  The  code  has  been  applied  by  us  previously  in  the  analy¬ 
sis  of  quasi-static  problems.  For  example,  we  have  successfully  simulated 
the  details  of  plastic  deformation  occurring  in  the  standard  uniaxial  tension 
test.  The  code  correctly  traces  the  transition  from  elastic  behavior  through 
the  onset  of  plastic  flow,  up  to  and  beyond  the  onset  of  necking  and  the 
development  of  triaxial  stress  states  beyond  necking.  The  calculated  load 
on  the  specimen  faithfully  reproduces  the  experimentally  observed  maximum  at 
the  appropriate  strain  level,  and  the  calculated  drop  in  load  after  the  onset 
of  necking  is  in  agreement  with  the  experimental  observations  of  Bluhm  and 
Morrissey  [5]  up  to  the  onset  of  fracture.  Of  course,  in  its  present  state, 
the  code  is  not  able  to  speak  to  details  of  void  nucleation,  growth,  and 
coalescence  within  the  necked  region,  but  it  is  an  extremely  valuable  aid  to 
develop  constitutive  models  for  this  purpose. 

A  related  problem  area  we  have  addressed  with  the  HEMP  code  is  the  ten¬ 
sile  deformation  of  notched  cylindrical  bars,  such  as  those  tested  experi¬ 
mentally  by  Hancock  and  Mackenzie  [6].  Again,  good  correlation  was  found 
with  experimental  behavior. 


EXPERIMENTS 

Much  of  our  impact  and  penetration  analytic  and  experimental  research 
had  used  4340  steel  for  the  target  material  and  for  some  of  the  projectiles 
as  woll.  This  material  is  quite  versatile  for  such  resoarch  since  it  is 
possible  to  obtain  a  controlled  range  of  stross-strain  properties  by  varying 
the  tempering  tompei’ature.  Additionally  materials  property  data  have  boon 
published  for  the  various  tempers. 

SPECIMENS 


Wo  chose  to  use  our  standard  4340  stool,  test  projectiles  as  compros- 
sion  spocimons.  These  are  right  circular  cylinders,  Q.759  cm  in  diameter, 
1.524  cm  in  length,  procured  by  contract  and  received  with  a  Uoekwoll-C 
hardness  (IIRC)  of  approximately  53.  This  hardness  value  is  a  result  of 
tempering  at  204°C.  The  tolerances  on  uniformity  of  dimensions,  end  paral¬ 
lelism  and  perpendicularity  are  far  more  stringent  than  those  required  in 
ASTM  standard  E9  for  compression  testing.  The  specimens  were  retempored  at 
482°C  in  vacuum  for  two  hours  and  air-cooled  resulting  in  HRC  »  40.  It 
should  bo  noted  that  the  specimen  ends  had  been  finished  in  a  lathe  and  cir¬ 
cular  machining  marks  wore  visible  using  u  low  power  microscopic.  Those 
murks  later  could  bo  measured  after  the  test  to  determine  the  radial  dilation 
of  the  specimen  end  surfaces. 
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PROCEDURE 


Loading  was  performed  in  a  Wiedemann-Baldwin,  screw  operated  testing 
machine  of  267  kN  capacity.  The  specimens  were  compressed  between  tungsten 
carbide  loading  blocks  which  were  in  turn  loaded  through  massive  steel  com¬ 
pression  fixtures  installed  on  the  moveable  heads  of  the  testing  machine. 

The  loading  surfaces  of  the  tungsten  carbide  blocks  were  parallel  to  better 
than  one  part  in  6000.  The  machine  operates  with  controllable,  constant 
head  closure  rate  during  a  test.  For  these  experiments  a  deflection  rate  of 
approximately  .03  mm/min  was  applied  for  the  initial  loading  up  to  the  yield 
region  and  this  was  increased  to  0.1  mm/min  thereafter.  Test  data  to  be 
compared  with  the  HEMP  code  predictions  were  obtained  from  tests  with  no 
lubrication  at  the  specimen  ends.  Tests  were  also  performed  in  which  0.05 
mm  thick  Teflon  sheet  was  used  for  lubrication  (We  found  no  significant 
effect  on  large  deformation  behavior  by  the  lubricant) . 

A  series  of  tests  with  maximum  loads  from  93  kN  to  245  kN  were  per¬ 
formed.  Data  from  tests  at  156  kN  were  used  for  comparison  with  the  HEMP 
code  results,  as  will  subsequently  be  described.  Longitudinal  sections  were 
made  of  a  number  of  deformed  specimens  and  these  were  polished  and  etched 
(A  photomicrograph  of  one  such  section  appears  in  Figure  6b) . 

After  the  test,  measurements  were  made  of  the  end  faces,  bulge  diameter, 
and  final  height  using  a  micrometer  caliper  and  a  measuring  mici'oscopo  where 
appropriate.  The  results  of  the  measut-ements  are  given  in  the  next  section. 

EXPERIMENTAL  AND  COMPUTATIONAL  RESULTS 


In  our  computer  simulation  of  the  experiments  described  in  the  proco¬ 
ding  section  we  employed  an  elastic-plastic  constitutive  law  with  work- 
hardening.  Fortunately,  a  stress-strain  curve  for  the  specific  material 
used  (4340,  HRC  40)  was  available  for  strains  out  to  about  fifty  porccnt  in 
uniaxial  compression.  See  Chait  [7],  and  Figure  3.  This  data  was  used  in 
our  computor  simulations  unloss  otherwise  notod. 

To  simulate  compression  of  tho  cylinder,  a  constant  velocity  of  0.002 
cm/microsecond  was  imposed  on  tho  upper  portion  of  tho  specimen  (Only  one- 
quarter  of  the  specimen  need  be  simulated  because  of  symmetry  conditions). 
This  velocity  was  chosen  as  a  compromise  between  economy  and  proper  simula¬ 
tion  of  the  quasi-static  experiments.  Economy  requires  that  as  large  a 
velocity  be  employed  as  is  suitable;  a  velocity  larger  than  the  one  chosen 
would  induce  plastic  deformation  rather  than  clastic  on  the  first  wave  pas¬ 
sage  and  would  result  in  rapid  accumulation  of  such  deformation  near  the 
loaded  end  of  the  specimen,  which,  of  course,  is  not  in  accord  with  the 
experiments.  We  shall  be  content,  for  now,  to  lot  tho  comparison  between 
computational  results  so  obtained  and  the  experimental  results  address  the 
question  of  tho  clear  differences  between  theoretical  and  experimental 
strain-rates.  No  explicit  description  of  strain-rate  effects  was  taken  into 
consideration  in  the  analysis. 


It  is  well-known  that  if  friction  is  absent  between  the  specimen  and 
the  loading  platens,  the  result  is  a  uniform  compression  of  the  cylinder 
with  uniaxial  stress  throughout  the  body  and  with  radial  and  hoop  strains 
equal  to  minus  one-half  of  tho  axial  strain.  A  tost  case  was  run  to  verify 
that  the  computer  program  would  reproduce  this  result  and  it  did  with  relent¬ 
less  precision. 


To  simulate  tho  effect  of  friction  between  the  spocimon  and  ond  plates, 
it  was  assumed  that  a  frictional  stress,  f,  was  developed  there  as  the  de¬ 
formation  proceeded.  The  magnitude  of  this  stress  was  assumed  to  be  given 
by  f  b  p  •  o^j  where  is  the  normal  stress  developed  at  the  interface  and 
U  is  a  coefficient  of  friction.  It  was  found  that  the  choice  of  v  »  0.3 
gave  satisfactory  results  in  the  absence  of  a  hotter  guide  for  such  a  choice. 


It  was  found  that  the  modeling  process  described  thus  far  is  insuffi¬ 
cient  to  give  complete  agreement  with  experiment.  With  no  further  conditions 
imposed  as  deformation  proceeded  in  our  calculations,  material  from  the  cor¬ 
ners  extruded  outward  and  upward  into  the  space  physically  occupied  by  the 
loading  platens.  See  figure  4.  The  next  step  we  took  was  to  simulate  the 
platens  directly  by  means  of  a  very  rigid  block  of  material  all  moving  with 
the  imposed  velocity  (figure  S).  These  results  were  also  considered  unsatis¬ 
factory  since  they  produced  kinks  in  the  outer  surface  near  the  loading 
platens  which  were  not  observed  physically. 
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Figure  4.  Compression  Simulation  Without  Figure  5.  Compression  Simulation  Including 
Provision  For  Roll-Over  Platen  But  Without  Provision  For 

Roll-Over 


The  most  suitable  set  of  boundary  conditions  was  arrived  at  by  consider¬ 
ing  the  following  set  of  experimental  observations.  When  those  experimental 
specimens  which  had  been  shortened  in  length  by  approximately  fifty  to  sixty 
percent  were  examined  closely,  it  became  apparent  that  the  deformation  under 
the  loading  platens  involved  the  following  sequence.  The  original  end  diam¬ 
eters  (as  opposed  to  the  equatorial  diameter)  increase  by  only  a  small  amount 
(say  ten  percent)  while  the  equatorial  diameter  is  increasing  by  sixty  per¬ 
cent  (Small  circles  due  to  machining  provided  fiducial  markers  in  this  con¬ 
text).  On  the  other  hand,  material  which  is  initially  on  the  cylindrical 
surface  "rolls  over"  and  becomes  part  of  the  flat  end  of  the  specimen  under 
the  loading  platens,  and  thereby  increasing  the  observed  specimen  diameter 
under  the  platens.  As  mentioned,  we  noticed  this  process  when  the  end  short¬ 
ening  had  reached  fifty  to  sixty  percent.  It  had  clearly  started  much 
earlier  in  the  deformation. 

This  phenomenon  is  apparently  well-known  to  workers  familiar  with 
forming  operations,  but  it  is  not  as  familiar  outside  such  circles.  This 
unfamiliarity  persists  despite  several  allusions  to  the  process  including 
quantitative  experimental  observations  by  Hsu  in  1968  [8). 

This  phenomenon  is  clearly  an  important  element  in  formulating  the  most 
suitable  boundary  conditions.  The  slide  line  routine  in  HEMP  was  rewritten 
(a)  to  permit  those  edge  points  on  the  lateral  surface  to  roll-over  and 
become  part  of  the  loaded  boundary,  and  (b)  to  prescribe  the  suitable  velo¬ 
city  conditions  and  frictional  conditions  once  they  did  so.  Figure  6a  shows 
the  deformed  specimen  when  the  simulation  considered  these  issues.  The 
point  labeled  A  designates  the  location  of  the  point  originally  at  tho  cor¬ 
ner  of  the  unloaded  specimen.  As  can  be  seen,  two  points  originally  located 
on  the  lateral  surface  have  rolled  over  and  become  part  of  the  loaded  sur¬ 
face.  This  action  clearly  has  a  strong  influence  on  the  subsequent  stress 
and  strain  distribution  and  must  be  one  of  the  critoria  for  the  acceptance 
of  an  analytical  solution. 

Tho  simulation  shown  in  Figure  6a  also  shows  another  essential  foature 
which  is  observed  experimentally  viz.  tho  presence  of  a  x'elativoly  undeformed 
conical  region  under  the  loading  platens.  This  is  bordered  by  a  sono  which 
is  heavily  deformed  in  shear.  There  is  a  region  along  the  equatorial  axis 
in  which  one  can  easily  judge  (simply  by  comparing  zone  sizes  with  those  in 
the  eonicul  region)  that  there  Is  a  strong  axial  compressive  strain  but  u 
large  tensile  hoop  strain. 

Figure  6b  shows  the  deformation  pattern  experimentally  observed  in  a 
cross-section  of  a  4340  steel  cylinder  with  a  stress-strain  curve  corrspond- 
ing  to  the  one  used  in  the  simulation.  The  overall  amounts  of  deformation 
for  theory  and  experiment  are  quite  close  in  the  sense  that  analytically 
L/L0  «  0.46  and  U/U^  &  1.66  while  experimentally  L/Lg  <=  0.44  and  l)/D0  »  i,02. 

As  can  be  readily  observed,  there  are  many  interesting  details  in  terms 
of  which  the  comparison  is  excellent.  The  4340  rod  material  used  in  these 
experiments  luxs  an  internal  structure  (flow  lines)  which  arises  as  a  result 


of  segregation  and  subsequent  rolling.  This  structure  forms  a  set  of  fiducial 
lines  which  are  originally  parallel  to  the  axis  of  the  specimen  and  which  de¬ 
lineate  the  deformation  pattern  as  it  occurs  (see  Figure  6b) .  If  one  compares 
these  to  the  numerical  grid  lines  which  were  also  originally  parallel  to  the 
specimen  axis  (Figure  6a),  the  agreement  is  clear  and  indicates  we  may  place 
a  high  degree  of  confidence  in  both  the  overall  features  and  in  the  finer 
details  of  the  numerical  simulation.  The  highly  sheared  zones  which  separate 
the  equatorial  regions  from  the  so-called  "rigid  cones"  under  the  loading 
platens  are  also  clearly  visible  in  the  experiment. 

A  more  quantitative  assessment  is  presented  in  Figure  7  in  which  several 
of  the  interesting  parameters  associated  with  the  global  deformation  are  pre¬ 
sented  as  determined  analytically  and  experimentally.  The  agreement  gener¬ 
ally  is  extremely  good. 

No  fracture  was  observed  in  the  4340  steel  specimens  studied  up  to  height 
reductions  of  seventy  percent,  which  is  at  the  load  limit  of  our  testing  ma¬ 
chine.  This  result,  therefore,  precludes  a  discussion  of  the  development  of 
a  fracture  criterion  by  comparing  theoretical  and  experimental  details  in  this 
instance.  Further  testing  and  computer  simulations  are  required  and  this 
paper  must  be  considered  a  progress  report  in  this  respect. 

Figure  8  shows  some  quantitative  results  in  terms  of  the  distribution 
of  plastic  strain  fields  developed  in  the  specimen  after  a  reduction  in 
height  of  fifty- three  percent.  The  contours  plotted  are  for  values  of  ef¬ 
fective  plastic  strain  as  conventionally  defined.  It  so  happens  that  these 
are  very  close  to  the  values  of  axial  strain  for  the  same  locations.  Maxi¬ 
mum  strain  values  of  nearly  1.5  (one  hundred  and  fifty  percent)  are  noted  in 
the  geometric  conter  of  the  specimen. 

An  interesting  feature  of  the  solution  presented  here  deals  with  the 
rolo  of  hydrostatic  prossure  (mean  normal  stress)  along  the  diametral  cross- 
section.  Near  the  specimen  axis  there  is  a  large  compressive  value  of 
hydrostatic  pressure  and  all  three  stress  components  are  negative.  This,  as 
shown  by  Bridgman,  permits  the  development  of  larger  strains  before  fracture 
than  one  might  find  otherwise.  Near  the  outer  surface  along  the  equator  tho 
constraint  of  vanishing  normal  stress  relaxes  the  level  of  hydrostatic  stress 
(and,  in  fact,  the  hoop  stress  becomes  moderately  tensile).  This  should 
permit  failure  to  occur  at  lower  strain  levels. 

Another  strain  field,  slightly  less  intense  than  that  near  the  specimen 
center,  but  greater  than  that  found  elsewhere  in  the  sample  is  seen  to  be 
developing  near  the  specimen  comers  and  proceeding  toward  the  specimen  cen¬ 
ter;  these  regions  are  also  still  located  in  a  compressive  stress  field,  but 
one  less  intense  than  at  the  specimen  center.  At  the  outer  ends  of  the  equa¬ 
torial  diameter,  the  strain  fields  are  roughly  fifty  percent  as  intense  us 
those  near  the  center,  but  a  tensile  hoop  stress  is  beginning  to  develop  in 
this  region. 

The  competition  between  candidate  failure  modes  mentioned  earlier  is 
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Figure  8.  Contours  Of  Effective  Plastic  Strain  In  Compressed  RCH40  4340 
Steel  Cylinder 


thus  seen  to  be  quite  complex  and  is  clearly  going  to  be  sensitive  to  details 
of  geometry  and  material  properties.  As  such,  it  needs  considerable  further 
study. 


SUMMARY  AND  CONCLUSIONS 


A  comparison  was  made  between  the  results  of  experimental  axial -compres¬ 
sion  tests  of  4340  steel  and  HEMP  simulations  of  those  tests.  The  agreement 
was  sufficiently  good  to  warrent  a  high  level  of  confidence  in  those  theoret¬ 
ical  results  which  are  not  amenable  to  experimental  observation,  such  as 
stress-strain  fields  in  the  interior  of  the  specimen. 

It  was  also  demonstrated  that  when  suitable  boundary  conditions  are 
employed,  all  essential  characteristics  of  the  large  deformation  processes 
can  be  accounted  for.  In  particular,  the  rolling  over  of  the  lateral  surface 
of  the  specimen  is  believed  to  significantly  influence  further  interior  de¬ 
formation  and  hence  must  be  adequately  modeled. 

No  fracture  was  observed  in  the  4340  HRC40  steel  specimens  we  tested  so 
that  our  original  objective  of  relating  the  computed  stress  and  deformation 
fields  to  the  onset  of  fracture  under  nominally  compressive  fields  could  not 
be  attained  in  this  instance.  In  this  context  we  should  indicate  we  were 
limited  in  our  testing  machine  capacity  to  60,000  pounds.  Wo  did  observe 
fracture  under  these  conditions  in  both  aluminum  and  titanium  specimens,  so 
there  is  no  inherent  flaw  in  our  proposed  approach. 

Since  fracture  originates  in  a  localized  region  whore  stress,  strain 
and  material  structure  reach  a  critical  mix,  the  presence,  shape  and  volume 
fraction  of  inclusions  and  other  inhomogeneitios  aro  expected  to  have  a 
strong  effect  (The  4340  steel  we  used  in  our  experiments  was  well  above  aver¬ 
age  in  cleanliness).  One  of  the  advantages  of  the  tost  procedure  proposed 
is  that  it  employs  a  small  specimen  size,  thereby  making  it  possible  to  test 
specimens  containing  the  same  microstructural  features  as  the  material  in  an 
actual  component.  It  also  makes  it  possible  to  employ  samples  which  are 
oriented  in  selective  directions  with  regard  to  special  features  produced  by 
fabrication  processes. 
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ABSTRACT 


Taylor  tests  wero  performed  for  a  number  of  tempers  of  4340  steel  having 
a  range  of  hardness  from  approximately  38  to  53.  Theoretical  analyses  of  the 
test  were  also  performed  using  the  HUMP  computer  code.  The  HEMP  code  correctly 
predicts  the  deformed  shape  of  the  projectile  cylinder  and  code  results  sug¬ 
gest  that  the  Taylor  formula  for  dynamic  flow  stress,  when  applied  to  high 
strength  materials,  yields  results  which  are  nonconservative. 

At  high  impact  velocities,  where  dynamic  fracture  occurs,  two  types  of 
behavior  were  observed.  For  tempering  temperatures  of  400  F  to  600  F  (204  C 
to  316  C)  brittle  fracture  is  observed,  with  a  conical  fracture  surface  at  the 
impact  end  of  the  projectile.  For  the  higher  tempering  temperatures,  the  pro¬ 
jectile  remains  intact  and  the  impact  surface  petals.  In  these  cases  we  have 
measured  a  characteristic  dynamic  fracture  strain  using  a  computer-assisted 
technique. 

There  is  metal lographic  evidence  that,  in  the  ease  of  brittle  fracture, 
narrow  bands  of  adiabatic  shear  are  formed  and  these  serve  as  the  sites  where 
the  cracking  initiates, 

INTRODUCTION 

Among  the  many  contributions  of  6.  1.  Taylor  to  ballistics  was  a  suggested 
method  for  determining  the  flow  stress  of  a  rigid-pure  plastic  material  at  high 
rates  of  strain  (lj.  In  the  suggested  method,  a  right  circular  cylinder  is 
ballistically  impacted  on  a  thick  rigid  target  at  relatively  low  velocities. 

Hie  ballistically  deformed  cylinder  is  recovered  and  the  deformed  length  of 
the  test  cylinder  is  measured.  Taylor's  analysis  indicated  that  the  flow 
stress  could  be  inferred  from  the  relation; 

V  *  ou2/2  Ln(L/L0j  (1) 

where  V  »  flow  stress 
o  »  density 
u  «  striking  velocity 
1.  »  deformed  length 
Lq  8  initial  length 


The  ideal  conditions  for  the  test  are  that  the  target  remains  rigid  when 
it  is  impacted,  there  shall  be  no  friction  at  the  impact  surface,  and  the  cyl¬ 
inder  should  deform  into  the  shape  shown  schematically  in  Figure  1.  Implied 
in  the  theory  is  that  the  same  value  of  Y  should  result  from  experiments  with 
cylinders  of  varying  L/D  ratio  and  over  a  range  of  velocities. 

There  is  some  question  of  the  meaning  of  the  flow  stress  for  many  high- 
strength  materials  of  ballistic  interest  such  as  4340  steel  whose  dynamic 
stress-strain  curves  may  exhibit  strain  hardening.  We  will  show  that  there 
are  discrepancies  between  analytic  predictions  of  stress,  obtained  from  a  well- 
established  computer  code,  and  those  of  the  Taylor  test  for  such  strain¬ 
hardening  materials.  Experimental  results  also  show  that  the  value  of  Y  is 
not  independent  of  the  test  cylinder  length. 

Tests  were  also  performed  in  which  striking  velocity  was  sufficiently 
increased  to  cause  cracks  to  form  and  then  further  increased  to  cause  complete 
fracture  of  test  cylinders  of  4340  steel  of  various  tempers.  Observations  and 
measurements  of  the  recovered  specimens  showed: 

1.  There  were  characteristic  fracture  modes  associated  with  the  various 
tempering  temperatures. 

2.  There  is  a  characteristic  fracture  initiation  strain  for  each  temper¬ 
ing  temperature  and  this  strain  is  independent  of  the  striking  velocity. 

In  the  next  section  of  the  report  we  describe  the  experimental  procedure . 
This  is  followed  by  a  section  containing  a  brief  description  of  the  analytic 
procedures.  There  are  then  two  sections  on  the  results:  One  on  the  flow 
stress  studies  and  one  on  the  fracture  investigations.  The  last  section  of 
this  paper  contains  a  summary  of  the  work  and  conclusions. 
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Figure  1  Taylor  Tost  Parameters 
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EXPERIMENTAL  PROCEDURES 


In  this  section  we  describe  the  specimen  material,  the  test  procedures, 
and  a  computer-assisted  data  reduction  method  used  in  the  investigation. 

Specimen  and  Target  Material 

Heat-treated  test  cylinders  of  4340  steel  which  had  been  tempered  at 
400  F  were  procured  by  contract.  All  cylinders  were  0.299  in.  (7.59  mm)  in 
diameter.  The  majority  of  the  cylinders  were  0.600  in.  (15.24  mm)  long,  having 
a  nominal  length  to  diameter  ratio  (L/D)  of  2.  A  smaller  number  were  1.200  in. 
(30.48  mm)  long  with  a  nominal  L/D  =  4. 


A  previous  investigation  using  4340  steel  projectiles  [2]  had  indicated 
that  ballistic  fracture  mode  (specifically  the  occurrence  of  adiabatic  shear) 
was  influenced  by  factors  associated  with  specimen  hardness.  We  therefore 
planned  to  perform  tests  with  specimens  of  various  hardness  values.  Sets  of 
cylinders  were  retempered  for  two  hours  at  the  following  temperatures:  600  F, 
700  F,  800  F,  900  F,  and  980  F.  The  resulting  hardness  values  for  the  origi¬ 
nally  received  and  the  retempered  material  are  given  in  Table  I.  Each  value 
in  the  table  is  the  average  of  eight  hardness  tests  performed  on  two  randomly 
chosen  samples. 


Table  I  Specimen  Hardness 


Tempering  Rockwell-C 
Temperature  Hardness, 

(Deg  F  (Q)  HRC 


400 

(204) 

53.2 

600 

(316) 

48.7 

700 

(371) 

46.8 

800 

(427) 

44.0 

900 

(482) 

40.7 

980 

(527) 

38.2 

Launch  Apparatus 


All  target  plates  were  of 
the  same  4340  material,  tempered 
at  400  F  (204  C) .  The  nominal 
dimensions  were:  0.75x6.0x6.0  in. 
(19x152x152  mm) . 


The  test  cylinders  were  fired  from  a  smooth  bore,  20  ft  (6.1  m)  long, 
helium  propellant  gun.  The  target  plates  were  mounted  19.6  In.  (500  mm)  from 
the  muzzle.  Cylinder  velocities  were  determined  using  a  two-beam  laser  veloc- 
imeter  which  measured  the  time  of  flight  over  a  6.00-in.  (152.4-mm)  gage  dis¬ 
tance.  The  time  measurements  were  made  by  a  conventional  10-megacycle  ballis¬ 
tic  chronograph.  The  major  error  in  velocity  arises  because  of  possible 
differences  in  the  relative  positions  of  the  cylinder  in  the  two  laser  beams 
when  the  chronograph  trigger  signals  are  generated.  Wo  ostimato  the  uncertainty 
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to  be  the  equivalent  to  an  error  in  the  gage  distance.  This  possible  error 
is  equal  to  the  laser  beam  diameter  of  0,09  in.  (2.3  mm)  resulting  in  an  error 
of  1.5%  in  velocity. 


Projectile  Impact  Face  Measurements 
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The  lover  photographs  show  the  impact  faces  of  three  projectiles  impacted  at 
increasing  velocities  while  the  upper  photographs  are  'elevation  views  of  the 
same  projectiles . 

If  the  outline  of  the  impact  face  of  such  a  cracked  projectile  is  traced 
to  a  known  scale,  as  shown  schematically  in  Figure  3,  the  length  of  one  perim¬ 
eter  arc  segment  L,  ,  can  be  approximated  by  a  series  of  small  straight  line 
segments  designated  as  Aj  in  the  figure.  If  a  set  of  coordinate  axes  is  estab 
lished  on  the  tracing,  tne  lengths  of  each  of  the  segments  can  be  calculated 
in  the  manner  illustrated  in  the  figure. 

This  scheme  was  the  basis  of  a  computer-assisted  method  for  measuring  the 
lengths  of  the  arc  segments  and  for  calculating  the  crack  threshold  value  of 
the  circumference  and  diameter  of  the  projectile.  An  enlarged  shadowgraph 
image  of  the  end  face  was  projected  on  graph  paper  and  hand-traced.  A  scale 
length  was  also  marked  on  the  graph.  An  interactive  computer  program  was 
written  for  use  with  a  Tektronix  Model  4662-Digital  Plotter  (operating  as  a 
digitizer)  and  a  Tektronix  4014-Graphics  Terminal  coupled  to  the  AMMRC  UNIVAC 
1106  computer.  With  the  graph  sheet  installed  on  the  plotter,  the  operator 
digitized  the  required  segments  on  the  tracing  and  the  computer  made  the  appro 
priate  calculations.  The  results  were  displayed  on  the  screen  of  the  graphics 
terminal  where  they  were  automatically  copied  by  a  hard-copy  device.  An  anal¬ 
ogous  program,  using  numerical  integration  was  written  to  calculate  the  irre¬ 
gular  areas  of  uncracked  end-faces. 

We  used  test  tracings  of  known  dimensions  to  evaluate  both  the  accuracy 
of  the  plotter  and  that  of  the  operator.  We  found  that  the  average  total 
error  in  perimeter  or  in  area  was  less  than  2%. 


y  METHOD  OF  GRAPHICAL  INTEGRATION 


Figure  3  Schematic,  enlarged,  shadowgraph  image  of  projectile  end  face  illus¬ 
trating  the  method  of  graphical  determination  of  the  crack  threshold  perimotor 
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ANALYTICAL  PROCEDURE 


The  stated  problem  is  two-dimensional  in  character,  involving  rotational 
symmetry  about  the  cylinder  axis.  The  HEMP  code  is  suitable  for  a  detailed 
spatial  and  temporal  analyses  of  the  wave  propagation  events  involved  in  the 
experiments;  indeed  this  is  the  approach  used  by  Wilkins  and  Guinan  [4].  Such 
a  procedure  has  the  advantage  of  not  involving  any  simplifying  hypotheses  such 
as  the  one-dimensional  analysis  used  by  Taylor  [1];  it  has  the  disadvantage 
of  a  numerical  procedure  that  it  does  not  result  in  a  one- line  formula  such 
as  Equation  1  for  determining  useful  theoretical  parameters. 

The  HEMP  Code 

To  describe  the  capabilities  of  the  code  as  succinctly  as  possible  one 
might  say  that  it  begins  with  the  conservation  laws,  couples  to  these  an  equa¬ 
tion  of  state  which  is  quite  realistic  for  the  dynamic  high-pressure  regimes 
encountered,  casts  the  entire  assembly  into  a  finite-difference  formulation 
and  integrates  the  equations  of  motion  step  by  stc-p  in  time. 

Code  Input 

Input  to  the  code  consists  of  a  specification  of  the  geometry  of  the  prob¬ 
lem,  the  appropi'iate  initial  velocity  and  the  dynamic  stress-strain  properties, 
of  the  material  involved.  Foremost  among  these  are  the  so-called  Ilugoniot 
characteristics  describing  the  dynamic  pressure-volume  relationship.  These 
are  generated  in  uniaxial-strain  shock-wave  experiments  similar  to  those  in 
which  spall  properties  arc  measured.  The  analytical  model  incorporates 
elastic-plastic  behavior  including  strain-hardening  effects  and  employs  a 
Von  Mises  yield  criterion.  Details  of  the  flow  curve  beyond  initial  yield 
are  obtained,  genorally,  from  static  tension  or  compression  tests.  In  the 
computer  simulations  performed  for  this  report,  only  data  from  compression 
tests  as  reported  by  Chait  [3]  were  used  as  initial  estimates  of  yield  stross 
to  begin  tho  iterative  process  of  comparing  thoory  versus  experiment.  If 
agreement  was  not  satisfactory,  tho  initial  estimate  of  yield  stress  used  in 
the  theoretical  calculation  was  modified  and  tho  simulation  repeated  itera¬ 
tive  ly  until  agreement  was  satisfactory. 

Codo  Output 

Output  from  tho  code  consists  of  a  detailed  spaco-time  history  of  all  the 
important  physical  quantities  such  as  stress,  strain,  displacement,  velocity, 
etc.  Thus  it  is  an  extremely  valuable  tool  for  providing  a  dynamic  "whole 
field"  analysis  required  to  decipher  the  complex  sequence  of  ovents  loading 
up  to  the  final  deformation  of  the  recovered  projectile.  Numerous  comparisons 
betwoon  tho  prodictions  of  HEMP  and  experimental  results  tend  to  show  oxcol- 
lont  agroement  when  suitable  material  properties  arc  employed. 

In  the  computations  whoso  results  aro  reported  horc ,  tho  prossure-volumo 
curvo  used  for  tho  4340  material  was 

P  «  1.65  v  +  1.82  u2 
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where  ;i  =  (V0/V  -  1) ,  V  is  relative  volume,  V0  is  the  initial  value  of  V  and 
P  is  pressure  in  megabars.  A  constant  value  of  yield  stress  was  used  (as  dis¬ 
cussed  in  detail  in  the  following)  to  define  the  elastic-plastic  behavior  of 
the  material  for  most  of  the  comparisons  with  experiment.  The  specific  value 
of  yield  stress  chosen  corresponds  to  the  value  of  flow  stress  at  a  50%  strain 
level  in  the  static  compression  tests  on  these  same  materials  reported  in 
Reference  3.  A  few  computer  simulations  wore  conducted  using  work-hardening 
details,  but  these  tended  not  to  greatly  illuminate  the  comparison  with  exper¬ 
iment.  However  in  this  regard,  it  should  be  observed  that  such  comparisons 
only  involved  what  might  be  termed  global  features  (e.g. ,  overall  length  of 
the  projectile,  circumference  of  the  mushroomed  end,  etc4  rather  than  any  de¬ 
tailed  mapping  of  the  local  changes  in  hardness  within  the  deformed  projectile. 

TAYLOR  TEST  DEFORMATIONS 


One  objective  of  our  Taylor  test  program  was  to  determine  the  effect  of 
tempering  temperature  on  the  dynamic  deformation  and  fracture  behavior  of 
4340  steel.  Another  objective  was  to  compare  the  deformed  dimensions  of  the 
test  cylinders  with  values  predicted  by  the  HEMP- computer  code.  In  this  sec¬ 
tion  of  the  paper  we  discuss  only  the  deformation  studies  while  the  fracture 
results  aro  described  in  the  next  section. 

Taylor  Flow  Stress  Errors 

It  is  important  to  note  that  small  errors  in  measurement  of  the  impact 
velocity  o;  of  the  deformed  length  of  impacted  cylinders  can  lead  to  larger 
errors  in  the  value  of  the  Taylor  stress  as  calculated  by  Equation  1.  The 
value  of  Y  is  especially  sensitive  to  length  errors  und  the  sensitivity 
increases  as  the  amount  of  deformation  decreases. 

In  our  experiments,  the  possible  error  in  velocity  measurement  is  1.5%. 
This  loads  to  a  possible  error  of  3%  in  values  of  Y  calculated  by  Equation  1. 

Length  measurement  errors  are  more  serious.  Let  us  define  the  following 
quantities  for  a  quantitative  assessment  of  the  length  error  in  Y.  (In  the 
analysis  wo  assume  that  the  initial  length  of  the  projoctilo  is  determined 
without  error) : 

Lo  •»  original  length  of  the  cylinder 
L  »  true  final  length 

L0  °  erroneous,  measured  final  length 
e  =  error  in  longth  measurement:  (1  +  o)  L  =  L0 
Y  =  true  Taylor  stress 

Y0  =  erroneous  Taylor  stress  (using  Lc  in  Equation  1) 

Now  lot  AY  =?  Y0  -  Y 

From  Equation  1: 

Y0/Y  «  Ln(L/L0)/La(Lo/L0)  (2) 
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From  the  definition  of  e 


Le/L0  =  (1  +  e)  L/L0  (3) 


and  from  the  definition  of  AY 


Ye/Y  a  (AY/Y)  +  1  (4) 


where  AY/Y  is  the  error  in  Y. 

Equations  2  to  4  can  be  combined  and  rearranged  to 

Ln(L/L0) 

AY/Y  =  Ln(l  +  e)  +■  ln(L/L0)  1 


Shown  in  Figure  4  are  values  of  the  error  in  Taylor  stress  for  four  values  of 
the  length  error,  It  should  be  noted  that  for  high-strength  materials  the 


Figure  4  Possible  errors  in  the  Taylor  stross  as  a  result  of  errors  in  measuring 
the  deformed  longth  of  the  impacted  cylinders.  For  the  high-strength  4340  mate¬ 
rial  used  in  this  program  tho  range  of  L/l0  valuos  was  from  about  0.85  to  0.95. 
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amount  of  end  shortening  of  the  cylinder  in  a  Taylor  test  is  small,  hence  L/Lo 
may  be  typically  greater  than  0.85.  Here  the  errors  in  stress  can  be  very 
large . 

Taylor-Stress  Values 

Well  over  200  specimens  were  tested  in  the  program.  We  chose  for  Taylor 
stress  calculations  only  specimens  which  were  uncracked  and  which  had  impacted 
with  no  more  than  1°  obliquity.  The  experimental  conditions  for  the  selected 
specimens  are  shown  in  Table  II. 

The  mean  Taylor-stress  values  for  each  temper  are  shown  in  Figure  5, 
separately  for  L/D  =  2  and  l/D  =  4.  The  curves  were  hand-faired  between  the 
data  points.  The  values  for  L/D  =  4  are  approximately  10%  lower  than  for 
L/D  =2.  We  have  no  ready  explanation  for  the  difference. 


Table  II  Experimental  Conditions  for  Taylor-Stress 


Tests  for  4340  Steel 
Velocity  Range 


Hardness 

HRC 

L/D 

Ratio 

(min  - 
ft/sec 

"maxj 

m/scc 

L/L0  Range 
(min  -  max) 

No.  of 
Shots 

53.2 

2 

435-656 

133-200 

0.95-0.98 

5 

53.2 

4 

520-778 

158-237 

.93-  .97 

6 

48.7 

2 

744-1054 

227-321 

.85-  .92 

6 

46.8 

2 

858-1015 

262-309 

.87-  .91 

5 

46.8 

4 

840-961 

256-293 

.88-  .90 

3 

44.0 

2 

818-1063 

243-324 

.85-  .91 

4 

44,0 

'  4 

833-1056 

254-322 

.84-  .89 

3 

40.7 

2 

823-974 

251-297 

.86-  .90 

3 

40.7 

4 

954-1053 

291-321 

.82-  .86 

2 

38.2 

2 

868-1023 

265-312 

.84-  .86 

10 
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Figure  5  Experimental  Taylor- stress  values  as  a  function  of 
hardness  for  touipored  4340  stool. 

Static  compression  data  for  the  same  material  for  tho  same  range  of  tem¬ 
pering  temperatures,  reported  by  Chait  [3],  are  shown  in  Figure  6  together 
with  tho  Taylor-stress  values  for  I./D  =  2.  Tho  lower  of  tho  two  static  curves 
is  tho  0.2%  yield  stress;  the  upper  curve  is  the  true  stress  for  a  true  strain 
of  0.5.  Tho  difference  between  tho  two  static  eurvos  is  an  indication  of  tho 
amount  of  work  hardening  up  to  a  true  strain  of  0.5.  The  elevation  of  the 
Taylor-stress  vulues  over  the  static  suggests  a  strain-rate  effect.  However 
this  is  contrary  to  the  findings  by  Wilkins  (4]  which  indieato  that  at  large 
strains,  flow  stress  is  rate  independent  for  steel  above  same  critical  value. 
The  large  difference  between  the  Taylor-stress  and  tho  static  values  indicates 
a  largo  strain- rate  effect  which  also  is  contrary  to  the  findings  of  Refer¬ 
ence  4.  The  discrepancy  is  greater  than  can  be  accounted  for  by  experimental 
error.  Wo  tentatively  concluded  that  the  Taylor  formula  is  nonconservative 
when  applied  to  high-strength  steel.  Wo  will  show  that  IIEMF-codo  analyses 
load  to  the  same  conclusion. 

IIHMP-Codc  Predictions 

Computations  were  made  for  the  two  L/I  ratios  of  the  experiments:  I./D  -  2 
and  L/D  =  4.  Tho  input  conditions  were  as  follows:  impact  velocity  *  900  ft;/ 
sec  (274  m/sec)  and  cylinder  diameter  =>  0.300  in.  (7.62  nun).  Two  sets  of 
HEMP-code  runs  woro  made  using  two  different  flow  stresses  but  both  with 
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figure  6  Static  compression  yield  stress  data  for  various  hardnesses 
of  4340  steel  (two  lower  cu»*ves)  shown  with  Taylor-stress  values  for 
L/i)  o  2.  The  lower  of  the  two  static  curves  is  the  0.2*«  yield  strength. 
Hie  upper  static  curve  is  the  sti'ess  value  for  a  natural  strain  of  501. 


stress-strain  curves  of  the  elastic-pure  plastic  type.  The  flow  stresses  were 
217.6  ksi  (1500  MPa)  which  simulated  the  material  tempered  at  900  F  (482  C) 
having  HRC  =  40.7,  and  290.1  ksi  (2000  MPa)  which  simulated  the  material  tem¬ 
pered  at  700  F  (371  C)  having  HRC  =  46.8.  Since  there  were  no  data  at  exactly 
900  ft/sec,  the  experimental  values  were  interpolated  from  data  near  this  value. 
The  HEMP  predictions  and  experimental  values  are  given  in  Table  III. 

Note  the  remarkable  agreement  between  HEMP  values  and  the  experiments 
which  reinforces  our  confidence  in  the  predictive  value  of  this  code. 

If  we  now  treat  the  HEMP  data  as  experimental  results,  we  can  compute  the 
Taylor  stress  for  each  of  the  two  tempers  by  substituting  the  HEMP  L/Lq  values 
in  Equation  1  for  a  velocity  of  900  ft/sec  (274  m/sec).  The  results  are  shown 
in  Table  IV. 


Table  III  Comparison  of  HEMP  Predictions  and  Experimental 
Values  of  Final  Length  and  Impact  Surface  Diameter 
for  Two  Tempers  of  4340  Steel 


Material 

L/D 

HEMP 

Experimental 

Difference  (*) 

HRC 

Ratio 

L/ln 

Ml 

L/Ln 

n/Dn 

l/ln 

P7P'ft 

40.7 

2 

0.857 

1.42 

0.880 

1.39 

2.6 

2.2 

40.7 

4 

.835 

1.58 

.874 

1.56 

2.2 

1.6 

46.8 

2 

.893 

1.32 

.200 

1.53 

0.8 

0.8 

46.8 

4 

.  892 

1.45 

.889 

1.50 

U.3 

5.3 

Table  IV  Taylor-Stress  Values  Computed 
from  HEMP  Values  of  L/L0 

HEMP  Input  Stress  HEMP  Taylor  Stress  Diff. 
ksi  MPa  L/Lfl,  kid  MPa  % 

217.6  1SO0  0.857  273.8  1888  25. 8 

290.1  2000  0.893  373.4  2575  28.7 

Taylor  stresses  calculated  from  HEMP  t./I.Q  values  are  much  elevated  above 
the  input  flow  stress.  This  behavior  is  similar  to  what  was  shown  in  Figure  6. 
We  have  therefore  concluded  that  the  Taylor  formula  is  unreliable  for  high- 
strength  steel  and  that  a  procedure  utilizing  HEMP  and  experiments  is  probably 
more  suitable  to  obtain  dynamic  flow  stresses  of  such  materials.  In  such  u 
procedure s  deformed  lengths  of  projectile  cylinders  could  be  measured  with  a 
lower  precision  than  that  required  for  the  strictly  experimental  procedure. 

Then  by  an  iterative  process  experimental  lengths  could  be  matched  with  HEMP- 
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predicted  lengths  and  the  appropriate  stress  would  be  determined  from  the 
HEMP  values.  The  details  of  such  a  procedure  are  now  under  investigation. 

FRACTURE 


Dynamic  fracture  in  Taylor  test  cylinders  of  4340  steel  occurs  in  a  vari¬ 
ety  of  shear  modes  which  generally  fall  into  two  categories.  We  will  apply 
the  term  brittle  fracture  where  there  is  a  breakup  of  the  cylinder  into  large 
and/or  small  fragments  and  the  term  ductile  fracture  where  the  cylinder  cracks 
but  remains  intact  over  an  extended  range  of  impact  velocities.  Cylinders 
tempered  below  800  F  (427  C) ,  where  the  HRC  is  greater  than  44,  fail  by  brit¬ 
tle  fracture.  Cylinders  tempered  at  or  above  this  temperature  where  the  HRC 
44  fail  by  ductile  fracture.  In  this  mode,  there  is  a  threshold  velocity 
for  cracks  to  form  along  the  perimeter  of  the  impact  face  of  the  projectile. 

At  higher  velocities,  the  cracks  propagate  in  shear,  radially  inward  in  the 
manner  shown  in  Figuro  2. 

Brittle  Fracture  in  HRC  «  53,2 

i — — — « — —  n  ■■  i  i  — — ^  I  i  i 


Our  most  extensive  fracture  testing  was  performed  with  specimens  of  the 
hardest  of  the  4340  steel  tempers.  The  velocity  threshold  for  fragment  frac¬ 
ture  for  this  temper  is  between  740  to  780  ft/sec  (226  to  238  m/sec)  if  the 
impact  is  normal.  For  non-normal  impacts,  diagonal  shear-formed  fractures 
occur  with  u  wedge-shaped  fragment  at  a  threshold  velocity  of  approximately 
050  ft/sec  (108  m/sec).  In  the  L/D  =  4  cylinders,  as  the  velocity  is  increased 
beyond  the  threshold  value,  the  number  of  fragments  increases  and  the  size  of 
the  fragments  decreases. 

It  is  in  the  L/D  =>  2  cylinders  that  a  unique  form  of  fracture  occurs  which 
we  have  not  observed  in  L/D  *  4,  for  this  temper,  or  in  any  cylinder  tempered 
above  400  F  (204  C).  In  this  mode  a  cone-shaped  fragment  consistently  frac¬ 
tures  from  the  impact  end.  This  is  siftown ’sthematieal iy  in  Figure  7.  The 
threshold  value  for  cone  fracture,  when  the  impact  is  normal,  is  in  the  range 
from  925  to  1000  ft/sec  (282  to  SOS  »/see).  Shown  in  Figure  S,  on  the  left 
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Figure  7  Impact-end  fracture  cone  in  L/D  »  2  projectiles 
of  4340  steel,  tempered  at  400  F  (204  C)  —  schematic. 


is  one  such  cone.  Next  to  the  cone  is  a  typical  wedge-shaped  fragment.  Shown 
in  the  figure  on  the  right,  for  comparison  purposes,  are  an  unfractured,  but 
deformed  cylinder,  and  an  unfired  sample. 

We  have  been  able  to  recover  projectile  cylinders  in  which  the  cone  has 
not  yet  separated  from  the  body  of  the  cylinder.  One  such  cylinder  is  shown 
in  several  views  in  Figure  9  from  an  impact  at  1033  ft/sec  (315  m/sec) . 
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Figure  8  Left:  typical  cone  fragment;  second  from  left :  typiea 
wedge  fragment;  second  from  right:  typical  mushroom  deformation 
of  softer  projectiles;  right:  undeformed  cylinder.  The  two  pro 
jectiies  on  the  right  are  shown  for  comparison  purposes. 


Figure  9  Side  and  end  views  of  an  ,'ntaet .  but  cracked  cylinder 
of  4340  steel  with  IttlC  °  53.2.  The  cylinder  was  rotated  for  the 
side  views  to  show  the  distribution  of  the  diagonal  cracks.  The 
base  of  an  incipient  cone  is  evident  in  the  end  view  on  the  right 


Our  interpretation  of  the  chronology  of  fracture  is  that  cracks  initiate  at  the 
rim  and  propagate  inward  to  form  the  cone  surface  and  diagonally  rearward  as 
shown  in  the  two  photographs,  left  and  center.  The  cone  base  is  clearly  delin¬ 
eated  in  the  photograph  on  the  right  and  shows  no  evidence  of  the  radial  crack¬ 
ing  typical  of  the  higher  temperature  temper  samples.  At  higher  velocities 
the  cone  remains  intact  and  acts  as  a  wedge  to  cause  further  fragmentation  of 
the  cylinder.  The  cracks,  visible  in  the  left  and  center  photographs  of  Fig¬ 
ure  9,  propagate  and  join  together  to  form  individual  small  fragments  many  of 
which  contain  small  concave  conical  areas. 

Fracture  cones  form  and  can  be  recovered  over  an  extended  range  of  veloc¬ 
ities.  In  a  series  of  exploratoi*y  penetration  experiments  using  thin,  hardened 
4340  steel  targets  which  failed  by  plugging,  we  recovered  cones  when  the  impact 
velocity  was  as  high  as  1729  ft/sec  (527  ra/soc). 

Metal lographic  Examinations 

A  number  of  cone  fragments  wore  sectioned,  polished,  and  etched.  In  each 
such  section  we  found  evidence  of  the  so  called  white  layer  which  is  indicative 
of  adiabatic  shear.  It  was  not  clear,  however,  from  these  examinations  whether 
the  effect  occurred  prior  to  cracking  or  was  the  result  of  post-cracking  events. 

An  intact,  but  cracked  cylinder,  similar  to  that  shown  in  Figure  9,  from 
an  impaet  experiment  at  978  ft/see  (298  m/soc)  was  sectioned,  polished,  and 
etched.  Shown  in  the  upper  photograph  of  Figure  10  is  a  low  magnification  view 
of  the  impaet  end  with  a  crack  which  is  evidence  of  an  incompletely  formed 
fracture  cone.  The  crack  forms  a  50°  angle  with  cylinder  axis.  The  lower 
photograph  in  the  figure  is  a  high  magnification  view  of  the  crack  in  an  area 
near  the  apex  of  the  incipient  cone.  Note  the  clear  evidence  of  white  layer 
on  the  crack  surfaces,  and  also  of  a  thin  spike  of  white  layer  running  diago¬ 
nally  upward  into  the  material  near  the  eenter  of  the  photograph.  We  have 
concluded  from  this  metallography  evidence  that  adiabatic  shear  is  a  precur¬ 
sor  to  cone  cracking  and  that  the  crack  occurs  in  the  thin  adiabatic  shear  band. 

There  is  yet  no  adequate  theory  t©  account  for  the  formation  of  this  highly 
localised,  thin  conical  layer  of  intense  shear.  We  have  no  ready  explanation 
why  conical  fragments  consistently  appear  in  l/l)  *  2  cylinders  of  the  MRC  « 

S3. 2  material  and  not  in  L/0  *  4,  and  neither  can  we  explain  why  the  adiabatic- 
shear-cone  phenomenon  lias  not  been  observed  in  any  of  the  less  hard  tempers . 

We  estimate  that  the  shear  layer  has  a  thickness  of  no  more  than  40  uin. 

(1  urn)  when  it  forms.  Since  numerical  codes  like  HUMP  operate  using  discrete 
sones  and  since  it  is  not  feasible  to  use  tone  sites  which  are  even  100  times 
the  shear  layer  thickness,  there  appears  iitt»e  possibility  at  this  time  that 
HUMP  and  other  similar  computer  codes  can  yield  insight  into  this  consistently 
occurring  phenomenon. 

Brittle  Fracture  in  HtU*  a  48.7  and  ittHi  *  lb . 8 

In  noth  of  these  tempers  brittle  fracture  occurs  at  Higher  velocities 
than  for  the  HRC  «  S3. 2  material.  As  the  impact  velocity  is  increased,  there 
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Figure  10  Polished  and  etched  axial  section  of  an  HOC  »  52.2  which 
had  been  impacted  at  978  ft/sec  (298  m/see).  (Before  sectioning 
this  cv Under  was  similar  to  that  shown  in  figure  9.)  Upper:  crack 
indicating  an  incomplete  conical  fracture  surface,  bower:  magni¬ 
fied  areas  near  cone  apex  showing  white  layer  on  crack  surfaces. 

Note  also  a  spike  of  white  layer  extending  left  to  right  from  the 
crack  surface  near  the  center  of  the  photomicrograph. 


is  some  ductile  deformation,  then  radial  cracking,  and  finally  fragments  form. 
For  the  HRC  =  48.7  material  only  L/D  =  2  was  tested.  Both  L/D  =  2  and  L/D  =  4 
were  tested  for  the  HRC  =  46.8.  The  velocity  thresholds  for  fracture  are 
approximately  1160  ft/sec  (354  m/sec)  and  1280  ft/sec  (390  m/sec)  for  the 
HRC  =  48.7  and  HRC  =  46.8,  respectively.  In  the  softer  of  the  two  materials 
threshold  values  for  both  L/D  values  are  similar. 

In  a  number  of  the  fractured  L/D  =  2  cylinders  for  both  tempers  we  found 
evidence  that  at  least  part  of  the  fracture  surface  was  in  the  shape  of  an 
inverse  cone  as  shown  schematically  in  Figure  11.  We  suspect  that  adiabatic 
shear  has  occurred  in  these  cylinders  but  scheduled  metal lographic  examinations 
have  not  yet  been  performed. 


Figure  11  Schematic  inverse  cone  as  observed 
in  HRC  a  48.7  and  HRC  =  46.8  cylinders. 


Ductile  Fracture 


Using  the  computer-assisted  technique  described  previously  and  illustrated 
in  Figure  3,  crack-threshold  perimeters  wore  determined  and  converted  to  equiv¬ 
alent  diameters  of  the  deformed  impact  faces .  The  diameter  data  were  then  con¬ 
verted  to  a  crack-threshold  strain;  The  strain  value  can  be  considered  to  be 
an  ultimate  strain,  analogous  to  a  short-gage  length  elongation  in  the  tensile 
tost.  The  results  are  shown  in  Table  V.  The  data  for  each  condition  were 
obtained  by  averaging  results  from  the  number  of  tests  shown  in  the  last /'column 
The  velocity  range  of  the  data  was  over  approximately  200  ft/soe  (61  m/sec). 
Note  that  the  standard  deviations  of  the  diameter  are  relatively  small  and  . 
are  no  wore  than  ±3.5%  of  the  diameter  value.  -■ 


The  natural  strains  are  shown  graphically  in  Figure  12.  Note  that  the 
discrepancy  between  L/D  *  2  and  L/D  «  4  increases  as  the  hardness  decreases  .  ; 
We  have  no  explanation  for  the  differences  in  fracture  strain  but  we  suspect 
that  the  differences  in  stress -state  may  exist  in  the  impact-face  rim  region 
of  the  two  L/D  values  and  those  differences  can  lead  to  different  fracture 
strains.  Resolution  of  this  problem  may  be  possible  when  a  suitable  fracture 
criterion  is  developed  for  the  HEMP  code.  Although  such  a  criterion  is  not 


Table  V  Cracking  Threshold  Diameter  and  Tangential 
Strain  at  Impact  Face  for  4340  Steel* 


HRC 

L/D 

Diam. 

and  Std.  Dev. 

D/D0 

Strain 

No.  of 

Value 

Ratio 

(in.) 

(mm) 

— 

Ratio 

Ln  D/Do 

Tests 

53.2 

2 

0.339+0.008 

8.60±0 

.20 

1.134 

0.127 

7 

53.2 

4 

.  351± 

.013 

8.91+ 

.33 

1.174 

.160 

7 

46.8 

2 

.  415± 

.009 

10.54+ 

.22 

1,388 

.328 

7 

46.8 

4 

.464± 

.012 

11.79+ 

.29 

1.553 

.440 

3 

44.0 

2 

.437+ 

.014 

11.10+ 

.36 

1.462 

.380 

10 

44.0 

4 

.506+ 

.016 

12.84+ 

.40 

1.691 

.526 

4 

40.7 

2 

.451  + 

.016 

11.46+ 

.40 

1.509 

.412 

7 

40.7 

4 

.512+ 

.016 

13.00+ 

.40 

1.712 

.558 

4 

58,2 

2 

.459+ 

.010 

11. 67± 

.25 

1.537 

.430 

5 

*Thoro  wero  insufficient  data  for  HRC  »  48.7, 


Figure  12  Dynamic  fracture  strains  for  4340  steel  of  various  tempers 


yet  available,  we  are  currently  studying  how  the  current  data  may  be  applied 
in  its  development. 

An  immediate  application  of  the  data  to  two-dimensional  code  studies  of 
the  Taylor  test  is  evident.  When  the  strain  at  the  impact-face  rim  reaches 
the  experimental  value,  the  two-dimensional  problem  is  completed  and  further 
time-steps  in  the  calculation  can  be  aborted.  In  the  case  of  the  4340  steel, 
the  data  of  Figure  12  would  serve  as  cut-off  criteria. 

CONCLUSIONS 


The  major  conclusions  from  this  combined  theoretical  and  experimental 
study  of  large  deformation  and  fracture  behavior  of  4340  steel  are  as  follows: 

1.  The  conventional  Taylor  test  is  an  unreliable  method  of  obtaining 
dynamic  flow  stress  data  for  high-strength  materials  such  as  4340  steel 
tomperod  below  800  F  (427  C). 

2.  The  HUMP  code,  using  the  static  value  of  the  compressive  stress  for 
0.5  true  strain  as  the  dynamic  flow  stress,  correctly  predicts  the  deformed 
lengths  and  the  impact-face  diameters  of  Tuylor  test  cylinders  of  4340  steel 
of  several  tempers. 

3.  There  is  a  characteristic  fracture  strain  for  4340  steel  which  can 
bo  determined  in  a  Taylor  tost.  There  are  still  unresolved  differences  in 
the  values  obtained  from  L/P  *  2  and  L/D  =  4  test  cylinders. 

4.  A  more  reliable  procedure  than  the  use  of  the  Taylor  formula  for  ob¬ 
taining  dynamic  flow  stresses  for  high-strength  materials,  would  be  a  combina¬ 
tion  of  Taylor- tost -type  experiments  together  with  theoretical  HUMP- code  studies. 
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